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aii,ai2,ai3 


A 


A.B,C,D 

A,B.C.D.E 

Ac 

Ag* 


A,* 


Am 

Ac 

Ar 

b 

b 

b 


B 

B 


Br 


Bo 

Bo 

BOchf 

Boicc 

BOucc 

Boo 

c 

Cpl 

Cs 

c 

Cii.Ci2,C2i,C22 


Cb 

Ce 

Cf 

Cg 

cf 

Co 

Cob 

Cos 

(dP/dz), 

(dP/dz)f 

(dP/dz)g 


magnitude  of  acceleration  vector 

constants  in  equation  to  calculate  drainage  hole  pitch 

for  internally  drained  condensers 

cross-sectional  area  of  flow  channel  or  radiator  surface 

constants  in  f/f^g  correlation 

coefficients  in  fluid  property  calculations 

condenser  area 

dimensionless  cross-section  occupied  by  gas  phase  in 
sualified  flow 

dimensionless  cross-section  occupied  by  liquid  phase  in 
stratified  flow 

reduction  in  cross-sectional  flov/  area  due  to  the  meniscus 
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ratio  of  solid  to  liquid  thermal  resistance  in  a  DlC 
evaporator 

coefficient  in  empirical  equation  for  f/f^j 
exponent  in  LCC  correlation  for  critical  neat  flux 
one-half  the  pitch  between  condenser  tubes  in  a  radiating 
panel 

two-phase  loss  coefficient 
radiator  fin  parameter 

ratio  of  evaporation  to  liquid  film  thermal  resistance  in 

a  DIG  evaporator 
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boiling  number 

boiling  number  at  CHF 

boiling  number  for  LCC  (CHFj 

boiling  number  for  UCC  (CHF) 

boiling  number  evaluated  at  zero  quality 

exponent  in  LCC  conelation  for  critical  heat  flux 

specific  heat  capacity  of  liquid  phase 

specific  heat  of  solid  wall  material 

contraction  coefficient 

constants  in  calculation  of  heat  transfer  in 

triangular  and  trapezoidal  grooves 

coefficient  in  f/f^g  correlation 

bearing  and  windage  torque  coefficient 

constant  in  equation  for  entrained  liquid  fraction  (Eq.  3-2) 

frictional  torque  coefficient 

coefficient  in  friction  factor  model  for  gas  phase 

coefficient  in  friction  factor  model  for  liquid  phase 

bubble  distribution  coefficient  in  drift-flux  model 

drift  flux  coefficient  for  bubbly  flow  regime 

drift  flux  coefficient  for  slug  flow  regime 

pressure  gradient  due  to  acceleration  (phase  change) 

frictional  pressure  gradient 

pressure  gradient  due  to  body  forces 


(m/s2) 

(m2) 

(m2) 

(m2) 

(m2) 


(m) 

(m-i) 


(J/kg-K) 

(J/kg-K) 


(-) 


(N-m) 


(N-m) 


(Pa/m) 

(Pa/m) 

(Pa/m) 
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Units 


(dP/dz)t 

total  pressure  gradient 

(Pa/m) 

d 

diameter  of  droplet 

(m) 

d 

depth  of  drainage  groove 

(m) 

D 

diameter  of  thin  film  spot  in  a  DIC  evaporator 

(m) 

D 

diameter  of  pipe 

(m) 

D 

drainage  hole  diameter 

(m) 

D 

pump  dimension 

(m) 

^coil 

effective  diameter  of  coil 

(m) 

dimensionless  hydraulic  diameter  for  gas  phase  in 
stratified  flow 

Dh 

Dh 

Dht 

Di 

D,* 


Ed 


Eu 

f 

l^CoLl 

fi 

fwg 

Iwl 

F 

F 

Fa 

Fe 


f; 

Fi 

F2 

F2 

F3 

Fr 

g 

G 

Gc 

Gest 

h 

h 

hjv 


flat  meniscus  hydraulic  diameter  (m) 

actual  meniscus  hydraulic  diameter  (m) 

hydraulic  diameter  in  heated  (evaporator)  tube  (m) 

hydraulic  diameter  for  heat  transfer  (m) 

diameter  of  the  vapor  core  in  annular  flow  (m) 

dimensionless  hydraulic  diameter  for  liquid  phase  in 
Stratified  flow 

hydraulic  diameter  for  pressure  drop  (m) 

enhancement  factor  for  forced  convection 
fraction  of  liquid  flow  entrained  as  droplets 
fraction  of  wall  heat  flux  to  fluid  heating 


fraction  of  total  heat  transfer  in  saturated  boiling  due 
to  forced  convection 

fraction  of  liquid  contained  in  the  liquid  slugs 

Darcy  friction  factor  AP  =  f  (-) 

correction  factor  for  coil  pressure  ^op 

friction  factor  at  gas-liquid  interface 

wall  friction  factor  for  single-phase  gas 

wall  friction  factor  for  single-phase  liquid 

multiplier  for  Reynolds  number  in  saturated  boiling  model 

view  factor  for  a  radiator 

constant  used  to  estimate  mass  flux  in  a  condenser  (m3/kg) 

entrance  effect  factor  in  CHF  correlation 

constant  used  to  estimate  mass  flux  in  a  condenser  (m3/kg) 

Froude  number  for  gas  phase,  jgPgO-5/[aD(;>i  •  Pg)l°‘  ^  (m/s2) 

quality  factor  in  CHF  correlation 
factor  in  CHF  correlation 
factor  in  CHF  correlation 

factor  in  calculation  of  condensing  Nusselt  number 
factor  in  CHF  correlation 
Froude  number 


gravitational  acceleration  on  earth  (=  9.8  m/s2)  (mys2) 

mass  flux  (kg/ra2-s) 

mass  flux  of  vapor  during  condensation  (k^m2-s) 

estimated  mass  flux  in  a  condenser  (k^m2-s) 

enthalpy  (J/icg) 

normalized  pump  head  (-) 

average  heat  transfer  coefficient  in  the  slug  flow  regime  (W/m2-K) 
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Pescriplion 

Units 

hb 

actual  heat  transfer  coefficient  in  a  fin 

(W/m2.K) 

he 

heat  transfer  coefficient  for  condensation 

(W/m2-K) 

heb 

one-dimensional  conduction  heat  transfer  coefficient 

(W/m2-K) 

hdic 

average  heat  transfer  coefficient  for  droplet  Impingement 

cooling 

(W/m2.K) 

hfb 

uniform  wall  temperature  heat  transfer  coefficient 

(W/m2-K) 

hfc 

heat  transfer  coefficient  in  forced  convection 

(W/m2-K) 

hfg 

latent  heat  of  vaporization 

(J/kg) 

H 

latent  heat  of  vaporization 

(J/kg) 

hi 

liquid  level  in  pipe  for  stratified  flow  regime 

(m) 

hob 

heat  transfer  coefficient  in  nucleate  boiling 

(W/m2-K) 

hob' 

coefficient  in  nucleate  boiling  model 

(W/m2-K2) 

hip 

total  two-phase  heat  transfer  coefficient 

(W/m2-K) 

normalized  single-phase  pump  head 

(-) 

normalized  two-phase  pump  head 

(-) 

h2 

heat  transfer  coefficient  on  secondary  side  of  condensing 

interface  heat  exchanger 

(W/m2-K) 

h* 

dimensionless  liquid  level  in  stratified  pipe  flow 

H 

heated  perimeter  in  evaporator  tube 

(m) 

H 

contoured  fin  height 

(m) 

H 

pump  head 

(N-m/kg) 

Hi 

total  liquid  fraction 

Hif 

liquid  fraction  in  the  film  for  annular  flow 

Hr 

rated  pump  head 

(N-m/kg) 

I 

pump  moment  of  inertia 

(kg-ra2) 

j 

total  volumetric  flux  or  mixture  velocity  (L  +  ji) 

(m/s) 

jg 

gas  phase  volumetric  flux  (Q  JA)  or  su^mcial  velocity 
liquid  phase  volumetric  flux  (Qj/A)  or  superficial  velocity 

(m/s) 

ji 

(m/s) 

Jlcuc 

cutoff  criterion  for  liquid  phase  superfici^  velocity 

(Eq.  2-13) 

(m/s) 

la 

Jakob  number.  CpilTja,  -  Tf)/hfg 

k 

coefficient  for  drift  velocity  in  drift-flux  model  or 
coefficient  for  turbulence  in  slug-to-bubbly  flow  regime 
transition  model 

kb 

drift  flux  coefficient  for  bubbly  flow  regime 

kfiD 

thermal  conductivity  of  a  radiator  fin 

(W/m-K) 

ki 

thermal  conductivity  of  liquid  phase 

(W/m-K) 

ks 

thermal  conductivity  of  solid  wall  material 

(W/m-K) 

K 

drift  flux  coefficient  for  slug  flow  regime 

kspi 

single-phase  loss  coefficient 

kw 

thermal  conductivity  of  solid  wall  material 

(W/m-K) 

K 

phase  slip  coefficient 

K 

groove  friction  coefficient  K  =  f  Re 

(-) 

Kg 

Kutateladze  number  for  gas  phase,  jop„o  -  ^/[gofpi  -  p„)]0-  25 

L 

length 

(m) 

L 

fin  half  pitch 

(m) 

Lb 

length  of  a  Taylor  bubble  in  the  slug  flow  regime 

(m) 

Lc 

condensing  length 

(m) 

XV 


Le  groove  length  (ra) 

Lg  length  of  a  liquid  slug  (m) 

Lgc  length  of  subcooled  region  in  the  evaporator  (m) 

Lgg  distance  into  wall  beyond  thermal  oscillations  (m) 

Lgub  subcooled  length  in  a  condenser  (ra) 

Ltot  length  of  gas  bubble  plus  liquid  slug  (ra) 

L,o,  total  length  of  condenser  (L,p  +  Lgp)  (m) 

L*  dimensionless  length  of  evaporator  (L/Dj,) 

m  exponent  in  friction  factor  model  for  gas  phase 

mg  magnitude  of  spacecraft  acceleration  (g's) 

nio  fraction  of  cross-section  occupied  by  liquid  film 

m  condensate  flow  rate  per  unit  groove  length  (kg/m) 

thvap  fnass  flow  rate  of  vapor  (kg/s) 

iTitot  total  mass  flow  rate  (kg/s) 

surrounding  a  bubble  in  the  slug  flow  regime 
M  ratio  of  superficial  phase  velocities,  j/jg 

Mh  pump  head  degradation  multiplier  (■) 

MW  molecular  weight  (kg/kg-mole) 

n  exponent  in  friction  factor  model  for  liquid  phase 

n  exponent  in  UCC  CHF  correlation  (-) 

n  the  number  of  active  radiating  sides  on  a  radiator  panel 

(1  or  2) 

N  pump  rotational  speed  (rad/s) 

Nr  rated  pump  rotational  speed  (rad/s) 

Ng  pump  specific  speed  (-) 

Ni  total  number  of  turns  in  coil  (-) 

Np  pump  torque  degradation  multiplier  (-) 

Nu  Nusselt  number  (-) 


NUb  Nusselt  number  for  bubbles  in  slug  flow  regime 

NUc  Nusselt  number  for  condensation 

NUfc  Nusselt  number  in  forced  convection  heat  uansfer 

Nujo  Nusselt  number  calculated  for  liquid-only  flow 

NUnb  Nusselt  number  in  nucleate  boiling  heal  transfer 

Nuj  Nusselt  number  for  liquid  in  a  slug 

Nu,p  Nusselt  number  in  single-phase  forced  convection  heat 

transfer 

NUtp  Nusselt  number  in  nucleate  boiling  heat  transfer 


p  power  (Watts) 

p  pressure  (Pa) 

P  power  (Watts) 

P  pressure  (Pa) 

P  drainage  hole  pitch  (m) 

Pait  critical  pressure  (Pa) 

Pj  tube  internal  perimeter  (m) 

Pr  reduced  pressure  (P/Pcrit) 

Psat  saturation  pressure  (Pa) 

Px  external  perimeter  of  a  condensing  tube  (m) 
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Symbol 

Description 

Units 

AP* 

dimensionless  pressure  drop 

APj 

pressure  drop  due  to  acceleration  (phase  change) 

(Pa) 

AP,* 

dimensionless  pressure  drop  due  to  acceleration 

APa* 

pressure  drop  due  to  acceleration  (phase  change)  in 

two*phase  region  of  evaporator 

(Pa) 

APcoil 

evaporator  pressure  drop  including  coiling  effects 

(Pa) 

AP 

“^evap 

total  pressure  drop  in  evaporator  (AP,p  +  APgp) 

(Pa) 

APf 

frictional  pressure  drop 

(Pa) 

APfe 

frictional  pressure  drop  in  two-phase  region  of  evaporator 

(Pa) 

APfe* 

dimensionless  frictional  pressure  drop  in  two-phase  region 
of  evaporator 

AP„ 

pressure  drop  due  to  body  forces 

(Pa) 

APge 

pressure  drop  due  to  body  forces  in  two-phase  region  of 

evaporator 

(Pa) 

APge* 

dimensionless  pressure  drop  due  to  body  forces  in  two-phase 
region  of  evaporator 

APsai 

difference  between  saturation  pressures  at  fluid  and  heated 

wall  temperatures 

(Pa) 

AP,p 

pressure  drop  in  single- phase  region  of  evaporator  or 

condenser 

(Pa) 

APt 

pressure  drop  due  to  taper 

(Pa) 

APt 

pressure  drop  in  a  mixing  tee 

APtot 

total  pressure  drop  in  a  shear  condenser 

(Pa) 

APtp 

total  pressure  drop  in  two*phase  region  of  evaporator  or 

condenser 

(Pa) 

Pe 

Peclet  number 

Pri 

Prandtl  number  of  the  liquid  phase,  /kj 

q 

total  evaporator  heat  load 

(W) 

q 

normalized  pump  flow  rate 

(-) 

qsD 

total  heat  transferred  in  the  single-phase  regime 

(W) 

q”^ 

linear  rate  of  heat  transfer 

(W/m) 

q" 

heat  flux 

(W/m2) 

q"chf 

critical  heat  flux  (CHF) 

(W/m  2) 

ff 

4  CUV 

absorbed  orbital  average  heat  flux 

(W/m  2) 

q"fc 

portion  of  wall  heat  flux  attributed  to  forced  convection 

boiling 

(W/m  2) 

q"icc 

value  of  CHF  calculated  by  LCC 

(W/m2) 

q"iffix 

maximum  wall  heal  flux  in  the  evaporator 

(W/m  2) 

q"sub 

portion  of  wall  heat  flux  attributed  to  subcooled  boiling 

(W/m  2) 

q  ucc 

value  of  CHF  calculated  by  UCC 

(W/m  2) 

Q 

pump  volumetric  flow  rale 

(m3/s) 

Qc 

condensation  rate 

(W) 

Or 

rated  pump  flow  rate 

(m3/s) 

Tb 

radius  of  bubble  at  the  onset  of  nucleate  boiling 

(m) 

^cril 

radius  of  vapor  bubble  at  ONB 

(m) 

Ti 

inner  radius  of  coil  (at  tube  centerline) 

(m) 

To 

outer  radius  of  coil  (at  tube  centerline) 

(m) 

R 

radius  of  curvature  of  a  pipe  bend 

Ri,R2 

radii  of  curvature  of  the  meniscuses  on  the  fin  top  and 

groove 

(m) 

xvu 


SymlM 


R. 

R«v 

Rg 

K  * 

Ri* 

R„ 


Re 

Rcb 

Red 

Rcf 

Re. 


Re 

Re 


g* 


JC 


Re 


jd 


Re* 


Re 

Re' 


jp 

■ju 


Rein, 

Reio 

Reis 

RCn, 

Re. 

Re,p 

S 

S 

s  * 

Si* 


Si* 


S. 

St 

t 


Description 


■Uniis 


thermodynamic  ratio  in  high  vapor  shear  condenser 

thermodynamic  ratio  in  forced  convection  evaporator 

thermal  resistance  due  to  evaporation 

gas  constant  for  the  vapor  phase 

void  fraction  parameter  for  calculating  stratified  flow 

transition  (Table  2.2) 

liquid  fraction  parameter  for  calculating  stratified 

flow  transition  (Table  2.2) 

ratio  of  pressure  drop  to  maximum  pressure  drop 


pressure  drop  ratio  which  corresponds  to  a  receding 
meniscus 

flow  Reynolds  number 

effective  Reynolds  number  in  nucleate  boiling 
Reynolds  number  for  a  liquid  droplet  (=  piVdy/i]) 

Reynolds  number  for  liquid  phase,  based  on  inlet  velocity. 
GD/Pi 


Reynolds  number  for  gas  phase,  based  on  actual  velocity, 

pgbug//Xg 

Reynolds  number  for  gas  phase,  based  on  superficial 
velocity.  pgDjg/p„ 

two-phase  Reynolds  number  based  on  flow  in  the 
vena  contracta 

two-phase  Reynolds  number  based  on  downstream 
conditions 

two-phase  Reynolds  number  based  on  pipe  fiow 
two-phase  Reynolds  number  based  on  upstream  conditions 
Reynolds  number  for  liquid  phase,  based  on  inlet  velocity, 
GD/pi 

Reynolds  number  based  on  mixture  density 
Reynolds  number  calculated  for  liquid-only  flow  (GDij/pj) 
Reynolds  number  for  liquid  phase,  based  on  superficial 
velocity,  piDji/pi 

Reynolds  number  for  a  homogeneous  two-phase  mixture 

Reynolds  number  of  liquid  in  a  slug 

two-phase  Reynolds  number,  based  on  mixture  velocity. 


PnPj/M 

suppression  factor  in  saturated  boiling  model 
contoured  fin  surface  length 

dimensionless  perimeter  in  contact  with  gas  phase  for 
stratified  flow 

dimensionless  contact  length  between  gas  and  liquid  phases 
for  stratified  flow 

dimensionless  perimeter  in  contact  with  liquid  phase  for 

stratified  flow 

wetted  perimeter 

Stanton  number,  Nu/RefFr; 

time 

time  between  droplets  in  a  DIG  evaporator 


(m^-KAV) 

(J/kg-K) 


(■) 

(-) 

(-) 


(m) 


(m) 

(sec) 

(s) 
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SmM 

Desenption 

Units 

effective  one-diraensional  wall  thickness 

(m) 

^v»p 

evaporation  time  for  the  liquid  film  in  a  DIC  evaporator 

(s) 

kw 

radiator  fin  thickness 

(m) 

tw 

thickness  of  condenser  wall 

(m) 

T 

pump  torque 

(N*m) 

Tb 

bearing  and  windage  torque 

(N-m) 

Tcrit 

critical  temperature 

(K) 

Tf 

fluid  temperature 

(K) 

Tf 

frictional  torque 

(N-m) 

Tr 

radiator  temperature  for  condenser 

(K) 

Tr 

rated  pump  torque 

(N-m) 

T„, 

saturation  temperature 

(K) 

"^sub 

temperature  of  subcooled  liquid 

(K) 

Tv 

vapor  temperature 

(K) 

Tw 

wall  temperature 

(K) 

T 

‘  Wl 

temperature  at  the  inside  wall  of  a  condenser  tube 

(K) 

Tvwoob 

wall  temperature  in  evaporator  at  ONB  transition 

(K) 

Tw* 

average  effective  radiating  temperature 

(K) 

T2 

temperature  of  heat  sink  for  radiation 

(K) 

T2 

temperature  on  secondary  (coolant)  side  of  condenser 

(K) 

TR 

reduced  temperature  (TR  =  T/Tcnt) 

(•) 

ATchf 

wall  superheat  at  CHF 

(K) 

effective  wall  superheat 

(K) 

change  in  fluid  temperature  due  to  heat  input 

(K) 

AT^ak 

peak  wall  superheat 

(K) 

AT^t 

difference  between  saturation  and  fluid  temperatures 

(T^  -  Tf) 

(K) 

ATjub 

difference  between  wall  and  saturation  temperatures 

(Tw  ■  Tjjf) 

(K) 

ATw 

temperature  difference  between  tube  inner  and  outer 

surfaces 

(K) 

'^bo 

velocity  of  a  vapor  bubble  in  the  condenser 

(m/s) 

Uf 

actual  velocity  of  liquid  phase  (j/fl-ot)). 

(m/s) 

actual  velocity  of  vapor  phase  (J^a). 

(m/s) 

ratio  of  total  pipe  area  to  area  occupied  by  gas  phase 

uf* 

ratio  of  total  pipe  area  to  area  occupied  by  liquid  phase 

V 

velocity 

(m/s) 

'^fg 

difference  between  liquid  and  gas  phase  specific  volume 

(Vg  -  V,) 

(m3/kg) 

gas  phase  specific  volume 

(m3/kg) 

Vl 

liquid  phase  specific  volume 

(m3/kg) 

V* 

dimensionless  velocity 

(-) 

V 

droplet  velocity  in  a  DIC  evaporator 

(m/s) 

Ve 

critical  velocity  for  onset  of  liquid  enuainraeni 

(m/s) 

V. 

flow  velocity  averaged  over  the  actual  cross-section 

(m/s2) 

Vg 

flow  velocity  averaged  over  the  full  groove  area 

(m/s2) 

Vs 

velocity  of  liquid  slugs 

(m/s) 

V 

00 

bubble  velocity  for  drift  flux  model  in  bubbly  regime 

(m/s) 

Symbol 


Desfiripiion 


Unim 


w  mass  flow  rate  (kg/s) 

W  groove  characteristic  length  (m) 

Wc  condenser  width  (m) 

Wf  terminal  groove  side  length  (m) 

We  Weber  number 

Wej  Weber  number,  based  on  mixture  velocity,  p*Dj2/a 

X  quality  (fraction  of  two-phase  mass  flow  which  is  vapor) 

X  groove  coordinate  in  x-diiection  (m) 


Xj^f  effective  inlet  quality  for  CHF 

XiH  inlet  evaporator  quality 

Xq  quality  at  evaporator  outlet  or  conuenser  inlet 

Xj  quality  at  transition  from  annular  to  slug  flow 

Xj  quality  at  the  transition  from  annular  to  slug  flow 

X  Martinelli  parameter 

Xa  Martinelli  parameter  in  the  annular  flow  regime 

Xj  Martinelli  parameter  in  the  slug  flow  regime 

X„  Martinelli  parameter  assuming  turbulent  gas  and  liquid  phases 

Ax  Change  in  quality 

y  groove  coordinate  in  y-direction  (m) 

Y  Shah's  correlating  parameter 

Y  dimensionless  acceleration  vector  parameter 

Yj  acceleration  vector  parameter  for  ^e  annular  flow  regime 

Yj  acceleration  vector  parameter  in  the  slug  flow  regime 


t  arbitrary  position  or  length  coordinate  (m) 

z  groove  longitudinal  coordinate  (m) 

Zeff  effective  distance  from  inlet  for  CHF  (m) 

z,p  distance  from  beginning  of  single-phase  region  in  the 

condenser  (m) 

z*  dimensionless  length  increment,  i*  =  z/D 

Az  segment  length  (m) 


Greek 


a 

a 

Oc 

Of 

0^1 


a\c 

Co 


void  fraction  (-) 

groove  half  angle  for  triangular  grooves  (°) 

groove  aspect  ratio  for  rectangular  and  trapezoidal  grooves  (-) 
critical  void  fraction  defining  a  flow  regime  transition 
terminal  aspect  ratio  for  meniscus  height  (-) 

liquid  fraction  (f'^ction  of  two-phase  volumeuic  flow 
which  is  liquid) 
critical  liquid  fraction 

initial  aspect  ratio  for  meniscus  height  (-) 

thermal  diffusitivity  of  solid  wall  matenal  (k/pjCj)  (m^/s) 

ratio  of  calculated  to  input  heat  flux  in  evaporator 
droplet  spread  ratio  in  a  DIC  evaporator  (=  d/D) 
normalized  pump  torque  (-) 

normalized  single-phase  pump  torque  (-) 


XX 


Symbol 

I^scriptioti 

^2(l> 

normalized  two‘phase  pump  torque 

(-) 

y 

wetted  area  fraction  in  a  DIC  evaporator 

y 

meniscus  contact  angle 

(") 

yf 

terminal  meniscus  contact  angle 

n 

yo 

initial  meniscus  contact  angle 

n 

5 

film  thickness 

(m) 

So 

thickness  of  liquid  film  at  condenser  inlet 

(m) 

initial  film  thickness  in  a  DIC  evaporator 

(m) 

Sit) 

film  thickness 

(m) 

5^ 

dimensionless  film  thickness 

e 

emissivity  of  radiator  surface 

Cr 

pipe  wall  roughness 

(m) 

n 

radiating  fin  efficiency 

n 

ratio  of  evaporation  time  to  time  between  droplets  in  a 
DIC  evaporator 

n 

fin  efficiency 

(-) 

d 

angle  between  acceleration  vector  and  flow  direction 

0“  =  colinear  (downflow  on  earth) 

90°  =  perpendicular  (horizontal  on  earth) 

180°  s  opposing  (upflow  on  earth) 

(°) 

e 

groove  base  angle  for  me  trapezoidal  groove 

n 

®evap 

dimensionless  evaporation  time 

A 

dimensionless  fluid  property  parameter,  Pi^/Dpitr 

Ocg/m-s) 

M 

dynamic  viscosity  of  liquid 

Mg 

gas  phase  viscosity 

(kg/m-s) 

Ml 

Uquid  phase  viscosity 

(kg/m-s) 

Mm 

viscosity  of  a  two-phase  mixture 

(kg/m-s) 

Mw 

liquid  viscosity  at  wall  temperature 

(kg/m-s) 

M 

average  viscosity  of  two-phase  mixture 

(kg/m-s) 

V 

kinematic  viscosity  of  liquid 

(m2/s) 

Vl 

kinematic  viscosity  of  the  liquid  phase 

(m2/s) 

p 

density  of  liquid 

(kg/m3) 

Pc 

density  of  two-phase  mixture  in  droplet  flow 

(kg/m3) 

Pc* 

ratio  of  droplet  mixture  density  to  gas  density  {pjp^) 

Pi 

gas  phase  density 

(kg/m3) 

Pi 

liquid  phase  density 

(kg/m3) 

Pis 

mixture  density  in  the  liquid  slugs 

(kg/m3) 

Pm 

density  of  two-phase  mixture 

(kg/m3) 

Pm 

mixture  density  of  two-phase  fluid 

(kg/m?) 

Pr 

rated  pump  fluid  density 

(kg/m3) 

Ps 

density  of  the  solid  wall 

(kg/m3) 

P* 

ratio  of  phase  densities,  py'pg 

a 

surface  tension 

(N/m) 

<^0 

Stefan-Boltzmann  constant 

(W/m2-K4) 

T 

wall  shear  stress 

(Pa) 

T, 

shear  stress  at  gas-liquid  interface 

(Pa) 

Tw 

wall  shear  suess 

(Pa) 

P 

wall  heat  flux  in  evaporator 

(Watts/m  2) 

XXI 


empirical  factor  which  multiplies  the  calcuiated  heat  flux 
in  the  slug  flow  regime 

two-phase  multiplier,  ratio  of  two-phase  to  single-phase 
gas  pressure  gradient 
two-phase  multiplier  for  pressure  losses 
normalized  pump  speed 


Subscripts 


vena  conuacta 

critical  value  of  a  parameter  which  corresponds  to  a 

flow  regime  transition 

downsueam 

friction  in  annular  flow  (refers  to  a  pressure  gradient) 
friction  in  bubbly  flow  (refers  to  a  pressure  gradient) 
fully  developed  boiling 

friction  in  slug  flow  (refers  to  a  pressure  gradient) 
friction  in  stratified  flow  (refers  to  a  pressure  gradient) 
body  forces  in  annular  flow  (refers  to  a  pressure  gradient) 
body  forces  in  bubbly  flow  (refers  to  a  pressure  gradient) 
body  forces  in  stratified  flow  (refers  to  a  pressure  gradient) 
body  forces  in  slug  flow  (refers  to  a  pressure  gradient) 
insert 
inlet 
inlet 

local  conditions  correlation 
exit 

onset  of  nucleate  boiling 
pipe 

single-phase  liquid 

total  gradient  in  annular  flow  (refers  to  a  pressure  gradient) 
total  gradient  in  bubbly  flow  (refers  to  a  pressure  gradient) 
total  gradient  in  slug  flow  (refers  to  a  pressure  gradient) 
total  gradient  in  stratified  flow  (refers  to  a  pressure  gradient) 
total  gradient  in  regime  x  (refers  to  a  pressure  gradient) 
upstream 

upstream  conditions  correlation 
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nmoDucnoN  to  the  design  manual 


1.1  Purpc^ 

This  design  manual  presents  methods  to  design  and  model  the  perfcrmance  of  key 
two-phase  components  in  thermal  management  systems  for  spacecraft  Figures  1.1  and  1.2  are 
schematic  illustrations  of  mechanically  pu  nped  and  capillary  pumped  two-phase  thermal 
loops.  The  key  components  of  these  loops  include: 

•  Evaporatois 

•  Transport  lines 

•  Condensers 

•  Mechanical  pumps 

Condensers  in  heat  pipes  are  also  addressed  by  the  capillary  condenser  methods. 

The  analysis  methods  presented  here  apply  to  various  approaches  to  these  components. 
Each  method  concerns  a  fundamental  and  general  unit  of  the  system  component  —  for 
example,  a  single  tube  in  a  forced  convection  evaporator  or  shear  condenser.  These  methods 
can  be  used  for; 

•  Component  design  and  sizing. 

•  Analysis  of  component  performance  in  system  or  component  development  tests, 

•  Development  and  evaluation  of  analytic  models  for  key  phenomena,  and 

•  Integration  with  transient  codes  for  system  analysis. 

As  an  example  of  the  integration  with  transient  codes,  the  flow  regime  methods  described  here 
in  Section  2  have  already  been  implemented  in  the  recent  releases  of  SINDA/FLUINT 
(Culliraore  et  al.,  1987)  and  ESATAN/FHTS  (Stock  et  al..  1991). 


1.2  Approach 

The  basic  analytical  approach  in  each  method  presented  here  is  mechanistic.  That  is, 
the  models  of  the  components  are  based  upon  fundamental  physics  rather  than  empirical 
relationships  such  as  correlations.  Thus,  these  models  include  the  inherent  scaling  of  the 
results  with  gravity,  physical  size,  and  fluid  properties.  In  these  mechanistic  models, 
correlating  elements  are  at  a  secondary  level  of  detail,  for  example  as  modelling  parameters 
describing  interfacial  friction  relationships  for  the  pressure  drop,  in  contrast  to  a  direct 
empirical  correlation  of  pressure  drop.  This  provides  a  basic  structure  to  the  models  which 
does  not  change,  though  values  of  the  modelling  parameters  can  be  later  refined  as 
experimental  data  become  available. 

The  analysis  approach  also  includes  the  ability  to  assess  the  analytical  uncertainly. 

That  is,  ranges  of  the  modelling  parameters  which  correspond  to  physical  limits  are  identified. 
An  example  is  a  smooth  gas-liquid  interface  to  describe  the  interfacial  friction  relationship  in  a 
pres.sure  drop  model.  The  designer  can  assess  the  sensitivity  of  his  results  to  the  range  of 
uncertainty  in  these  modelling  parameters.  On  that  basis,  he  can  determine  whether  further 
refinement  of  a  particular  model  is  important  or  unnecessary  in  his  application. 
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Simple  design  maps  are  presented  where  feasible.  Tne.se  can  be  used  for  initial  scoping 
calculations  in  sizing  two-phase  components. 

Finally,  the  design  methods  have  been  validated  against  experimental  data  to  the  extent 
that  data  are  available.  Each  section  of  this  report  presents  the  validation  comparisons 
performed  with  each  model.  In  some  areas,  the  validation  i.s  extensive.  In  others,  additional 
work  can  be  identified.  In  this  way,  the  work  described  here  can  focus  additional  raicrogravity 
experimental  research  on  the  key  issues. 


1.3  Contents 

Table  l.l  summarizes  the  design  methods  included  in  this  report.  The  methods  have 
been  significantly  upgraded  and  expanded  compared  with  an  earlier  version  of  the  design 
manual  (Crowley  and  Izenson,  1989).  The  table  lists  the  nine  topics  addressed,  the  function  of 
the  design  method,  and  the  application  to  specific  components  of  two-phase  thennal 
management  systems.  Each  section  of  the  design  manual  deals  with  one  of  these  areas. 


1.4  Corresponding  Software 

Table  1.1  also  identifies  a  corresponding  software  item  for  each  topic  (section)  in  this 
manual.  References  for  this  software  are  listed  in  Appendix  B  of  this  manual.  Validation  of 
these  programs  by  comparison  with  experimental  data  is  presented  in  the  corresponding 
chapter  of  this  manual.  The  software  generally  consists  of  small  (100  kB  or  less)  easy-to-use 
programs,  written  in  standard  FORTRAN,  which  are  readily  transportable  to  various  ^rsonal 
computers.  Executable  versions  for  IBM  DOS  and  compatibles  as  well  as  Macintosh  Ilci 
computers  with  math  coprocessors  are  available,  and  the  source  code  can  be  readily  compiled 
on  other  hardware.  Persons  interested  in  obtaining  the  software  should  contact  the  authors. 
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TRANSPORT  LINES:  Flow  Regime  Methods 


Most  two-phase  thermal  management  systems  for  spacecraft  include  gas  and  liquid 
flow  in  the  transport  line  between  the  evaporator  and  condenser  components  or  in  the 
condenser/radiator  component.  Mechanically  pumped  systems  permit  two-phase  flow  at  the 
evaporator  exit  Others,  such  as  capillary  pumped  loops  (CPLs)  or  droplet  impingement 
cooling  (DIG)  devices,  have  single-phase  flow  at  the  evaporator  exit,  but  two-phase  flow 
occurs  downstream  in  the  transport  line  because  heat  losses  lead  to  condensate  formation 
between  the  evaporator  and  the  condenser. 

The  purpose  of  this  section  of  the  design  manual  is  to  provide  methods  for  determining 
the  two-phase  flow  regime  in  piping.  Knowledge  of  the  flow  regime  is  crucial  to  the 
calculation  of  the  pressure  drop  and  void  fraction.  (See  Section  3  of  this  design  manual.) 

Void  fraction  -  or  liquid  inventory  -  is  especially  important  when  calculating  transient  system 
behavior. 


Section  2.1  summarizes  the  flow  regime  methods  and  discusses  their  applications. 


Section  2.2  describes  the  methods  and  presents  the  basic  equations  behind  each  of  three 
flow  regime  transition  boundaries  which  define  the  four  flow  regime  domains.  The  equations 
include  sufficient  detail  that  the  designer  can  recreate  the  flow  regime  maps  shown  here,  either 
in  dimensional  or  dimensionless  form.  The  software  called  MICROREG  (Crowley,  1992) 
developed  on  this  project  uses  Uie  methods  and  equations  presented  in  this  section. 


Section  2.3  presents  dimensionless  design  maps  for  the  flow  regime  determination. 

The  user  does  not  need  to  know  the  details  of  the  theory  and  can  determine  the  flow  regime 
quickly  by  hand  using  the  procedures  described  in  this  section.  The  designer  approaches  the 
flow  regime  calculations  with  knowledge  of  the  phase  flow  rates,  physied  geometry,  and  fluid 
conditions.  The  designer  can  then  calculate  a  few  dimensionless  parameters,  plot  points  on 
simple  maps,  and  determine  the  flow  regime  very  quickly. 


Finally,  Section  2.4  compares  the  flow  regime  maps  for  the  recommended  design 
methods  against  data  from  various  microgravity  experiments. 


A  key  feature  of  the  design  methods  recommended  here  is  that  they  are  applicable  to  a 
wide  range  of  acceleration  levels,  including  earth  gravity  and  microgravity,  and  all 
’  inclinations".  The  upper  limit  on  the  acceleration  level  would  be  the  point  where  fluid 
properties  vary  significantly  across  the  flow  channel  due  to  hydrostatic  pressures.  Once  the 
flow  regime  is  selected  from  four  possible  choices,  the  pressure  drop  specific  to  that  regime 
can  then  be  calculated  (see  Section  3). 


2.1  Summary  of  Flow  Regime  Methods  and  Applications 

A  particular  flow  pattern  occurs  only  for  limited  ranges  of  gas  and  liquid  flow.  The 
gas/liquid  flows  which  mark  the  transition  from  one  regime  to  another  are  called  regime 
transitions.  Regime  transitions  are  calculated  using  mechanistic  models  for  the  dominant 
forces  which  shape  the  flow  patterns. 
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2.1.1  Summary  of  Uie  Flow  Regimes  and  Transitioas 

Figure  2.1  illustrates  the  four  primary  flow  patterns  of  interest  for  two-phase  flow  in 
pipes.  The  patterns  include: 

•  Suatified, 

•  Slug, 

•  Annular,  and 

•  Bubbly. 

These  patterns  are  referred  to  as  "flow  regimes": 

•  In  the  annular  regime  the  vapor  flows  as  a  continuous  gas  core,  and  the  liquid 
flows  as  a  thin  film  on  the  wall  of  the  pipe.  This  is  perhaps  the  most  important 
flow  regime  for  thermal  management  systems  in  microgravity. 

•  In  the  stratified  regime  body  forces  due  to  gravity  segrega're  the  gas  and  liquid 
phases.  Liquid  flows  near  the  bottom  of  the  pipe  and  the  gas  fiows  near  the  top. 
This  regime  does  not  occur  in  a  "vertical''  pipe  on  the  ground.  On  a  spacecraft, 
the  acceleration  must  have  a  strong  component  perpendicular  to  the  axis  of  the 
pipe  for  this  flow  regime  to  occur.  Often,  the  flow  conditions  of  interest  produce 
stratified  flow  at  eai^  gravity,  but  annular  flow  in  microgravit^'  for  the  same 
conditions. 

•  In  the  slug  regime,  the  vapor  forms  long  bubbles  so  that  the  vapor  phase  is  not 
continuous  in  the  axial  (flow)  direction,  but  is  separated  by  liquid  slugs.  Vapor 
bubbles  many  pipe  diameters  in  length  occur  and  may  be  either  asymmeuical  or 
symmetrical  with  respect  to  the  central  axis  of  the  pipe. 

•  In  the  bubbly  regime,  the  vapor  flows  as  discrete  bubbles  within  the  liquid  phase. 

The  key  to  determining  the  flow  regime  is  to  first  identify  the  dominant  forces  acting 
on  the  fluid.  Balances  between  the  dominant  forces  are  then  used  to  describe  the  boundaries 
(the  transitions)  between  the  four  flow  patterns  described  above.  Three  flow  regf.ie 
transitions; 

•  Stratified  to  nonstratified, 

•  Slug  to  bubbly,  and 

•  Slug  to  annular. 

bound  the  four  flow  regimes.  These  three  transitions  depend  upon  different  balances  of  forces. 
Figures  2.2  and  2.3  show  sample  flow  regime  maps  in  coordinates  of  superficial  velocity 
(Figure  2.2)  and  mass  flux  and  quality  (Figure  2.3)  for  earth  gravity.  Both  maps  display  the 
three  regime  boundaries  and  the  regions  corresponding  to  each  of  the  four  flow  regimes. 
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Figure  2. 1 .  ILLUSTRATING  FLOW  PATTERNS  (REGIMES)  OF  INTEREST 
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SUPERFICIAL  GAS  VELOCITY,  (m/s) 


Figure  2.2.  SAMPLE  FLOW  REGIME  MAP  IN  SUPERFICIAL  VELOCITY  COORDINATES 


Figure  2.3.  SAMPLE  FLOW  REGIME  MAP  IN  MASS  FLUX  AND  QUALITY  COORDINATES 
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2.1.2  Summary  of  Regiros  Traosition  Models 

This  design  manual  uses  mechanistic  models  for  each  of  these  flow  regime  transitions. 
In  contrast  to  empirical  correlations,  the  mechanistic  approach  considers  the  governing  physics 
for  each  transition.  Therefore  the  mechanistic  models  should  scale  well  with  all  acceleration 
magnitudes  (g-levels)  and  directions.  The  three  basic  forces  and  force  balances  to  consider  in 
the  determination  of  the  flow  regimes  include: 

•  Balance  of  buoyancy  and  inertia  forces, 

•  Balance  of  surface  tension  and  inertia  forces,  and 

•  Balance  of  surface  tension  and  buoyancy  forces. 

The  dimensionless  Froude  number,  Weber  number,  and  Bond  number  represent  these  three 
force  balances,  respectively.  Models  for  regime  transitions  which  consider  the  balances  of 
buoyancy  and  inertia  forces  include  Taitel  and  Dukler  (1976).  Bamea  (1986),  and  Dukler  et  al. 
(1987).  Models  which  consider  the  balances  involving  surface  tension  include  Lee  and  Best 
(1987)  and  Bamea  et  al.  (1983). 

There  is  a  tendency  in  current  literature  to  draw  a  distinction  between  flow  regime 
models  for  earth  gravity  and  for  microgravity.  However,  based  upon  the  experiment^ 
evidence  presented  thus  far,  we  find  that  the  models  developed  for  earth-gravity  conditions 
reduce  to  the  appropriate  limits  for  microgravity  conditions  without  resorting  to  separate 
models.  Reddy  Karri  (1988)  and  Revankar  (1989)  provide  examples  for  selected  flow  regime 
transitions.  In  this  design  manual,  all  of  the  significant  regime  u^sitions  at  earth  gravity  scale 
properly  to  raicrogravity  conditions,  hence  a  single  set  of  flow  regime  U'ansitions  applies  at  all 
acceleration  levels  and  angles  between  the  body  force  and  the  flow  direction.  Table  2. 1 
summarizes  the  models  recommended  for  the  design  manual. 

To  determine  the  flow  regime  using  these  models,  the  basic  data  supplied  by  the 
designer  should  include:  the  fluid  properties,  the  pipe  size,  the  acceleration  (magnitude  and 
direction),  and  the  volumetric  flow  rales  of  the  gas  and  the  liquid  phases. 

The  methods  in  this  section  apply  to  adiabatic  flow  in  pipes  of  uniform,  circular 
cross-section.  Alternate  geometries  such  as  square  or  rectangular  channels  must  be  treated 
separately.  The  methods  also  assume  that  the  liquid  phase  wets  the  material  of  the  wall.  If  the 
liquid  does  not  wet  the  wall  surface  (such  as  mercury  in  a  glass  tube  for  example),  then  the 
flow  regimes  and  pressure  drop  models  may  be  different  than  described  here. 

Extensive  comparisons  against  experimental  data  validate  the  flow  regime  methods  at 
earth  gravity  in  various  flow  orientations  ranging  from  vertical  upward  to  vertical  downward. 
The  models  for  each  orientation  reduce  to  the  same  model  under  microgravity  conditions  and 
compare  well  witli  the  available  micrograviiy  data. 


2.2  Flow  Regime  Transition  Methods 

This  section  "lescribes  in  detail  the  analytical  equations  used  for  each  of  the  flow 
regime  transitions,  l^sign  maps  can  be  generated  by  plotting  the  equations  presented  in  this 
section.  The  software  package  MICROREG,  prepared  on  this  project,  calculates  the  regime 
transitions  necess^  to  plot  Ure  flow  regime  maps,  and  also  determines  the  flow  regime  for 
input  flow  conditions.  TTie  Software  Maintenance  Manual  (Crowley,  1992)  descrit^s  the 
computer  program  and  its  use. 
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Table  2.1.  SUUMARY  OF  RGOOUffiNDED  UEHIODS  FOR  PLOT  KEGIKE  TOANSiTIONS 


"PHYSICAL  CRITICAL  LIQUID 

BL(X:KAGE"  FRACTION  (a,_)  0.24  0.24  to  0.40 


2.2.1 


EqtuUions  for  Row  Regime  Transition  Ktethods 


Stratified  to.  Nonstratified  Transition 

This  flow  regime  transition  consists  of  two  parts.  The  first  uses  a  balance  between 
buoyancy  and  inertial  forces  (Kelvin-Helraholz  instability)  that  applies  to  all  except  very  small 
tubes.  The  second  considers  a  balance  between  buoyancy  and  siuface  tension  forces  that 
comes  into  play  for  very  small  diameter  tubes  —  a  few  millimeters  in  diameter.  The  Bond 
number  must  be  less  than  about  100  for  the  second  case  to  matter.  Since  the  Bond  number 
also  becomes  small  as  the  acceleration  decreases,  this  uansition  also  needs  to  be  considered  for 
larger  pipes  under  raicrogravity  conditions. 

Basic  Transition  Model.  This  transition  from  stratified  flow  (to  slug  or  annular  flow) 
involves  the  simultaneous  solution  of  two  equations.  One  equation  is  a  dimensionless 
two-phase  momentum  equation  for  a  separated  flow,  and  the  other  represents  a  dimensionless 
transition  criterion. 

The  dimensionless  uansition  criterion  in  this  model  is  based  upon  a  balance  between 
gas  inertia  and  buoyancy  in  the  gas  and  liquid  phases.  Figure  2.4  illustrates  the  concept  At  a 
certain  critical  gas  flow  rate  the  pressure  drop  created  by  the  gas  flow  over  a  wave  (the 
Bernoulli  effect)  lifts  the  wave  in  a  stratified  flow  to  the  top  of  the  pipe.  The  theory  for  this 
regime  transition  model  involves  a  balance  between  inertial  and  buoyancy  forces,  represented 
by  the  Froude  number  for  the  gas  phase,  and  a  critical  gas  flow  rate  determines  the  transition 
criterion.  The  methodology,  based  upon  the  work  of  Taitel-Dukler  (1976),  approximates  the 
criterion  for  wave  growth  detailed  by  more  complex  models  (Crowley,  Wallis,  and  Barry, 
1992). 


Figure  2.4.  ILLUSTRATING  FORCE  BALANCE  FOR  STRATIFIED  FLOW  REGIME 
TRANSITION  BASED  UPON  A  FLOW  INSTABILITY  CRITERION 
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To  calculate  this  transition  in  the  design  method,  the  dimensionless  Froude  number  for 
the  gas  phase: 


is  calculated  from  the  superficial  gas  velocity  jg,  where 

Fg  is  the  Froude  number  for  the  gas  phase  (-), 
mg  is  the  magnitude  of  the  acceleration  (•). 
g  is  the  acceleration  of  earth  gravity  (9.8  mys^), 

D  is  the  pipe  diameter  (ra). 

Pi  is  the  liquid  phase  density  (kg/m^),  and 
pg  is  the  gas  phase  density  (kg/ra^). 

The  dimensionless  Froude  number  is  used  in  the  following  equation: 


F.  =  [1-h*] 


■  1  ■ 

r  A  ♦  1 

k*J 

.dA,*/dh* 

0.5 


(2‘2) 


to  determine  the  corresponding  dimensionless  liquid  level  h*  in  the  pipe.  Table  2.2  defines  the 
three  dimensionless  geometric  parameters  on  the  right  hand  side  of  this  equation.  Each  is  a 
function  of  the  liquid  level,  so  solving  Equation  2-2  iteratively  in  the  range  0  <  h*  <  1.0 
determines  the  liquid  level.  (Note  that  the  original  reference  for  this  Equation  (Taitel-Dukler, 
1976)  contains  a  typographical  error  for  the  exponent  of  the  Rg*  parameter.  The  equation 
shown  here  is  correct) 


The  gas  velocity,  jg,  is  then  used  to  calculate  a  Reynolds  number  for  the  gas  phase  by; 

RCgs  =  (pgDJg/pg)  (2-3) 

where 

Pg  is  the  gas  phase  density  (kg/m^), 

jjj  is  the  superficial  velocity  of  the  gas  phase  (m/s), 

D  is  the  pipe  diameter  (m),  and 
pg  is  the  gas  phase  viscosity  (kg/m-s). 

Then  a  gas  phase  friction  factor: 


f^  =  CgRegj-n  (2-4) 

is  calculated,  where  the  coefficient  Cg  and  the  exponent  m  are: 

Cg  =  0.046  (2-5a) 

m  =  0.2  (2-5b) 

if  Regs  ^  1500.  This  is  the  Blasius  (1913)  equation  for  the  turbulent  friction  factor  in  a 
smooth  pipe.  If  RCgj  <  1500,  then: 


2-8 


Table  2.2.  DIlflBNSIONLESS  ^OUmY  PARAMEIBRS  FOR  SLUG-TO- 
STTUTIFIED  FLOf  RBGIIIB  TRANSITION 

h*  s  hi/D 

Aj*  3  ^  jr:  -  cos- 

‘i(2h*-l)  +  (2h**l)[l  *  2h* 

1)2]^} 

Ag*  =  5  |cos-i(2h* 

-  1)  •  (2h*  -  1)[1  -  {2h*  • 

1)2]^} 

Si*  = 

(;r  -  cos-«(2h*  -  1)) 

s** 

=  [cos->(2h*  -  1)] 

Si*  =  [1  - 

(2h*  =  1)2]^  =  (dA,*/dh*) 

Ri* 

=  [ff/4A,*]  = 

*  =  [fe/4Ag*]  =  1/a 

D  *  - 

‘  IS,*  *•  S,*) 

C.  =  16 

m  =  1.0 

Using  these  coefficients  in  Equation  2-4  models  laminar  flow  of  the  gas  phase. 

After  calculating  the  friction  factor,  a  dimensionless  parameter  defined  by; 


'mggfpi  -  pg)cose  ■ 

(2-6a) 

(2-6b) 


(2-7) 


is  calculated,  where 

d  is  the  angle  between  the  body  force  and  the  direction  of  fluid  flow  in  the  pipe  (°). 


The  other  parameters  are  defined  above. 
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The  parameter  Y  is  then  used  in  a  dimensionless  two-phase  momentum  equation  to 
determine  another  dimensionless  parameter  (the  Martinelli  parameter,  X)  related  to  the  liquid 
flow  rate; 


X2  = 


(R,*D,*)-“<R,*)=][|4+  + 14]]  -  4Y 


(R,*)2(Si*/A,*) 


(2-8) 


Table  2.2  summarizes  the  dimensionless  geometry  parameters  (starred  parameters  in  Equation 
2-8)  as  a  function  of  the  dimensionless  liquid  level  h*  determined  using  Equation  2-2.  The 
parameter  (fj  /f^g)  is  a  constant  representing  the  shear  at  the  gas-liquid  interface  and  has  a 
recommended  value  of  fj/fwg  =  5. 

The  liquid  velocity  can  then  be  calculated  from  the  definition  of  the  parameter  X2  by: 


ji 


X2 

fejDi, 

L  ^8 

> 

-DQ 

[24^]' 

fpjD] 

1  MiJ 

-1^] 

l/(2-n) 


(2-9) 


Equations  2-8  and  2-9  are  first  used  with  the  assumption  that  the  liquid  flow  is 
turbulent,  and: 


Cl  =  0.046  (2- 10a) 

n  =  0.2  (2- 10b) 

to  calculate  the  superficial  liquid  velocity  at  the  transition  ji. 

The  Reynolds  number  for  the  liquid  phase: 

Ecu  =  (Pi^ji^Mi)  (2-11) 


is  then  evaluated.  If  Rej,  S  1500,  the  flow  is  turbulent,  and  the  superficial  liquid  velocity 
calculated  by  Equation  2-9  is  the  transition  velocity.  However,  if  Rei*  <  1500,  then  the  liquid 
flow  is  laminar,  and  the  parameters  X  and  ji  in  Equations  2-8  and  2-9  are  recalculated  with: 


Cl  =  16  (2-l2a) 

n  =  1.0  (2-12b) 


Cutoff  Model.  For  the  special  case  of  small  angles  (0°<  6  <  20°),  a  cutoff  may  be 
invoked.  This  cutoff  (Bamea  et  al.,  1982)  recognizes  that  stratified  flow  cannot  be  maintained 
in  downflow  in  a  nearly  vertical  pipe.  The  cutoff  criterion  for  the  maximum  superficial  liquid 
velocity  is: 


item  =  [(mggD/f,^i)(sin  9X1  -  h*)]  (2-13) 

As  long  as  the  value  of  ji  from  Equation  2-9  is  less  than  this  cutoff  value,  then  that  value  of 
ji  is  used  as  the  transition.  If  ji  >  jicut.  then  the  transition  value  is  limited  to  the  cutoff  value 

(jl  ~  jlcut)' 
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Transition  for  Small  Pipe  Diameters.  The  model  described  so  far  applies  to  pipes  at 
large  enough  size  that  buoyancy  and  inertial  effects  dominate.  Bamea,  Luninski,  and  Taitel 
(1983)  studied  very  small  pipes  (4  to  12  ram  diameter)  and  found  that  capillary  (surface 
tension)  forces  can  cause  a  transition  to  slug  flow  where  stratified  flow  would  be  predicted 
based  upon  the  model  described  above.  This  could  be  important  in  determining  the  flow 
regime  in  the  condenser  tubes  of  two-phase  radiators  in  ground  tests.  Thermal  management 
systems  such  as  the  space  station  Active  Thermal  Conhol  System  (ATCS)  and  various 
capillary  pumped  loops  use  tubes  in  this  size  range. 

Bamea  et  al.  suggest  that  the  transition  occurs  at  a  dimensionless  liquid  level  given  by; 


h* 


1  ‘  T(T  -■  nytrsBoO-s-  ; 


S  (1  -  TdA) 


(2-14) 


where  Bo  is  the  Bond  number; 


Bo 


mggD2(pi  -  pp' 

a 


(2-15^ 


which  balances  surface  tension  and  buoyancy. 

The  criterion  in  Equation  2-14  is  based  upon  a  force  balance  pictured  in  Figure  2.5.  u 
results  in  a  constant  liquid  (or  void)  fraction  which  depends  upon  the  value  of  the  Bond 
number.  This  dimensionless  liquid  level  is  also  subject  to  the  limit  that  h*  ^  (1  -  ?c/4)  or  h*  2 
0.215,  at  which  point  there  is  insufficient  liquid  available  to  form  the  slugs.  By  Equation  2-14, 
the  limit  of  h*  s:  0.215  occurs  if  Bo  <  4.7.  At  Bo  s  100,  the  value  of  h*  0.8^  which  is  a 
high  enough  liquid  level  that  this  transition  is  unimportant  compared  with  Kelvin-Helmholtz 
instability  in  the  basic  Taitel-Dukler  (1976)  transition,  and  it  can  be  neglected. 


Figure  2.5.  ILLUSTRATING  FORCE  BALANCE  FOR  STRATIFIED  FLOW  REGIME 
TRANSITION  BASED  UPON  A  SURFACE  TENSION  CRITERION 
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Since  the  criterion  is  a  dimensionless  liquid  level,  the  solution  procedure  for  the 
superficial  liquid  velocity  at  the  transition  is  similar  to  the  solution  for  the  basic  model.  The 
geometric  parameters  (Table  2.2)  are  solved  with  h*  given  by  Equation  2-14,  Then,  the  liquid 
velocity  at  the  transition  is  found  by  solving  Equations  2*8  through  2-12. 


Characteristics  of  the  Stratified  to  Nonstratified-TransiUon  Boundar/.  For  each  value 
of  j|  assumed,  the  corresponding  transition  value  of  j]  can  be  calculated,  so  this  transition 
boundary  can  be  plotted  as  (jgdi)  pairs  on  a  flow  regime  map.  (Alternatively,  if  h*  is  assumed, 
the  corresponding  jg  can  be  found  from  Equations  2-1  and  2-2  ftrsL)  Figures  2.6  and  2.7  plot 
all  of  the  flow  regime  transitions  at  earth  gravity  (a  =  1)  for  upflow  (Figure  2.6)  and  downflow 
(Figure  2.7).  Focusing  on  the  transition  from  stratified  flow,  which  is  given  by  the 
Taitel-Dulder  model  in  these  figures,  the  range  of  the  stratified  flow  regime  .shrinks  as  the  flow 
direction  and  the  body  force  oppose  each  other  more  (Figure  2.6,  corresponding  to  upflow  on 
the  ground).  The  stratified  regime  expands  as  the  flew  direction  and  the  body  force  become 
colinear  (Figure  2.7b,  corresponding  to  downflow  on  earth),  but  it  also  disappears  in  vertical 
downflow  (Figure  2-7c)  because  of  the  Bamea  et  al.  (1982)  cutoff.  Extensive  compari.sons 
with  test  data  on  eardi  show  that  these  chaiacteristics  represent  the  actual  data  very  well  for  a 
wide  range  of  pipe  sizes  and  fluid  properties. 


Figure  2.8  shows  the  effect  of  the  magnitude  of  the  acceleration  on  the  results.  The 
stratified  region  diminishe.s  with  reduced  gravity.  In  fact,  the  stratified  flow  regime  occurs  at 
liquid  velocities  of  little  practical  interest  at  acceleration  levels  lower  than  10-2g  to  10-3g, 
which  is  the  level  achieved  in  aircraft  flying  microgravity  parabolas. 


For  the  pipe  size  used  in  Figures  2.6  through  2.8  (D  =  25.4  mm),  the  transition  criterion 
given  by  Equation  2- 14  is  out  of  the  range  of  the  flow  regime  maps.  Figure  2.9  presents  flow 
regiine  maps  for  pipes  at  4  and  10  rnm  diameter  with  air  and  water.  The  dotted  line  marks  the 
transition  boundary  for  the  small  diameter  pipes.  An  additional  region  of  slug  flow  appears, 
which  would  alternatively  be  a  stratified  region  if  the  model  for  small  diameter  tubes  did  not 
apply.  These  maps  agree  with  data  presented  by  Bamea  et  al.  (1983)  to  ju.stify  this  model. 


Slug  to  Bubbly  Flow  Regime  Transition 

This  flow  regime  transition  can  occur  by  two  mechanisms.  The  first  mechanism 
balances  the  inertia  (turbulence)  of  the  two  phase  flow  and  buoyancy  (Figure  2.10).  High 
turbulent  mixing  can  overcome  the  buoyant  segregation  of  gas  and  liquid,  resulting  in  a  bubbly 
flow.  A  limiting  criterion,  and  the  second  mechanism  for  this  Uansition,  is  the  maximum 
"packing"  of  bubbles  in  the  pipe.  The  void  fraction  can  only  be  so  large  before  the  bubbles 
touch  and  coalesce  into  large  bubbles  in  a  slug  flow  pattern. 
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SUPERFICIAI  LIQUID  VELOCITY,  j  (m/»)  SUPERFICIAL  LIQUID  VELOCITY. 


( 


SUPERFICIAL  CAS  VELOCllY,  j  (m/s) 


SUPERFIC!.*>L  CAS  VELOCITY,  (m/s) 


2.6b 

(b)  2“  Upslope 


2.6c 

(c)  Vertical 
Upward 


Figure  2.6.  EXAMPLE  FLOW  REGIME  MAPS  FOR  UPWARDLY  INaiNFJ)  PIPES  AT  Ig 
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SUPERFICIAL  CAS  velocity,  (rn/*) 


superficial  CAS  velocity,  (m/s) 


2.7a 


(a)  Horizontal 


2.7b 

(b)  2®  Downslopc 


superficial  GAS  VELOCITY,  (m/s) 


2.7c 

(c)  Vertical 
Downward 


Figure  2.7. 


EXAMPLE  FLOW  REGIME  MAPS  FOR  DOWNWARDLY  INaiNED  PIPES  AT 


Ig 


2-14 


superficial  liquid  VELOCinr.  j,  (m/s)  SUPERFICIAL  LIQUID  VELCXTlTr,  (m/s)  SUPERFICIAL  LIQUID  VEtOCHY.  (m/s) 


2ctnt  q 


Figure  2.8.  EXAMPLE  FLOW  REGIME  MAPS  AS  A  FUNCTION  OF  ACCELERATION 
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SUPCRnCfAL 


GAS  BUBBLES 


o 


Figure  2.10.  ILLUSTRATING  FORCE  BALANCE  FOR  SLUG -TO -BUBBLY 
FLOW  REGIME  IKANSITION  BASED  UPON  TURBULENCE 


Turbulence  Criterion.  Bamea  (1986)  suggests  that  turbulent  mixing  causes  bubbly  flow 
at  a  critical  value  of  the  two-phase  Weber  numfer: 


WCj  = 


0.6k 


1.67 


BoO-83S 


(2-16) 


where 


Wcj  is  a  two-phase  Weber  number, 

Bo  is  the  Bond  number  (defined  in  Equation  2-15), 

is  a  friction  factor  with  a  value  of  =  0.005,  and 
k  is  a  constant  in  the  range  of  0.725  to  3.7  (Bamea,  1986).  (Taitel  et  al. 

(1980)  recommend  a  vdue  of  k  =  1.14). 


The  Weber  number  can  therefore  be  calculated  directly  from  known  quantities. 


The  definition  of  the  iwo-phase  Weber  number. 


Wej  = 


■piDF 

■piDOg  +  ji)2' 

a 

a 

L.  J 

can  be  rewritten  to  solve  for  the  superficial  liquid  vekeity: 

rWejcy]o-5 


Ji  = 


PiD 


Jg 


(2-17) 


(2-18) 


Equation  2-18,  with  Equation  2-16,  can  be  used  to  map  the  slug  to  bubbly  transition 
(based  upon  turbulence)  as  (jgOi)  paks  by  selecting  a  range  of  values  of  jg  and  calculating  the 
corresponding  jj  values. 
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Maximum  Void-Fmction  Criterion.  The  second  criterion  for  the  slug  to  bubbly 
transition  comes  from  a  basic  drift-flux  equation  (Zuber»Findlay.  1965)  for  bubbly  flow: 


Is 

Oc 


Co(jg  jl) 


mg|(5(Pi  -  pg)]0-25 


Pl^ 


(2-19) 


where 


is  a  critical  value  of  the  void  fraction  for  maximum  packing  of  the  bubbles. 
Dukler  et  al.  (1987)  recommend  a  value  of  Oc  -  0.45,  though  other  recommended 
values  range  from  0.3  to  0.52  (Taitel-Dukler,  1976). 

Co  is  a  constant  typically  near  1.2. 

Equation  2-19  can  be  written  to  solve  for  the  superficial  liquid  velocity  as: 


Jt 


T.4r 

■mggo(pi  -  pg)' 

[Co 

(2-20) 


Similarly  to  Equation  2- IS,  values  of  (jg,ji)  pairs  at  the  transition  boundary  can  be  determined 
by  varying  jg  across  an  appropriate  range  of  values. 

Characteristics  of  the  Slug  to  Bubbly  Regime  Transition  Boundary.  The  transition  from 
slug  to  bubbly  flow  regimes  is  mapped  by  selecting  the  pair  of  coordinates  with  the  higher 
value  of  j I  for  a  given  value  of  j..  Said  another  way,  for  the  flow  regime  map,  the  transition 
criterion  with  a  higher  liquid  velocity  at  a  given  gas  velocity  (Equation  2-18  or  2-20)  takes 
precedence  in  the  flow  regime  transition.  The  portion  of  the  transition  with  a  negative  slope 
corresponds  to  the  turbulence  model  (Equation  2-18),  and  the  portion  with  a  positive  slope 
corresponds  to  the  void  fraction  model  (Equation  2-20). 


Figures  2.6  and  2.7  also  plot  the  slug  to  bubbly  flow  regime  on  regime  maps  in 
superficial  velocity  coordinates.  These  figures  show  that  pipe  inclination  has  very  little  effect 
on  the  transition.  This  is  confirmed  by  data  at  earth  gravity  conditions  (Bamea,  1986). 


Figure  2.8  shows  that  as  the  magnitude  of  the  acceleration  is  reduced,  the  portion  of  the 
transition  criterion  related  to  turbulence  and  body  forces  (Equation  2-18)  disappears,  and  the 
portion  of  the  transition  related  to  void  fraction  (Equation  2-20)  remains. 


Slug  to  Annular  Flow  Regime  Transition 


This  regime  uansition,  proposed  by  Bamea  (1986),  also  consists  of  two  parts.  Both 
describe  blockage  of  an  annular  core,  but  by  different  mechanisms.  As  Bamea  explains,  the 
first  mechanism  ("neutral  stability")  is  an  instability  of  the  annular  flow  configuration,  and  the 
second  occurs  when  the  liquid  film  is  large  enough  to  cause  blockage  as  a  result  of  How  in  the 
liquid  film. 


"Neutral  Stability"  Criterion.  For  this  transition,  the  values  of  Rej*,  Cg,,  m,  f^o 
are  the  same  as  calculated  for  the  stratified  to  nonstratified  transition  in  Equations  2-3 
The  next  part  of  the  solution  involves  the  simultaneous  solution  of  two  equations.  In 
dimensionless  form,  the  two  equations  are: 


and  Y 
to  2-7. 
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1 


(2-21) 


'  (fj/fw,)  ‘ 
aid  -  a|)2-s 


X2 


(2-  1.5a,) 

Y  -  - X2 

adtl  .  l ,  SaJ 


(2-22) 


where  a,  is  the  liquid  fraction,  (1-a).  Equation  2*21  is  the  two-phase  void  fraction  relationship 
for  the  annular  flow  regime  (Wallis,  1969).  Equation  2-22  is  the  transition  criterion  derived  by 
Bamea  (1986).  The  parameter  (fj/fwg)  in  Equation  2-21  represents  the  interfacial  friction 
between  the  gas  and  the  liquid  phases.  For  the  purpose  of  these  design  maps,  the  model 
proposed  by  Wallis  (1969)  based  on  tests  at  earth  gravity  is  used; 


(fj/f^)  =  [1 -*-C,a,]  (2-23) 

where  C,  =  75.  An  equivalent  model  is  also  used  by  Dukler  et  al.  (1987)  for  microgravity 
comparisons.  Various  alternative  models  appear  in  the  literature,  but  the  Wallis  (1969)  model 
appears  to  be  a  reasonable  limit  for  most  data.  The  minimum  value  of  f/f^  would  be  unity, 
representing  a  smooth  gas-liquid  interface. 


In  this  solution,  the  Equations  2-21  and  2-22  have  been  solved  simultaneously  to 
eliminate  X2  and  obtain  Y  as  a  function  of  the  liquid  fraction,  a,.  This  equation  is  then 
differentiated  with  respect  to  liquid  fraction  (dY/da,)  to  find  the  point  where  the  slope  is  zero 
(dY/da,  s*  0),  which  is  a  minima  in  the  solution  curve.  The  value  of  Y  at  that  point  is  called 
Ycrit.  and  the  corresponding  value  of  the  liquid  fraction  Typically,  Ycnt  has  a  value  of 
about  70. 


If  the  value  of  Y  (from  Equation  2-7)  is  greater  than  Yen,,  Equations  2-21  and  2-22  are 
solved  simultaneously  in  the  range  of  0  <  a,  <  Oicnt  to  determine  a,  and  X.  Having  obtained 
the  value  of  X,  the  superficial  liquid  velocity  at  the  transition,  j,,  is  found  by  using  the  same 
approach  as  Equations  2-9  through  2-13. 

Critical  Liquid  Fraction.  The  second  U^sition  criterion  is  invoked  if  Y  ^  Ycrit-  (This 
condition  is  always  satisfied  if  0  ^  90°  or  m.  =  0.)  Equation  2-21  is  first  rewritten  to  solve  for 
X2: 


X2  =  -  -  aje^Y  (2-24) 

This  transition  involves  using  a  critical  liquid  fraction  Oic  =  0.24  in  Equation  2-24,  with 
Equation  2-23.  Having  obtained  the  value  of  X,  the  superficial  liquid  velocity  at  the  transition 
is  found  by  using  the  same  approach  as  Equations  2-9  through  2-13. 

Characteristics  of  the  Slug  to  Annular  Regime  Transition  Boundary.  Figures  2.6  and 
2.7  also  show  the  slug  to  annular  transition  on  typical  flow  regime  maps  in  (jg.j,)  coordinates. 
The  set  of  plots  in  Figure  2.6  shows  that  this  transition  is  approximately  linear  (occurring  at  a 
constant  liquid  fraction)  in  a  horizontal  pipe  at  earth  gravity,  but  the  lower  portion  of  the 
transition  approaches  a  constant  liquid  velocity  for  downward  inclinations  (Figure  2.6c).  The 
transition  in  this  case  is  determined  by  the  "maximum  liquid  fraction"  model  (Y  <  Yen,  and 
tti  =  aic  =  0.24).  Figure  2.7  shows  that  the  lower  portion  of  the  transition  approaches  a 
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constant  superficial  gas  velocity  at  large  upward  inclinations  (Figure  2.7c).  In  this  case,  the 
Utuisition  is  determined  by  the  "neutral  stability"  model  (Y  >  Y^jt)*  Since  the  value  of  Yen, 
about  70  over  a  wide  range  of  the  liquid  fraction  (see  Figure  2.18  below),  this  corresponds  to  a 
constant  gas  Froude  number  of  about  F^  s  i  .2,  which  can  be  seen  by  solving  Equation  2-7  for 
Y  s  70  and  6  ^  180°.  Bamea  (1986)  snows  that  the  trends  in  these  figures  are  consistent  with 
experimental  flow  regime  data  at  eaith  gravity. 

Figure  2.8  shows  that  the  slug  to  annular  transition  is  approximately  the  same  under 
microgravity  conditions  as  it  is  for  a  horizontal  pipe  at  earth  gravity.  This  is  readily  apparent 
from  Equation  2-3  because  the  parameter  Y  approaches  zero  in  the  case  of  either  small 
inclinations  (6  s  0)  or  low  acceleration  level  (rag  =  0). 


Alternate  Regime  Map  Coordinates 

Simple  transformations  convert  the  flow  regime  maps  in  (jg,),)  coordinates  as  described 
above  to  quality  and  mass  flux  (x.G)  coordinates: 

G  =  (pgjg  +  pdi)  (2-25) 


X  =  - 

(Psig  +Piji) 


PgJg 


(2-26) 


where 

G  is  the  mass  flux  (kg/m^-s),  and 

X  is  the  quality  (ratio  of  vapor  mass  flow  rate  to  the  total  mass  flow  rate). 

Figure  2.11  illusUates  how  the  regime  maps  in  Figure  2.8  appear  when  converted  to  these 
coordinates.  It  is  particularly  interesting  to  note  mat  under  microgravity  conditions 
(Figure  2.11c),  the  transitions  from  slug  to  bubbly  and  slug  to  annular  flow  regimes  appear  as 
lines  at  approximately  constant  quality.  In  addition,  the  transition  from  stratified  to 
nonstratified  flow  occurs  at  approximately  constant  mass  flux  G  (Figure  2.1  la),  and  the  value 
of  the  mass  flux  becomes  smaller  at  low  acceleration  (Figure  2.1  lb),  before  disappearing  at 
microgravity  conditions  (Figure  2.1  Ic). 


2.2.2  Modelling  Uncertainties  for  Sensitivity  Calculations 

Table  2.1  summarizes  the  key  modelling  parameters  in  each  of  the  regime  transition 
models.  For  each  transition,  the  sensitivity  of  die  predicted  transitions  to  these  parameters 
provides  a  measuie  of  the  uncertainty  in  the  regime  models.  That  is,  they  represent  the  "fuzz" 
in  accurately  locating  the  transitions  on  a  regime  map.  Figure  2.12  illustrates  the  range  of 
sensitivity  encompassed  by  the  uncertainty  in  each  transition  boundary,  shown  by  the  pairs  of 
lines  with  the  same  style.  If  the  predicted  flow  regimes  for  a  particular  design  application 
change  when  these  parameters  are  va.'ied  across  the  ranges  of  their  uncertainty,  and  if  pressure 
drops  significantly  change  as  a  result,  then  the  predictions  should  be  treated  cautiously.  If  is 
usually  better  to  err  on  the  side  of  predicting  the  rcgume  which  results  in  higher  pressure  drops. 
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Figure  2.11.  EXAMPLE  FLOW  REGIME  MAPS  IN  MASS  FLUX  COORDINATES 
AS  A  FUNCTION  OF  ACCELERATION 
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Figure  2.12.  SENSITIVITY  (»=  FLOW  REGIME  TRANSITIONS  TO  KEY 
UOIMXING  PARAMETERS 


2-22 


mgsens 


For  the  stratified  to  nonstratified  transition,  the  key  modelling  parameter  is  the 
interfacial  shear  f  between  the  gas  and  the  liquid  phases.  The  limiting  case  of  fi/f«,g  =  I 
represents  a  smooth  interface  between  the  gas  and  the  liquid.  Using  this  value  in  the  model 
tends  to  give  the  lowest  siiperflcial  liquid  velocities  for  this  transition  (Figure  2.12a).  At  the 
other  extreme,  experimental  data  suggest  that  a  value  of  fj/f^g  s  10  bounds  experimental  data, 
providing  the  highest  superficial  liquid  velocities  for  this  transition.  Unlike  the  lower  limit, 
this  upper  Umit  is  not  mechanistic,  but  it  does  tend  to  bound  experimenul  data. 

Furthermore,  the  recommended  limits  also  tend  to  bound  predictions  of  this  regime 
made  with  more  detailed  transition  models  such  as  the  one-dimensional  wave  model  suggested 
by  Crowley,  Wallis,  and  Barry  (1992).  While  the  one-dimensional  wave  model  is  even  more 
mechanistic,  its  solution  is  quite  complex.  For  the  purposes  of  this  design  manual,  the  simpler 
approach  suggested  here  is  preferred. 

For  the  portion  of  the  slug  to  bubbly  regime  transition  which  is  based  upon  turbulence, 
a  coefficient  k  which  describes  ihd  magnitude  of  the  turbulence  is  the  uncertainty  parameter. 
The  parameter  k  has  been  assigned  a  value  of  1.14,  though  Bamea  (1986)  indicates  that  the 
value  may  range  from  0.725  to  3.7.  This  represents  a  significant  range  of  uncertainty 
(Figure  2- 12a). 

For  the  portion  of  the  slug  to  bubbly  regime  transition  which  is  based  upon  the 
maximum  void  fraction,  there  are  two  modelling  parameters; 

•  The  critical  void  fraction  Uc,  and 

•  The  drift-flux  coefficient  Cq. 

The  drift-flux  coefficient  has  been  hypothesized  to  range  between  1,0  and  1.2.  The  value  of 
l.O  represents  a  very  uniform  distribution  of  the  bubbles  across  the  diameter  of  the  pipe.  A 
value  of  1.2  represents  a  void  fraction  profile  across  the  diameter.  Recent  data  (Colin  et  al.. 
1991)  support  a  value  of  Co  =  1.2,  even  under  microgravity  conditions.  (Those  data  are 
described  in  Section  2.4.)  The  value  of  the  critical  void  fraction  has  been  repoited  to  range 
from  0.3  to  0.52.  Some  uncertainty  remains,  and  additional  microgravity  data  are  needed  to 
select  'he  best  value  for  this  parameter. 

For  the  slug  to  annular  flow  regime  tfansition,  the  uncertainty  lies  in  the  modelling 
parameters  for 

•  Coefficient  C,  in  the  interfacial  shear  model,  and 

•  Critical  liquid  fraction,  ai^. 

The  values  of  these  two  parameters  are  intertwined,  as  may  be  seen  in  Equation  2-23  for  the 
interfacial  shear.  Microgravity  data  suggest  that  the  transition  occurs  at  somewhat  higher 
values  of  the  superficial  liquid  velocity.  This  could  be  the  result  of  a  higher  liquid  fraction  or 
higher  interfacial  shear  coefficient  in  the  model.  (See  Section  2.4.3.)  Experimental  data  on 
pressure  drop  and  void  fraction  at  the  transition  would  resolve  this  question,  however  no  data 
are  presently  available. 
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2.2.3  Limits  of  the  Nkthods 

Pipe  Geometry.  The  theory  described  in  Section  2.2.1  applies  to  pipes  which  range  in 
size  from  a  few  millimeters  to  a  meter  in  diameter.  The  pipe  diameters  thus  span  the  range  of 
interest  for  thermal  management  systems  (from  a  few  millimeters  to  a  few  centimeters)  to  gas 
and  oil  pipelines. 

The  theory  has  also  been  developed  for  a  pipe  with  circular  cross-section.  As  a  first 
approximation,  the  theory  could  be  applied  to  square  or  rectangular  cross-sections,  but  the 
models  should  really  be  modified  for  other  geometries.  The  theory  might  easily  be  modified 
for  square  or  rectangular  cross-sections.  For  example,  the  stratified  to  nonstratified  transition 
requires  the  derivation  of  several  geometric  parameters  (see  Table  2.2).  For  this  transition,  the 
same  theory  for  the  Kelvin-Helraholtz  instability  applies  for  rectangular  cross-sections  if  these 
geometric  parameters  are  redefined.  The  transition  from  slug  to  bubbly  flow  depends  upon  the 
drift-flux  parameter  C^,  which  may  be  different  in  rectangular  cross-sections.  Data  may  be 
available  for  this  value,  though  the  value  may  not  be  far  from  the  value  of  1.2  suggested.  For 
the  slug  to  annular  uransition,  F.quations  2-21  and  2-22  would  have  to  be  rederived  for  the 
rectangular  geometry.  The  result  may  not  be  far  from  the  result  for  the  circular  geometry. 

Acceleration.  These  transition  models  assume  that  the  fluid  properties  are 
approximately  constant  If  the  densities  or  surface  tensions  between  the  phases 
di^atically  with  small  changes  in  pressure  or  icmperature,  as  they  do  near  the  critical  point 
for  a  given  fluid,  then  this  assumption  breaks  down.  The  assumption  of  constant  fluid 
properties  also  breaks  down  if  there  is  a  significant  gradient  in  the  fluid  properties  across  the 
diameter  of  the  flow  channel.  This  can  occur  for  example  in  a  two-phase  line  during  launch, 
where  the  acceleration  may  be  ten  times  earth  gravity.  The  models  should  not  be  applied  to 
high  acceleration  levels. 


2.3  Dimensionless  Design  Charts  for  Row  Regimes 

This  section  illustrates  how  the  flow  regime  can  be  determined  quickly  from  known 
conditions.  The  information  required  in  order  to  determine  the  flow  regime  includes: 


Ruid  Properties 

•  Pi  Liquid  phase  density 

•  pg  Gas  phase  density 

•  Pi  Liquid  phase  viscosity 

•  pg  Gas  phase  viscosity 

•  a  Surface  tension 


Geometry 

•  D  Pipe  diameter 
Acceleration 


•  a  Magnitude  of  acceleration  (=  m^g) 

•  6  Direction  (angle  between  the  body  force  and  the  flow  direction) 
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Flow  Rates 


:i  Liquid  phase  volumetric  flux  (Q/A) 
ji  Gas  phase  volumetric  flux  (Qg/A) 


Each  of  the  three  flow  regime  transitions  can  be  represented  on  dimensionless  design 
maps.  "  ?  dimensionless  coordinates  for  these  regime  maps  can  be  determined  from  the 
inforraauon  listed  above. 


The  order  of  examining  the  transitions  is  important  to  the  determination  of  the  flow 
regime,  since  certain  regimes  supersede  others.  The  order  should  be: 

•  Stratified  to  Nonstratified  Flow  Regime  Transition, 

•  Slug  to  Bubbly  Flow  Regime  Transition,  and 

•  Slug  to  Annular  Flov.  Regime  Transition. 

Figure  2.13  illusUates  the  logic  for  the  flow  regime  selection.  The  dimensionless  design  maps 
for  flow  regimes  are  presented  and  discussed  in  that  order  below.  See  Section  2.2.1  for  the 
theory  and  equations  behind  these  maps. 

Stratified  to  Nonstratified  Flow  Regime  Transition.  To  determine  first  whether  or  not 
the  flow  regime  is  stratified,  the  proposed  design  point  is  mapped  on  dimensionless  plots  of: 

•  Bond  number,  Bo,  versus  the  MartinelU  parameter,  X,  and 

•  Gas  Froude  number,  Fg,  versus  the  Martinelli  parameter,  X, 

as  shown  in  Figures  2.14  and  2.15.  These  maps  correspond  to  two  transition  criteria  described 
in  Section  2.2.1: 


•  The  first  is  important  at  small  pipe  diameter  (low  Bond  number)  and  represents  a 
balance  between  buoyancy  and  surface  tension  forces,  and 

•  The  second  is  important  at  all  pipe  diameters  and  represents  a  balance  between 
buoyancy  and  inertia  forces. 


The  definitions  of  the  dimensionless  parameters  used  in  the  maps  are: 


Bo 


mggD2(p,  -  pg) 

a 


[mggD(p,  -  pg)]0-5 


(2-27) 

(2-28) 
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1  J 

-m 

wJ 

(2-29) 
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Figure  2.13.  LOGIC  FOR  FLOW  REGIME  DETERMINATION 
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Figure  2.14.  DiyENSIONLESS  MAP  FOR  STRATIFIED  REGIME 
mNSITION  AT  SMALL  DIAMFiER  (Bo  <  100) 


Figure  2.15. 


DIMENSIONLESS  MAP  FOR  STRATIFIED  REGIME  TRANSITION 
EASED  UPON  KELVIN-HELMHOLTZ  INSTABILITY 
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Y  s 


where 


mgg(pi  -  pg)cos0 


l^s-ira- 


e4 


.21 


(2-30) 


Y 

g 

Pi 

Pi 

Jl 

i5 


e 


is  the  dimensionless  Bond  number, 

is  the  dimensionless  Froude  number  for  the  gas  phase, 

is  the  dimensionless  Martinelli  parameter. 

is  the  dimensionless  pipe  inclination  parameter 

is  the  acceleration  due  to  earth  gravity  (m/s2), 

iG  the  gas  phase  density  (kg/m^), 

is  the  liquid  phase  density  (kg/m3). 

is  the  superficial  velocity  of  the  liquid  phase  (m/s), 

is  the  superficial  velocity  of  the  gas  phase  (m/s), 

is  the  pipe  diameter  (m),  and 

is  the  angle  between  the  fiow  direction  and  me  body  force  (°)  (e.g.  0°  is  colinear, 
90°  is  perpendicular,  and  180°  is  opposing,  corresponding  to  downflow, 
horizontal,  and  upflow  on  the  ground). 


Table  2.3  indicates  how  to  determine  the  values  of  the  Hetion  factor  coefficients  Cj,  Cg,  n  and 
m  to  use  in  Equations  2-29  and  2-30. 


Table  2.3.  SUMMARY  OF  PARAMETER  VALUES  FOR  FRICTION  FACTOR  CALCULATION 

PHASE 

REGIME 

CRITERION 

Cg  or  Cl 

m  or  n 

VAPOR 

LAMINAR 

TURBULENT 

Reg.  = 

Reg,  2: 

Pi^it 

<  1500 

16 

0.046 

1.0 

0.2 

[  Mg  . 
1500 

LIQUID 

LAMINAR 

TURBULENT 

II  AJ 

cc 

■plDjil 

<  1500 

16 

0.0^5 

1.0 

0.2 

.  Ml 

500 

Note:  Re  =  1500  is  the  point  where  laminar  and  turbulent  friction 
factors  are  equal  in  these  two  models. 
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The  procedure  to  check  the  stratified  transition  using  Figures  2.14  and  2.15  is  to  first 
calculate  the  four  dimensionless  quantities  in  Equations  2-27  to  2-30.  These  quantities  depend 
upon  the  superficial  phase  velocities  (or  volumetric  flow  rates)  ji  and  j.  of  each  phase  and  the 
fluid  properties. 

The  desired  operating  point  is  first  plotted  on  Figure  2.14  at  the  coordinates  (X,Bo). 

The  line  corresponding  to  the  constant  value  of  Y  from  Equation  2-30  is  then  located.  The 
designer  notes  whether  the  operating  point  is  above  or  below  the  line.  The  desired  operating 
point  is  then  plotted  on  the  design  map  in  Figure  2.15  at  the  coordinates  (X,  Fg).  Then  the  line 
of  constant  Y  for  the  proposed  design  conditions  is  located  on  this  map,  ano  the  designer  notes 
whether  the  operating  point  is  above  or  below  tiie  line.  If  the  operating  point  falls  below  the 
line  for  the  value  of  Y  on  both  maps  (Figures  2.14  and  2.15),  then  the  flow  regime  is  stratified. 
If  the  operating  point  falls  above  the  line  for  the  value  of  Y  on  either  of  the  two  maps,  then  the 
slug  to  bubbly  flow  regime  transition  is  assessed  as  described  below. 

Note  that  if  the  acceleration  level  is  very  small,  for  example  at  microgravity  conditions 
where  a  b  10-^’,  then  Y  =  0.  The  lines  corresponding  to  Y  =  0  are  highlighted  in  Figures  2.14 
and  2.15. 

Slug  to  Bubbly  Flow  Regime  Transition.  The  transition  from  the  slug  to  the  bubbly 
flow  regime  should  be  examined  as  the  second  step.  The  slug  to  bubbly  flow  regime  transition 
consists  of  two  parts: 

•  A  transitior*  based  upon  fluid  turbulence,  and 

•  A  transition  based  upon  a  critical  void  fraction, 

and  both  of  these  criteria  need  to  be  checked  to  determine  the  flow  regime. 

Figure  2.16  is  the  dimensionless  design  map  for  the  transition  based  upon  turbuLnee. 

To  determine  the  flow  regime,  a  dimensionless  Weber  number: 


■pPOr  +  ji)2' 

a 

and  the  dimensionless  Bond  number  from  Equation  2-27  are  used,  where 

Pi  is  the  liquid  phase  density  (kg/m^), 
pg  is  the  gas  phase  density  (kg/m^), 

D  is  the  pipe  diameter  (m), 

(7  is  the  surface  tension  (N/m), 

jg  is  the  superficial  velocity  of  the  gas  phase  (m/s),  and 

ji  is  the  superficial  velocity  of  the  liquid  phase  (m/s), 


Wcj  = 


PlDj2' 

(2-3n 


The  point  with  coordinates  (Bo,  Wej)  is  then  located  on  Figure  2.16.  If  the  point  is  above  the 
transition  line  in  the  figure,  then  the  regime  may  be  bubbly,  but  the  second  (void  fraction) 
transition  criterion  must  be  checked  first. 
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Figure  2.16. 


DIMENSIONLESS  MAP  FOR  BUBBLY  REGIME 
TRANSITION  BASED  UPON  TURBULENCE 


Equation  2-20  can  be  written  in  dimensionless  form  as: 

■  1  1.41 

M  = - 1  -  - ^  (2-32) 

CoOc  CoKgP* 

where 

M  =  (j,/jg)  (2-33) 


K  =  - -  (2-34) 

[mggD(p,  -Pg)]0-25 

P*  =  (P\fpg)  (2-35) 

and  the  other  parameters  are  defined  above. 

Figure  2.17  illustrates  the  second  slug  to  bubbly  flow  regime  transition  criterion,  based 
upon  a  critical  void  fraction.  The  design  map  in  Figure  2.17  plots  the  dimensionless  regime 
transition  of  Equation  2-32  using  the  parameters  defined  by  Equations  2-33,  2-34,  and  2-35. 
The  design  map  uses  the  recommended  value  Co  =  1.2.  The  proposed  operating  point  is 
plotted  in  Figure  2.17  at  the  coordinates  (K--ip*-o-5,  M).  If  the  operating  point  is  above  the 
transition  line,  then  the  flow  regime  is  bubbV-  If  the  operating  point  is  below  this  line,  then 
the  slug  to  annular  flow  regime  transition  needs  to  be  evaluated  as  described  below. 
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Figure  2.x 7.  DIMENSIONLESS  MAP  FOR  BUBBLY  REGIME  TRANSITION 
BASED  UPON  CRITICAL  VOID  FRACTION 


Slug  to  Annular  Flow  Regime  Transition.  If  the  liquid  fraction  is  varied  between 
values  of  zero  and  the  critical  value,  aig,  then  Equations  2-21,  2-22,  and  2-23  map  out 
coordinates  of  (X,  Y)  as  shown  by  the  upper,  U-shaped  portion  of  the  curve  in  the  design  map 
of  Figure  2.18.  Equation  2-24  with  Equation  2-23  and  with  aic  =  0.24  describes  the  line 
originating  in  the  region  Y  <  0  in  Figure  2.18. 

Tiie  slug  to  annular  flow  regime  transition  involves  two  of  the  same  dimensionless 
groups  as  the  stratified- to-slug  transition;  namely,  the  parameters  X  and  Y  given  in 
Equations  2-30  and  ^-31.  The  proposed  design  point  is  plotted  on  the  graph  of  Figure  2.18,  for 
the  coordinates  (X,Y).  If  the  location  of  the  design  point  is  below  the  curve  in  the  figure,  then 
the  flow  regime  is  annular.  If  the  location  of  the  design  point  is  above  the  curve  in  the  figure, 
then  the  flow  regime  is  slug  because  all  of  the  previous  regimes  have  been  checked,  and  that  is 
the  only  regime  remaining. 

It  should  also  be  noted  that  for  microgravity  conditions  where  a  =  10-6g  the  value  of  Y 
is  approximately  0,  so  that  only  the  X  coordinate  is  important.  Thai  is,  the  point  can  be 
plotted  as  (X,0).  If  Y  =  0  and  the  value  of  X  5  1.47,  then  the  flow  regim.e  is  annular.  If 
X  >  1.47,  then  the  flow  regime  is  slug. 
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Figure  2.18.  DIMENSIONLESS  MAP  FOR  ANNULAR  REGIME  TRANSITION 


2.4  Validation  With  Microgravity  Flow  Regime  Data 

As  Bamea  (1986)  points  out,  the  methods  and  models  described  here  apply  well  at 
earth  gravity  to  the  full  range  of  pipe  inclinations  from  vertical  upward,  to  horizontal,  to 
vertic^  downward.  Examples  of  the  flow  regime  comparisons  are  given  in  Bamea  (1986), 
Bamea  et  al.  (1982)  and  Taitel  et  al.  (1980).  The  purpose  of  this  section  is  to  illustrate  that  the 
same  models  can  be  applied  to  microgravity  conditions. 


2.4.1  Experimental  Data 

Table  2.4  summarizes  the  nine  experimenters,  test  geometries,  and  range  of  data  for 
microgravity  tests  of  gas-liquid  flows.  Mo.st  of  the  experiments  have  been  performed  on 
aircraft  which  provide  about  25  seconds  of  acceleration  at  about  a  =  O.Olg.  A  few  tests  have 
been  performed  in  drop  towers  which  provide  a  few  seconds  of  acceleration  at  0.00  ig  or  less. 

Tube  sizes  range  from  6  to  40  ram.  This  is  an  appropriate  size  range  for  two-phase 
thermal  management  systems  at  power  levels  from  2  kW  to  25  kW.  Tubes  in  directly 
condensing  radiators  might  be  somewhat  smaller  (only  a  few  millimeters  in  diameter). 
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The  fluids  used  in  the  tests  include  primarily  air/water  combinations  and  several  types 
of  Freon  refrigerants.  No  microgravity  data  are  available  for  ammonia,  heat  transfer  fluid  most 
likely  to  be  used  for  thermal  management  systems  on  satellites  or  manned  spacecraft  With 
these  fluids,  the  ratio  of  the  liquid  density  to  the  gas  density  ranges  from  30  (R'-12)  to  900 
(air/water).  This  density  ratio  is  an  important  criterion  in  the  flow  regime  transitions  which 
depend  upon  void  fraction.  For  comparison,  ammonia  has  a  density  ratio  of  about  88  at  room 
temperature.  At  a  density  ratio  of  50  to  100,  experiments  with  Freon  R-11  come  the  closest  to 
matching  this  value. 

Effects  of  surface  tension  are  not  strong  in  the  existing  analytical  models.  Only 
a  relatively  small  range  of  surface  tension  has  been  snidied  experimentally  -  from  0.018  N/ra 
with  Freon  to  0.050  Wm  with  air  and  water.  This  bounds  the  surface  tension  of  ammonia, 
which  is  about  0.023  N/ra. 


2.4.2  Comparisoos  with  Individual  Experiments 

This  section  describes  the  comparisons  between  the  design  manual  methods  and  the 
experiments  listed  in  Table  2.4.  The  MICROREG  software  (Crowley,  1992)  has  been  used  in 
the  comparisons. 

Chen  et  ah  (1988).  These  flow  regime  data  were  obtained  with  Freon  R-1 14, 
nominally  at  a  constant  mass  flux  (G  =  200  kg/m^-s).  The  heat  input  was  varied  at  constant 
mass  flux  in  order  to  vary  the  quality  from  alwut  5%  to  86%. 

These  raicrogravity  data  provide  information  about  the  transition  between  the  slug  and 
annular  flow  regimes.  Figure  2.19  shows  that  the  observed  transition  lies  very  close  to  the 
calculated  transition.  The  observed  transition  is  in  the  range  of  the  transition  curve  governed 
by  the  critical  void  fraction  and  the  interfacial  shear  model.  The  baseline  interfacial  shear 
model  (Wallis,  1969)  and  the  baseline  liquid  fraction  otic  =  0-24  woric  well  for  these  data. 

Chen  et  al.  also  provide  complementary  flow  regime  observations  at  Ig  (Figure  2.20). 
For  the  mass  flux  chosen,  many  data  previously  in  the  slug  flow  regime  at  O.Olg  (Figure  2.19) 
are  in  the  sUatified  flow  regime  at  Ig  (Figure  2.20).  Data  at  the  highest  vapor  velocities 
remain  in  the  annular  flow  regime.  The  observed  data  for  the  stratified  to  nonstratified  regime 
transition  lie  right  on  the  borderline  with  respect  to  the  transition  from  stratifled  flow.  A 
slightly  larger  value  of  the  interfacial  shear  (f/fwg)  would  predict  these  data  well. 

Colin  et  al.  (19911.  This  experiment  primarily  studied  the  transition  between  the 
bubbly  and  slug  flow  regimes.  The  measured  transition  occurs  at  approximately  a  constant 
void  fraction  of  a,.  =  0.2  (Figure  2.21). 

The  predicted  transition  between  slug  and  bubbly  flow  regimes  has  two  parts;  one  at  a 
constant  void  fraction  of  about  0.40,  and  the  other  —  based  upon  turbulence  —  has  a  negative 
slope  with  respect  to  liquid  velocity.  For  the  portion  of  the  transition  at  constant  void  fraction, 
these  data  suggest  a  lower  critical  void  fraction  as  the  transition  criterion.  The  authors 
attribute  the  lower  void  fraction  for  the  transition  in  the  data  to  the  larger  pipe  diameter 
(40  ram)  and  the  short  length  of  the  test  section,  suggesting  that  entrance  effects  may  play  a 
role  in  the  results  observed  in  these  tests. 
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Figure  2.21.  CXJMPARISOH  WITH  COLIN  ET  AL.  (1991) 
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For  the  portion  of  the  transition  based  on  turbulence,  the  comparisons  may  suggest  that 
this  transition  twundary  disappears  (moves  to  lower  liquid  velocity)  more  rapidly  with 
decreasing  acceleration  than  is  shown  by  the  analysis.  On  the  other  hand,  the  calculated 
transition  would  be  at  liquid  velocities  lower  than  the  data  range  if  the  actual  acceleration  level 
achieved  is  only  slightly  less  than  the  reported  average  value  of  a  =  0.03g.  The  authors 
suggest  that  this  may  be  the  case. 

Crowley  et  al.  (1991).  Figure  2.22  shows  the  limited  data  obtained  at  0.0  Ig  in  these 
experiments.  Measured  data  in  the  annular  flow  regime  intrude  across  the  uansition  boundary 
to  slightly  higher  liquid  velocities  than  is  predicted  by  the  analysis.  This  suggests  that  the  part 
of  the  an^ytical  transition  at  constant  liquid  fraction  should  be  moved  to  a  higher  value  of  the 
liquid  fl*action  in  order  to  include  these  data.  One  observed  data  point  in  the  slug  flow  regime 
lies  right  on  the  border  between  the  slug  and  bubbly  flow  regimes,  but  provides  insufficient 
information  to  make  any  conclusions  a^ut  that  transition. 

Figure  2.23  presents  the  complement^  Ig  data  (horizontal)  for  this  experiment.  With 
respect  to  the  stratified  to  nonsmatified  transition,  the  interfacial  shear  should  be  lower  than  the 
baseline  value  (f/fw.  =  5)  in  order  to  match  the  measured  transition.  A  value  near  unity 
matches  the  data.  TTie  transition  between  the  slug  and  annular  flow  regimes  matches  the 
observed  regimes  well. 
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Duklef  et  al.  0987^.  Experiraenus  by  Dukler  et  al.  have  been  performed  in  a  NASA 
Leaijet  as  well  as  the  Lewis  Re^arch  Center  drop  tower  facilities.  Figures  2.24  and  2.25 
present  the  comparisons  for  these  sets  of  data.  Figures  2.24  and  2.25  both  show  that  the 
transition  from  bubbly  to  slug  flow  is  adequately  predicted  by  the  analysis.  Figure  2.24  shows 
that  the  transition  between  tiie  slug  and  annular  flow  regimes  might  lie  at  higher  liquid  flow 
rate  (or  liquid  fraction),  similar  to  the  data  from  Crowley  et  al. 

Dukler  et  al.  have  obtained  additional  flow  regime  observations  in  the  Leaijet, 
including  data  at  an  intermediate  acceleration  of  0.17g  (representing  the  gravity  level  on  Mars) 
and  data  with  air/glycerine.  Those  data  have  not  yet  been  published.  However,  the  initial 
comments  of  reviewers  with  access  to  both  the  MICROREG  software  and  the  data  report  that 
the  portion  of  the  slug  to  bubbly  transition  based  upon  turbulence  is  questionable  at 
intermediate  accelerations. 

Heppner  et  al.  (1975).  As  reported  in  an  earlier  version  of  the  design  manual  (Crowley 
and  Izenson,  1989),  the  lack  of  information  about  these  data  precludes  meaningful 
comparisons. 

Hill  and  Best  (19911.  Figures  2.26  and  2.27  show  the  microgravity  data  from  these 
experiments  at  8.8  and  11.1  ram  tube  sizes,  respectively.  The  preponderance  of  the  data  are  in 
the  annular  flow  regime.  The  comparisons  in  these  two  figures  suggest,  as  do  previous  data, 
that  the  transition  between  slug  and  annular  flow  regimes  occurs  at  slightly  greater  liquid 
velocity  (or  liquid  fractions)  than  is  calculated.  Figures  2.28  and  2.29  show  that  the  critical 
liquid  fraction  in  this  transition  must  be  increase  to  aic  =  0.40  in  order  to  bound  the  observed 
data  in  the  annular  flow  regime.  This  is  a  minimum  value,  since  there  are  no  data  in  the  slug 
flow  regime  at  higher  liquid  velocities. 

For  some  cases  which  are  nominally  under  the  same  conditions  where  annular  flow  is 
observed,  however,  the  flow  regime  is  reported  to  be  slug  or  slug-annular  transition  instead  of 
annular.  There  may  be  a  reason  to  neglect  these  few  observations  which  are  not  in  annular 
flow.  The  reason ’s  that  there  is  a  large  uncertainty  in  the  gas  flow  rate  for  those  cases  (taken 
on  a  certain  flight  date),  and  they  may  actually  lie  ai  significantly  lower  gas  velocities  than 
reported  here.  Additional  micrograviiy  data  are  expected  to  be  available  from  this  facility. 

Complementary  flow  regime  observations  have  been  obtained  during  the  periods  of  the 
KC-135  flight  profile  between  the  microgravity  parabolas.  Nominally,  these  conditions  were 
expected  to  correspond  to  horizontal,  ground  test  data.  The  data  are  mainly  observed  to  be  in 
the  stratified  flow  regime  (Figure  2.30),  with  the  transition  from  stratified  to  slug  flow  at  a 
superficial  liquid  velocity  of  Jj  =  0.6.  Analytical  predictions  indicate  that  the  data  should  be 
predominantly  in  the  slug  flow  regime,  even  at  the  highest  value  of  the  interfacial  shear.  The 
predicted  transition  from  suatified  to  slug  flow  is  significantly  lower,  at  j|  =  0.1.  This  result  - 
where  the  transition  is  not  bounded  by  the  range  of  uncertainty  in  interfacial  shear  -  is 
contrary  to  the  preponderance  of  stratified  data  in  the  literature.  Even  the  more  comprehensive 
one-dimensional  wave  theory  (Crowley,  Wallis,  and  Barry.  1992)  fails  to  account  for  this 
difference,  as  shown  by  the  dashed  uansition  line  in  the  figure.  The  result  suggests  that  the 
test  section  was  probably  not  level  during  the  observation  period,  but  had  a  slight  upward  slope 
of  several  degrees  or  more.  True  ground  test  data  are  presently  being  obtained  in  this  facility 
which  should  answer  this  question. 
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Lee  and  Best  (1987).  The  data  from  Lee  and  Best  (Figure  2.31)  provide  some 
information  on  both  the  slug  to  bubbly  and  slug  to  annular  regime  transitions  at  low  gravity. 
The  predicted  transition  from  slug  to  bubbly  flow  lies  correctly  between  the  data  observed  to 
be  in  the  bubbly  and  the  slug  flow  regimes.  Because  of  the  limited  number  of  data  points, 
however,  it  is  difficult  to  pinpoint  this  transition.  Like  data  from  Hill  and  Best  described 
above,  these  data  also  suggest  that  the  part  of  the  transition  based  upon  void  fraction  occurs  at 
higher  liquid  velocities  (fugher  liquid  fraction)  for  the  slug  to  annular  transition. 

Rezkallah  (1991).  The  experimental  data  from  the  University  of  Saskatchewan 
(Figure  2.32)  show  that: 

•  For  the  pan  of  the  slug  to  bubbly  transition  based  upon  a  critical  void  fraction, 
the  model  agrees  with  the  results  from  the  Dukler  model  (a^  =  0.40). 

•  For  the  part  of  the  slug  to  annular  transition  based  upon  a  critical  void  fraction,  a 
somewhat  larger  liquid  fraction  than  is  included  in  the  model  (aic  =  0.24)  is 
needed  to  match  these  data.  Figure  2.33  shows  that  a  value  of  Uir,  =  0.40,  which 
matches  the  Hill-Best  data  (Figures  2.28  and  2.29),  may  be  slightly  too  large  to 
compare  well  with  these  data. 

Further  microgravity  data  are  also  expected  from  this  facility. 
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2.4.3  Cooclusioiis  Eroni  Microgiavity  Compariaons 

This  section  surarnarizes  general  conclusions  about  the  comparisons  of  the  design 
manual  methods  against  the  microgravity  data  with  respect  to  each  of  the  three  transitions. 


Slu&Tg-Annuiar  IransiiiPn 

Comparisons  between  the  data  and  the  design  manual  methods  suggest  that: 

•  A  slight  modification  is  needed  for  the  part  of  the  transition  which  occurs  at 
critical  liquid  fraction,  otig.  The  effect  can  be  bounded  by  a  constant  value 
between  0.24  and  0.4  in  the  model,  but  needs  further  verification  through 
experiments. 

•  A  cutoff  model  developed  by  Lee  (1987)  involving  surface  tension  does  not 
compare  well  with  the  available  data  and  has  not  been  included  here  (see  the 
discussion  below). 
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ConstantJV^Qid  fraction.  For  the  part  of  this  transition  ba  sed  upon  critical  liquid 
fraction,  several  experiments  (Crowley.  Dukler.  Hill-Best,  Lee-Eest,  and  Rezkallah)  suggest 
that  this  transition  occurs  at  higher  liquid  velocity  than  calculated  in  the  baseline  model.  In 
the  discussion  of  Section  2.4.2,  this  is  referred  to  as  an  indication  that  the  transition  occurs  at  a 
higher  critical  liquid  fraction  for  simplicity.  The  actual  situation  is  more  complicated.  Since 
the  calculated  liquid  fraction  is  determined  by  the  relationship  for  the  inteifacial  shear  (see 
Equation  2-23),  the  same  result  can  be  achieved  by  either: 

•  Increasing  the  liquid  fraction  while  retaining  the  interfacial  shear  relationship,  or 

•  Modifying  the  interfacial  shear  relationship  to  increase  the  interfacial  fricuon  at  a 
given  liquid  fraction. 

It  is  necessary  to  have  liquid  fraction  measurements  corresponding  to  the  flow  regime  data  in 
order  to  decide  whether  the  first  or  second  approach  is  correct.  Until  liquid  fraction 
measurements  are  available  to  refine  the  approach,  the  upper  limit  for  he  modelling  parameter 
of  critical  liquid  fraction  can  be  extended  from  aic  =  0.24  to  aje  =  0.40  in  the  analysis  to 
represent  this  uncertainty. 

Special  Cutoff  Based  Upon  Surface  Tension.  Lee  and  Besi  (1987)  suggested  a  slug  to 
annular  transition  criterion  based  upon  surface  tension  forces.  Many  of  these  experiments 
indicate  that  as  a  minimum  the  cutoff  is  predicted  at  much  too  high  a  gas  velocity.  This  cutoff 
has  been  considered  here,  but  ultimately  not  validated  for  use  in  the  design  manual. 


Slufc.iQ..Bubbiy..TiansiLiQn 

The  comparisons  for  this  uansition  suggest  that: 

•  The  range  of  critical  void  fraction  might  extended  to  lower  void  fraction  (at  least 
for  larger  pipes)  in  the  portion  of  the  model  based  on  void  fraction. 

•  That  the  portion  of  the  model  based  upon  turbulence  is  either  inappropriate  at 
these  tube  sizes  or  disappears  more  quickly  as  the  acceleration  level  is  reduced. 

Constant  Void  Fraction.  For  the  part  of  this  transition  based  upon  a  critical  void 
fraction,  the  data  from  tubes  less  than  40  mm  in  diameter  indicate  that  the  u-ansition  is 
predicted  well  at  the  baseline  value  of  =  0.40  in  the  model.  Only  the  data  from  Colin  et  al. 
at  the  40  mm  tube  size  suggest  that  the  transition  should  be  at  a  lower  void  fraction  of  a^,  = 
0.2.  This  may  be  attributable  to  the  short  length  of  the  test  section,  according  to  the  authors. 

Turbulence  Model.  For  the  part  of  this  U-ansiiion  based  upon  turbulence,  experimental 
data  suggest  that  the  transition  drops  to  low  liquid  velocities  more  quickly  as  the  acceleration 
level  is  reduced  than  the  model  predicts.  (See  the  data  by  Colin  et  al.)  For  the  most  part,  this 
transition  is  of  no  consequence  at  microgravity  conditions.  Data  at  intermediate  acceleration 
levels  (representing  lunar  and  Mars  gravity)  are  expected  from  NASA  LeRC.  These  data 
should  be  used  to  validate  the  methods  for  this  transition  when  they  become  available. 
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The  model  correctly  predicts  that  the  stratified  transition  lies  below  the  range  of  the 
data  obtained  at  O.Olg,  No  change  to  the  models  is  needed. 

The  transition  from  the  stratified  to  nonstratified  regimes  only  matters  in  the 
comparisons  at  about  Ig.  The  range  of  interfacial  shear  given  in  the  model  causes  the  data  to 
be  bounded  for  the  transitions. 

Note;  For  applications  at  earth  gravity,  the  stratified  to  slug  portion  of  the  transition  is 
generally  predicted  very  well.  The  stratified  to  annular  portion  of  the  transition  is  not  always 
predicted  very  well  •-  especially  in  the  region  where  stratified,  annular,  and  slug  regimes  meet. 
Stratified  flow  tends  to  extend  to  higher  gas  velocities  than  given  by  the  model  in  observations 
near  this  point.  (This  is  evident  in  the  pressure  drop  comparisons  as  well,  where  the  pressure 
drop  is  given  by  the  stratified  model  at  the  regime  boundary  -  approximately  Fg  ^  1  and  by 
the  annular  model  only  when  Fg  =  3.)  This  is  not  important  for  space  tests,  but  might  be 
important  in  ground  tests  of  the  equipment.  (See  the  discussion  of  ground  tests  in 
Section  3.5.2.) 
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TRANSPORT  UNES:  Pressure  Drop  Methods 


This  section  of  the  design  manual  provides  methods  to  calculate  the  two-phase  pressure 
drop  in  piping.  Knowledge  of  the  flow  regime  is  crucial  to  the  calculation  of  the  pressure  drop 
and  void  fraction  in  pipes,  and  Section  2  of  the  manual  covers  the  flow  regime  determination 
for  pipe  components.  Pressure  drop  methods  for  bends  or  elbows,  tees,  and  fittings  are  also 
included  here. 

Section  3.1  summarizes  the  methods  and  discusses  the  applications. 

Section  3.2  describes  the  methods  and  presents  the  basic  equations  for  each  of  the 
calculations.  Calculation  methods  are  available  for  the  following  components 

•  Pipes  (various  flow  regimes), 

•  Bends  and  elbows, 

•  Mixing  tees,  and 

•  Fittings  (expansions,  contractions  and  short  inserts) 


The  companion  software  called  MICROP  (Crowley,  et  al.,  1992)  developed  on  this  project 
uses  the  methods  and  equations  presented  in  this  section. 

Section  3.3  summarizes  the  information  which  the  designer  must  have  in  hand  in  order 
to  esUraate  the  pressure  drop.  This  section  also  presents  dimensionless  parameters  and  graphs 
which  can  be  used  to  quickly  calculate  void  fraction  and  pressure  gradient  for  a  specific  flow 
regime  in  pipes.  This  section  is  set  up  so  that  the  user  does  not  need  to  know  the  details  of  the 
theory  or  the  equations.  The  designer  approaches  the  calculations  with  knowledge  of  the  flow 
regime,  the  phase  flow  rates,  physical  geome^,  and  fluid  conditions.  Simple  dimensionless 
parameters  are  used  to  determine  a  void  fraction  or  a  two-phase  multiplier  on  plots.  The 
pressure  gradient  is  then  calculated  by  using  this  information  in  explicit  equations. 

Finally,  Section  3.4  compares  the  pressure  drop  and  void  fraction  calculations  for  the 
recommended  design  methods  against  data  from  various  microgravity  experiments  and  ground 
based  experiments  with  ammonia. 

The  design  methods  recommended  here  apply  to  a  wide  range  of  acceleration  levels, 
including  earth  gravity  and  microgravity,  and  all  "inclinations".  The  upper  limit  on  the 
acceleration  level  would  be  the  point  where  fluid  properties  vary  significantly  across  the  flow 
channel  due  to  pressure  gradients  caused  by  large  body  forces.  Once  the  flow  regime  is 
selected  from  four  possible  choices  (see  Section  2),  the  pressure  drop  specific  to  that  regime 
can  then  be  calculated  by  the  methods  presented  in  this  section. 


3.1  Summary  and  Application  of  Pressure  Drop  Methods 

Pressure  drop  methods  have  been  developed  for  a  variety  of  basic  flow  components. 
These  components  are  found  in  the  adiabatic  Uansport  lines  in  two-phase  thermal  management 
systems. 
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3.1.1  Summary  of  Pressure  Drop  Methods 

Figure  3.1  shows  the  pipe,  elbow,  tee,  and  fitting  components  which  can  be  modelled. 
To  calculate  the  pressure  drop  in  a  straight  pipe  component,  the  flow  regime  must  first  be 
determined  from  among  the  four  possible  regimes: 

•  Aimular, 

•  Slug, 

•  Bubbly,  or 

•  Stratified. 

The  sketches  for  straight  pipes  in  Figure  3.1  illustrate  these  four  flow  regimes.  (Section  2 
describes  them  in  greater  detail  and  provides  the  methods  to  determine  the  regime.) 

The  three  general  geometries  for  fittings  are: 

•  Abrupt  expansion. 

•  Abrupt  contraction,  or 

•  Short  insert 


Figure  3.1.  GEOMETRIES  AND  FLOW  REGIMES  FOR 
PRESSURE  DROP  CALCUUTIONS 
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Table  3.1  summarizes  the  main  features  of  the  recommended  models  for  pressure 
gradient  and  void  fraction  in  pipes.  The  model  used  for  each  of  the  flow  regimes  is 
mechanistic.  In  contrast  to  empirical  correlations,  which  abound  in  the  two-phase  flow 
literature,  the  mechanistic  approach  considers  the  governing  physics  in  the  momentum 
balances,  therefore  the  mechanistic  models  should  scale  well  over  a  range  of  acceleration 
magnitudes  (g-levels). 

These  are  not  the  only  mechanistic  mouelling  approaches  in  the  literature.  Generally, 
alternate  mechanistic  models  can  be  derived  at  various  levels  of  detail  for  each  of  the  four 
flow  regimes.  Modelling  approaches  used  include: 

•  Homogeneous, 

•  Drift  flux,  and 

•  Separated  (also  called  Two  Fluid). 

The  models  recommended  here  use  whichever  approach  suffices  for  design  purposes. 

Table  3.1  shows  that  the  mechanistic  models  for  the  slug  and  the  bubbly  flow  regimes  are 
based  upon  a  "drift  flux"  approach  and  that  the  models  for  the  annular  and  stratified  flow 
regimes  are  based  upon  a  "separated"  approach.  For  more  detailed  information  on  the 
background,  the  reference  texts  on  two-phase  flow  modelling  by  Wallis  (1969)  and  Collier 
(1986)  are  recommended  reading. 


Tabic  3.1.  ICTIOOS  PDR  PRESSURE  DROP  CALCUljtTlONS  IN  STRAIGHT  PIPES 
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Table  3.2  summarizes  the  methods  used  to  calculate  pressure  drop  in  the  other  types  of 
components:  elbows,  tees,  and  fittings.  In  several  instances  -  elbows,  tees,  and  abrupt 
conu^cUons  -  a  homogeneous  two-phase  model  is  used.  For  abrupt  expansions  and  short 
Inserts,  a  separated  model  approach  is  used.  The  table  lists  the  references  for  these  models  as 
well. 


3.1.2  Applications 

Most  two-phase  thermal  management  systems  for  spacecraft  include  gas  and  liquid 
flow  in  the  transport  line  between  the  evaporator  and  condenser  components  or  in  the 
condenser/radiator  component.  Mechanically  pumped  systems  permit  two-phase  flow  at  the 
evaporator  exit  Others,  such  as  capillary  pumped  loops  (CPLs)  or  droplet  impingement 
cooling  (DIG)  devices,  have  single-phase  flow  at  the  evaporator  exit,  but  two-phase  flow 
occurs  downstream  in  the  transport  line  because  heat  losses  lead  to  condensate  formation 
between  the  evaporator  and  the  condenser. 


Title  3.2.  PRESSURE  DRW  MBIEODS  IS  PIPING  COMPOlffiNTS 
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For  space  systems  operating  under  raicrogravity  conditions,  the  annular  flow  regime  is 
probably  the  most  common  in  pipes.  This  is  because  the  annular  flow  regime  occurs  at  flow 
qualities  above  x  =  0.05.  Flow  qualities  at  the  evaporator  exit  typically  approach  1.0  in  order 
to  take  maximum  advantage  of  the  latent  heat  of  vaporization  of  the  liquid,  which  is  the  main 
purpose  for  using  two-phase  systems  in  the  first  place.  The  slug  and  bubbly  flow  regimes  will 
be  less  common  during  steady-state  operation  because  they  occur  at  low  flow  qualities.  Slug 
and  bubbly  flows  may  be  encountered  at  turndown  conditions,  during  startup  and  shutdown,  or 
in  short  regions  of  high-shear  condensers  and  evaporators.  The  stratified  flow  regime  may 
appear  during  ground  testing,  or  when  the  acceleration  level  is  relatively  large  (greater  than 
O.lg). 

The  methods  in  this  section  apply  to  adiabatic  flow  in  pipes  and  fittings.  Alternate 
geometries  such  as  square  or  rectangular  channels  could  be  treated  by  similar  methods,  but  are 
not  included  here.  The  methods  also  assume  that  the  liquid  phase  wets  the  material  of  the  pipe 
wail.  If  the  liquid  does  not  wet  the  wall  surface  (such  as  mercury  in  a  glass  tube  for  example), 
then  the  flow  regime  may  be  different  than  the  regimes  considered  here,  and  the  pre.ssure  drop 
models  will  differ  accordingly. 

The  recommended  models  for  pressure  drop  in  pipes  have  been  exten.sively  compared 
against  experimental  data  at  earth  gravity  in  various  flow  orientations  ranging  from  vertical 
upward  to  vertical  downward.  In  5ie  absence  of  gravity,  the  hydrostatic  component  of  the 
pressure  gradient  becomes  negligible,  and  the  frictional  component  dominates,  so  the  models 
reduce  to  the  appropriate  limits  under  microgravity  conditions. 


3.2  Pressure  Drop  Methods  for  Each  Row  Regime  in  Pipes 

This  section  presents  the  detailed  analytical  equations  and  solution  methods  used  to 
calculate  the  void  fraction  and  the  pressure  gradient  in  each  of  the  four  flow  regimes.  See 
Figure  3.1  for  sketches  of  the  flow  regimes. 


3.2.1  Equations  for  Pressure  Drop  in  Pipes 

Annular  Row  Regime.  The  references  by  Wallis  0969)  and  Hewitt  (1982)  describe 
the  derivation  of  the  basic  model  for  the  annular  flow  regime.  In  the  separated  approach  used 
in  this  regime,  individual  momentum  balances  are  first  written  for  each  of  the  gas  and  liquid 
phases.  These  equations  are  then  subtracted  to  derive  the  void  fraeflon  equation  and  added  to 
derive  the  pressure  gradient  equation  for  this  regime. 

The  first  step  in  the  calculation  process  for  this  flow  regime  is  to  determine  if 
entrainment  occurs,  and  if  so,  the  value  of  the  entrainment  fraction.  First,  calculate  the  critical 
velocity,  V^,  for  onset  of  liquid  entrainment  by; 


where 


Pi  is  the  density  of  the  liquid  phase  (kg/ro^), 

Pi  is  the  density  of  the  gas  phase  (k^m-i), 

0  is  the  surface  tension  (N/m),  and 

Pi  is  the  viscosity  of  the  gas  phase  (kg/it:  s). 

Waliis  (1969)  provides  this  critical  vcloci<y  equation. 

Then  calculate  the  fraction  of  the  liquid  flow.  Ed,  in  the  form  of  entrained  droplets: 


Ed  = 


1  -  exp 


(3-2) 


where 


Vg  is  the  critical  velocity  by  Equation  3-1, 

Cj  is  a  coefficient  with  a  value  0  <  <  0.23.  and 

ji  IS  the  superficial  velocity  of  the  gas  phase  (iti/'s). 

Liles  and  Mahaffy  (1986)  tterived  this  relationship  to  represent  the  fraction  of  liquid  which  is 
in  the  form  of  entrained  droplets.  Values  of  Ed  less  than  zero  should  not  be  allowed. 

Next  calculate  the  density  of  the  gas/liquid  droplet  core  as  a  homogeneous  mixture: 


where 


Ed  is  the  fraction  of  liquid  entrained  as  droplets  from  Equation  3-1  (-), 

0^  is  the  density  of  the  two-phase  mixture  tKg/m^),  and 
j,  is  the  supeificia!  veiO'Ciiy  of  the  liquid  phase  (m/s). 

Note  that  if  the  rate  of  liquid  entrainment,  Ed,  is  zero,  the  density  of  the  core  flow  is  the  same 
as  tiie  gas  density  Pg. 

The  basic  equation  for  the  liquid  fraction  in  the  film  for  the  annular  flow  regime  is: 

r 

X^(]-Ed)i-8  -  [Ul  — JIIl -  +  0  (34) 

j;.H,f)2.5 

where  the  diraensi‘;nless  Maninelli  parameter.  Xj,  Is 

■4f»,(pJ,2/2D)11 

X,  =  - - -  (3-5) 

4f^,^(Pcj|^2D) 
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In  Equation  3*5  the  new  parameters  include; 

fwi  is  the  friction  factor  at  the  wall*liquid  interface  (•), 

f^^rg  is  the  friction  factor  at  a  wall  gas  interface  (•).  and 
D  is  the  pipe  diameter  (m). 

The  dimensionless  parameter,  Y^,  is; 


■m|g(pi  -  pc)(cos  d)' 
.  4f*g(pJg2/2D)  . 


(3-6) 


where 


mg  is  the  magnitude  of  the  acceleration  (-), 

g  IS  the  acceleration  of  earth  gravity  (nt's^).  and 

9  is  the  angle  between  the  flow  direction  and  the  acceleration  (°). 


And  the  recommended  model  for  the  interfacial  friction  factor  ratio,  (f/fwg).  is: 


^  (1  +  CaHifb)  (3-7) 


C*  and  b  are  coefficients  having  the  values  and  the  ranges  noted  in  Table  3.1.  Values  of  these 
coefficients  which  correspond  to  models  suggested  by  Wallis  (1969)  and  Chen  et  al.  (1989)  are 
included  in  the  •‘'.ble.  The  interfacial  friction  is  the  key  modelling  parameter  in  the  annular 
flow  regime. 


To  evaluate  Xj  in  Equation  3-5,  the  friction  factors  must  be  evaluated.  To  determine 
the  wall-liquid  friction  factor,  first  calculate  the  Reynolds  number  for  the  liquid  phase: 


RC] 


e£jil 


/2ij 


(l-Ed) 


(3-8) 


where  is  the  viscosity  of  the  liquid  phase  (kg/ra-s). 


If  the  Reynolds  number.  Re,,  is  greater  than  1500,  then: 


f,^  =  0.25 


-2.0  log 


(cr/D) 

“TT" 


r5.02 

ReT" 


log 


(e,/D)  ^ 


13  1 


1  J 


1 1 

il 

■J  J 

1 

(3-9) 


where  (e/D)  is  the  dimensionless  roughness  of  the  pipe.  This  friction  factor  model  for 
turbulent  flow  closely  approximates  the  Colebrook  friction  factor  relationship.  Suggested  by 
Zigrang  and  Sylvester  (1982),  this  model  avoids  the  iterative  approach  needed  to  solve  the 
Colebrook  form  of  the  friction  factor  equation.  If  the  Reynolds  number  for  the  liquid  phase  is 
less  than  1500  (Rei  <  1500),  however,  then: 


fwi  16(Re,)-i-o 


(3-10) 
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which  is  the  standard  equation  for  the  friction  factor  in  laminar  flow.  The  Reynolds  number  of 
1500  has  been  selected  for  the  transition  because  it  is  the  point  where  the  friction  factors  in 
Equations  3*9  and  3*10  are  equal. 


To  evaluate  in  Equation  3-5  and  Y,  in  Equation  3-6.  a  friction  factor  for  the  gas 
phase  interacting  with  a  smooth  wail  (liquid  interface)  is  calculated.  For  the  gas  phase,  the 
Reynolds  number  is 


Re, 


If  the  Reynolds  number  for  the  gas  phase,  Reg,  is  greater  than  1500,  then; 


f^  =0.25 


(eA3) 

TT 


5^2) 


log 


Xem) 


13  1 

J  J 


2 
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(3-12) 


butifRcg  <  1500,  then; 


fwg  =  16(Reg)-io 


(3-13) 


Laminar  flow  of  the  gas  phase  is  unlikely  for  the  condidons  of  interest  to  spacecraft  thermal 
management  systems. 


Equations  3-4  through  3-13  must  be  solved  iteratively  to  determine  the  liquid  holdup  in 
the  annular  liqu'd  film.  Hi/.  These  equadons  are  solved  by  systemadcally  varying  the  liquid 
holdup,  Hif,  until  the  basic  holdup  equadon  (Equadon  3-4)  is  solved.  Since  v^ues  of  Hjf  must 
lie  in  the  range  from  zero  to  unity  (and  will  tend  to  lie  closer  to  zero),  a  simple  bisecdonal 
search  method  is  recommended.  A  tolerance  of  lx  10-^  is  recommended  for  the  value  of  Hif  to 
achieve  convergence. 


With  the  liquid  fracdon  in  the  film  and  the  fracdon  of  liquid  entrained  determined,  the 
total  liquid  fraction  is; 


H,  =  + 


EdLi_‘ 
Edjr+  jg  j 


(l-Hif) 


(3-14) 


which  is  the  sura  of  the  liquid  fracdon  in  the  annular  film  and  in  the  form  of  entrained 
droplets.  Note  that  the  total  liquid  fracdon,  Hj,  is  the  same  as  the  liquid  fracdon  in  the  film, 
Hjf,  if  there  is  zero  liquid  entrainment  (E^j  =  0).  The  void  fraction  is  therefore: 


a  =  (1  -  H,) 


(3-15) 


The  frictional  component  of  the  pressure  pressure  gradient  is: 


(3-16) 
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and  the  component  of  the  pressure  gradient  due  to  body  forces  (gravity)  is: 


mgg[Hi(pi  (l*Hif)pc](cos  6) 


The  total  pressure  gradient  is  the  sum  of  the  individual  components  above: 


fdPl 

ftipi  ^ 

fdPl 

31 

u  j 

ta 

.az. 

(3-17) 


(3-18) 


Equations  3- 16,  3-17,  and  3-18  can  normally  be  applied  over  most  of  the  range  of 
interest.  However,  as  the  liquid  fraction  approaches  very  small  values  (Hjf  <  0.002),  it  is 
recommended  that  the  total  pressure  gradient  be  calculated  using  the  gas  phase  equation  alone, 
as  follows: 


+  [mggp;;(cos  6)] 


(3-19) 


More  complicated  models  could  be  written  for  the  annular  flow  regime,  involving 
liquid  droplet  entrainment  and  deposition.  For  most  cases  of  interest  to  thermal  management 
systems,  liquid  droplet  entrainment  should  not  be  significant.  The  effect  of  liquid  droplet 
entrainment  on  the  pressure  gradient  is  relatively  small  in  any  event. 


Stratified  Flow  Regime.  The  approach  to  the  raodei  for  the  stratified  flow  regime  is 
similar  to  that  used  for  the  annular  regime.  This  regime  should  not  occur  in  raicrogravily,  but 
often  occurs  in  ground  tests.  Taitel  and  Dukler  (1976)  first  developed  this  approach  for  the 
stratified  flow  regime,  although  the  form  was  first  proposed  by  Lockhart  and  Martinelli  in  the 
1950s.  Like  the  annular  flow  regime,  separate  momentum  equations  are  written  for  the  gas 
and  liquid  phases.  The  main  difference  compared  with  the  annular  flow  model  is  in  the 
geometric  parameters  which  describe  the  interfaces  between  each  fluid  phase  and  the  wall  and 
also  between  the  liquid  and  vapor  phases.  The  equations  for  each  phase  are  subtracted  to 
derive  the  void  fraction  relationship  and  added  to  derive  the  two-phase  momentum  equation 
and  the  pressure  gradient. 


First,  Uie  possible  liquid  entrainment  is  calculated  using  the  same  model  as  for  the 
annular  flow  regime.  Equations  3-1,  3-2,  and  3-3  are  used  to  calculate  the  critical  gas  velocity, 
entrainment  fraction,  and  density  of  the  homogeneous  flow  of  gas  and  liquid  droplets. 


For  the  stratified  flow  regime,  the  basic  holdup  equation  is: 


*■ 

' 

2 

S 1 

2 

Ri 

—*• 

(1  -  Ed) 

A, 

a  • 

(3-20) 
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where  the  Martinelli  parameter,  Xj,  in  stratified  flow  is; 


Xs 


r4fwi(pij?/2D)l 


o.s 


4f^(pJ|/2D) 


(3-21) 


The  dimensionless  pipe  slope  parameter.  Y,.  is: 


Y* 


niggCpi  -  pg)(cos  0)‘ 

.  4f,^{pJg2/2D)  . 


(3-22) 


The  interfacial  friction  factor  ratio  (fj  /fy^g)  in  Equation  3-20  has  a  constant  value  in  the 
range  1  <  fj/f^g  <  10  and  a  recommended  value  of  5.  Table  2.2  of  Section  2  defines  the 
dimensionless  geometric  parameters  in  Equation  3-20  as  functions  of  the  dimensionless  height 
of  the  liquid  in  the  pipe  h*. 


To  evaluate  the  parameter  X,  in  Equation  3-21.  the  friction  factor  at  the  wall-liquid 
interface  must  be  calculated.  First  determine  the  Reynolds  number  for  the  liquid  phase: 


Rei  = 


atotd  -  Ed) 


(3-23) 


If  the  Reynolds  number,  Rci,  is  greater  than  1500,  then: 

(3-24) 

using  the  Zigrang-Sylvester  (1982)  equation,  but  if  the  Reynolds  number.Rci,  is  less  than  1500, 
then; 


fwi  =  0.25 


-2.0 


logfe^. 


15.02 

ReT 


log 


(gr/D)  t  .13 


f,,i  =  16(Re,)-io  (3-25) 

for  the  laminar  regime  in  the  liquid  phase.  (See  the  notes  in  the  section  on  the  annular  flow 
regime  above  concerning  these  friction  factor  models.) 

To  evaluate  the  parameter  X,  in  Equation  3-20  and  Y,  in  Equation  3-21,  the  friction 
factor  at  the  wall-gas  interface  must  be  calculated.  The  first  step  is  to  determine  the  gas  phase 
Reynolds  number: 


-  I  p, 


*  4i 


(3-26) 


If  RCg  S  1500,  then: 


f-  -  0.25  [. 2.0  log{<£^-  [^]log[%™H.^ 


13 


I)-’ 
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If  RCg  <  1500,  then; 


f^„  =  16(ReJ-io 

3-10  ' 


(3-28) 


The  dimensionless  liquid  level,  h*.  which  satisfies  Equations  3-19  through  3-28,  must 
be  determined  by  an  iterative  approach.  To  solve  these  equations  iteratively,  the  value  of  the 
liquid  level  h'^  is  varied  until  both  sides  of  the  holdup  equation  (Equation  3-19)  are  equal. 
There  is  only  a  single  solution  for  downward  inclinations  or  horizontal  flows.  Since  values  of 
h*  must  lie  in  the  range  from  zero  to  unity  (and  will  tend  to  be  less  than  0.5),  a  simple 
biscctional  search  method  could  be  used.  (Due  to  the  cylindrical  geometry  of  the  pipe 
cross-section,  there  is  a  possibility  of  multiple  (three)  solutions  for  certain  cases  with  small 
upward  inclinations  in  the  stratified  flow  regime.) 


Once  the  value  of  h*  which  satisfies  the  equations  is  found,  the  liquid  fraction,  Hjf,  in 

id 

the  stratified  layer  is  determined  from  the  geometric  parameter,  Rj  .  by: 


[l/R,-] 


(3-29) 


When  entrainment  occurs,  the  total  liquid  fraction,  H],  is  the  sum  of  the  fraction  in  the 
liquid  film  and  the  entrained  liquid; 


H, 


Hif  + 


(1  -  H,f) 


(3-30) 


and  the  void  fraction  is: 


a  =  (1  -  H,) 


(3*31) 


Once  the  liquid  fraction  has  been  determined,  calculating  the  pressure  gradient  is 
sttaightforward.  The  frictional  component  of  the  pressure  gradient  is: 


dPl 

dz 


fst 


2f 


wl 


R. 


(1  -  Ed) 


2f, 


Wg 


R= 


The  component  of  the  pressure  gradient  due  to  body  forces  (gravity)  is: 

=  nigg[H,(p,  +  (1  -  Hif)pJ(cos  0) 


dPl 

dz 


gst 


The  total  pressure  gradient  is  therefore: 


fdP] 

fdP! 

fdP] 

dz 

V  j 

tst 

dz 

+ 
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(3-33) 


(3-34) 
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Because  it  is  difficult  to  achieve  numerical  accuracy  in  the  calculations  when  the  liquid 
fraction  approaches  the  limits  of  zero  or  unity,  the  liquid  phase  or  the  gas  phase  momentum 
equations  are  used  in  these  limits.  If  the  liquid  holdup,  Hi/,  is  greater  than  0.99,  then  the 
momentum  equation  for  the  liquid  phase  is  used; 


+ 


+  [mggpi(cos  9)1 


(3*35) 


If  the  liquid  fraction.  Hi/,  is  less  than  0.01,  then  the  momentum  equation  for  the  gas 
phase  is  used: 


+  [raggPc(cos  9)] 


(3.36) 


Slug  Flow  Regime.  The  model  for  void  fraction  in  the  slug  flow  regime  is  based  upon 
a  drift  flux  approach  (Wallis,  1969;  Zuber  and  Findlay,  1965),  which  requires  an  empirical 
relationship  between  the  void  fraction  and  the  flow  rates  of  each  phase.  First,  the  velocity  of 
the  slugs  is  calculated  using  the  drift  flux  equation: 


V* 


(3-37) 


where 


Co,  is  a  constant  typically  near  1.3  (see  Table  3.3),  and 
k,  is  a  constant  whose  value  is  given  in  Table  3.3. 


The  other  parameters  have  been  defined  previously.  The  values  in  Table  3.3  have  been 
selected  based  upon  our  review  of  almost  two  dozen  experiments. 


The  void  fraction  is  then  calculated  by: 


a 


^  s 


(1  -H,) 


(3-38) 


where  Ei,  is  the  fraction  of  liquid  contained  in  the  liquid  slugs.  Typically,  a  value  of 

Eig  =  0.75  is  assumed.  Die  density  of  the  two-phase  liquid  and  gas  mixture  in  the  liquid  slugs 

is  then: 


Pis  ~  [(1  '  Eis)Pg  ^uPil 


(3-39) 
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Next  calculate  a  two^phase  Reynolds  number  for  the  liquid  slugs  by; 


Reim  = 


(3-40) 


and  use  this  value  to  calculate  the  friction  factor  for  the  slug  flow  regime.  If  the  Reynolds 
number, Rein,  ‘s  greater  than  1500,  then: 


««  =  0.25[  .2.0  "  niy  1  ]■'  ' 

using  the  Zigrang-Sylvester  (1982)  equation  for  rorbulent  flow,  but  if  Rcim  <  1500,  then: 

f,,,  =  16(Reto)-'o  I 

for  laminar  flow.  (See  the  notes  on  these  friction  factor  models  in  the  discussion  of  the 
annular  flow  regime  above.) 


(3-41) 


(3-42) 


The  basic  modelling  approach  for  the  pressure  gradient  assumes  homogeneous  flow,  as 
suggested  by  Wallis  (1969).  To  calculate  the  frictional  component  of  the  pressure  gradient, 
use: 


2fwiPu(jii  +  ii) 


(1  -  a) 


(3-43) 


To  calculate  the  portion  of  the  pressure  gradient  due  to  body  forces  (gravity),  use; 


[^]  ""  aPgKcos  e) 


(3-44) 
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The  total  pressure  gradient  is  therefore: 


(3-45) 


More  complicated  models  could  be  written  for  the  slug  flow  regime  also.  These 
models  would  involve  asymmetric  gas  bubbles  or  corrections  for  long  gas  bubbles.  Models 
with  as  many  as  17  parameters  have  been  developed  (Fernandes,  1982).  For  microgravity  flow 
conditions,  these  detailed  models  are  probably  unnecessary. 


Bubbly  Flow  Regime.  The  drift  flux  approach  is  also  used  to  calculate  the  void 
fraction  in  the  bubbly  flow  regime.  As  in  the  slug  flow  regime,  the  equation  for  the  pressure 
gradient  assumes  homogeneous  flow,  as  suggested  by  Wallis  (1969).  The  empirical  ^ft  flux 
model  used  with  the  homogeneous  pressure  gradient  equation  is  based  on  extensive  re.search. 


The  void  fraction  for  ihe  bubbly  flow  regime  has  this  form  (Zuber  and  Findlay.  1965): 
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Cobdl 


-is.- 


+ 


(1  -  Hi) 


(3-46) 


in  which  the  drift  flux  approach  is  used  to  model  the  flow  rate  and  void  fraction  relationship. 
In  Equation  3-46, 


Cob 

^^b 


is  a  constant  typically  near  1.2  (Table  3.4), 
is  a  constant  whose  value  is  given  in  Table  3.4, 


Table  3.4.  DRIFT-FLUX  PARAMETERS  FOR  TEE 

BUBBLY  FLOW  REGIME 

ANGLE  0  BETi^N  ROW 
PIREaiON  AND  BODY  FORCE 
VECTOR  («) 

DISTRIBUTION 
PARA.METER  Cob 

kb 

90^  5  0  5  180° 

1.2 

1.4 

0  =  90° 

1.2 

0 

0°  <  0  <  90° 

1.0 

0 
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and  the  other  parameters  have  been  defined  previously.  The  values  of  Cq  and  k  are  based 
upon  work  by  Mishima  and  Ishii  (1984),  Harmathy  (1960),  Zuber  and  Bench  (1962),  and 
Martin  (1973)  for  swarms  of  bubbles  flowing  in  a  liquid.  The  velocity,  V^,  is: 


V  == 


w 


0.25 


The  two-phase  Reynolds  number  for  the  bubbly  flow  regime  is: 


Jll' 

L  M! 


(3-47) 


(3-48) 


and  the  friction  factor  is  calculated  by  the  Zigrang-Sy  Wester  (1982)  equation  for  turbulent  flow 
if  Rei^S  1500: 


fwi  =  0.25 


-2.0  log{%^ 


’  t  mi 


(gr/P)  ■  13  1 


(3-49) 


If  Reini<  1500,  then: 


f,,,  =  16(Reu„)-i-o  (3-50) 

for  laminar  flow.  (See  the  notes  on  these  friction  factor  models  in  the  discussion  of  the 
annula:  flow  regime  above.) 


The  frictional  component  of  the  pressure  gradient  is: 
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The  component  of  the  pressure  gradient  due  to  body  forces  (gravity)  is: 

=  "'gSfd  -  «)pi  +  apg)(cos  0) 

'•  -'gb 

and  the  total  pressure  gradient  is  therefore: 


(3-52) 
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More  complicated  models  could  be  written  for  the  bubbly  flow  regime,  involving 
determining  the  sizes  of  vapor  bubbles  and  calculating  the  interfacial  forces  on  gas  bubbles. 
For  bubbly  flow  under  most  conditions,  the  simple  drift  flux  model  is  adequate. 
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Pressiye  Drop.  To  calculate  the  pressure  drop  in  the  section  of  pipe,  multiply  the  total 
pressure  gradient  by  the  pipe  length: 


4P  =  L[g]^  (3-54) 

where  L  is  the  length  of  the  pipe  section  and  the  ‘x'  subscript  in  the  (dP/dz)  term  indicates  the 
total  pressure  gradient  for  the  appropriate  flow  regime. 


3.2.2  Mcxlelling  Uncertainties  for  Sensitivity  Calculations  in  Pipes 

Table  3.1  summarizes  the  key  modelling  parameters  in  each  of  the  four  pipe  flow 
regimes.  For  each  transition,  the  sensitivity  of  the  predicted  pressure  gradient  and  void 
fraction  to  these  parameters  provides  a  measure  of  the  uncertainty  in  the  calculations  obtained 
using  these  models. 

Annular  or  Stratified  Flow  Regime.  For  the  annular  flow  regime,  the  key  modelling 
parameters  are: 

•  The  interfacial  friction  factor  (shear)  ratio  f/f^,  and 

•  The  entrainment  fraction  Ej,  which  depends  upon  the  coefficient  Cg. 

The  interfacial  friction,  which  depends  upon  the  coefficients  Ca  and  b,  is  the  key 
modelling  parameter  in  the  annular  flow  regime.  It  represents  the  major  uncertainties  in  the 
modelling  of  pressure  drop  and  void  fraction.  The  minimum  possible  value  of  this  parameter 
is  unity  (fj/fwg  =  1.  with  C,  =!  0  and  b  =  0  in  Equation  3-7),  representing  a  smooth  interface 
between  the  gas  and  the  liquid  phases.  Maximum  values  of  the  liquid  fraction  and  minimum 
values  of  the  pressure  gradient  are  obtained  using  this  limiL  Wallis  (1969)  .suggested  a  model 
where  the  coefficients  are  Cg  =  75  and  b  =  1.  This  model  tends  to  represent  an  upper  limit  to 
the  pressure  drop  calculations  (see  Section  3.5),  providing  the  minimum  values  of  the  i,quid 
fraction  and  the  maximum  values  of  the  pressure  gradient  The  model  suggested  by  Chen  et 
al.  (1989)  is  intermediate  to  these  two  limits. 

In  the  stratified  flow  regime,  the  interfaciai  friction  factor  ratio  is  treated  as  a  constant 
in  the  range  from  1  to  10.  The  lower  limit  of  f/f^  =  1  again  represents  a  smooth  gas- liquid 
interface.  The  value  of  f/f^g  =  10  represents  an  upper  limit  based  upon  experimental  data 
comparisons.  More  detailed  models  (Laurinat  et  al.,  1984)  have  been  suggested,  but  the 
recommended  value  of  f^f,^  =  5  compares  well  with  experimental  data. 

The  entrainment  coefficient,  Cg,  determines  the  magnitude  of  liquid  entrainment,  Ej,  in 
the  calculations.  A  value  of  Ce  =  0  represents  no  entrainment  A  maximum  value  of 
Ce  =  0.23  is  suggested.  For  the  range  of  conditions  of  interest  to  thermal  management 
systems,  the  value  of  this  coefficient  has  only  a  small  effect  on  the  pressure  gradient  or  the 
void  fraction. 
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Slug  and  Bubbly  Flow  Regimes.  The  uncertainty  in  the  slug  and  bubbly  flow  regimes 
is  represented  by: 

•  The  velocity  distribution  parameter.  C^,  and 

•  The  drift  flux  coefficient,  k, 
in  each  regime. 

The  velocity  distribution  parameter  models  nonuniformity  of  the  velocity  profile  across 
the  pipe  cross  section.  In  tlie  bubbly  flow  regime,  this  parameter  is  typically  given  a  value  of 
Cob  -  12  (Table  3.4).  Recent  experiments  by  Colin  et  al.  (1991)  appear  to  confirm  that  this 
v^ue  is  also  valid  for  microgravity  conditions.  A  value  of  Cq,  -  1.3  is  typically  assigned  to 
the  slug  flow  regime  (Table  3.3). 

The  drift  flux  coefficient  represents  the  fact  that,  due  to  buoyancy,  the  vapor  bubbles  in 
these  flow  regimes  tend  to  move  at  a  velocity  slightly  different  than  tlie  velocity  of  the 
two-phase  mixture.  (Which  explains  the  origin  of  the  term  'drift  flux'.)  In  horizontal  pipes  on 
the  ^und  or  under  raicrogravity  conditions,  this  drift  velocity  and  the  coefficient  are  zero.  In 
vertical  pipes  on  the  ground,  the  drift  flux  value  is  about  k  =  1.4  in  the  bubbly  flow  regime 
and  k  =  0.35  in  the  slug  flow  regime. 

Limiting  values  of  Cq  =  1  and  k  =  0  represent  a  completely  homogeneous  two-phase 
flow.  This  gives  the  largest  pressure  gradient  and  the  largest  void  fraction  in  each  of  these 
regimes. 


3.2.3  Limits  of  the  Methods  for  Pipes 

Pipe  Geometry.  The  theory  described  in  Section  3.2.1  applies  to  pipes  which  range  in 
size  from  a  few  millimeters  to  a  meter  in  diameter.  The  pipe  diameters  thus  span  the  range  of 
interest  for  thermal  management  systems  on  spacecraft  (from  a  few  millimeters  to  a  few 
centimeters)  to  gas  and  oil  pipelines  on  earth. 

The  only  caveat  to  this  wide  application  is  for  large  pipes  in  the  slug  flow  regime. 
Thorough  study  of  the  slug  flow  regime  in  gas  and  oil  pipelines  (Crowley  and  Sam,  1986)  has 
led  to  special  models  for  slug  flow  which  take  into  account  the  asymmeU7  in  the  flow  pattern 
introduced  by  the  effects  of  buoyancy.  The  models  recommended  by  Crowley,  Barry,  and 
Rothe  (1990)  should  be  used  for  large  pipes  in  the  slug  flow  regime. 

The  theory  for  each  flow  regime  has  also  been  developed  for  a  pipe  with  circular 
cross-section.  As  a  first  approximation,  the  theory  could  be  applied  to  square  or  rectangular 
cross-sections,  but  the  models  should  really  be  modified  for  the  other  geometries.  For 
example,  the  theory  for  the  annular  flow  regune  should  be  rederived  by  starting  with  the  basic 
momentum  equations  for  the  liquid  anu  gas  phases,  using  new  relationships  for  the  geometric 
parameters.  For  the  stratified  flow  regime,  il  that  is  needed  is  to  redefine  the  geometric 
parameters  that  appear  in  Table  2.2.  For  the  slug  and  bubbly  flow  regimes,  the  void  fraction 
relationships  need  to  be  include  a  drift  flux  coefficient  (parameter  k)  representative  of  the  new 
geomeU7,  and  that  value  can  be  determined  experimentally.  The  pressure  gradient  models  for 
the  slug  and  bubbly  flow  regimes  can  be  used  directly,  with  the  new  values  of  the  void 
fraction. 
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Acceleration.  These  models  for  pressure  drop  and  void  fraction  assume  that  the  fluid 
proji^rties  are  approximately  constant  across  the  pipe  cross-section.  If  the  densities  or  surface 
tensions  between  the  phases  vary  dramatically  with  small  changes  in  pressure  or  temperature, 
as  they  do  near  the  critical  point  for  a  given  fluid,  then  this  assumption  breaks  down.  The 
assumption  of  constant  fluid  properties  also  breaks  down  if  there  is  a  significant  gradient  in  the 
fluid  properties  across  the  diameter  of  the  flow  channel.  This  can  occur  for  example  in  a 
two-phase  line  during  launch,  where  the  acceleration  may  be  ten  times  earth  gravity.  The 
models  should  not  be  applied  to  high  acceleration  levels. 

3.3  Pressure  Drop  Methods  for  Elbows,  Tees,  and  Bttings 

This  section  presents  the  detailed  equations  to  calculate  the  pressure  losses  due  to 
two-phase  flow  in  elbows,  lees,  and  fittings. 

3.3. 1  Equations  for  Elbows,  Tees,  and  Fittings 

Bends  and. Elbows.  The  pressure  drop  method  for  bends  and  elbows  is  based  upon  the 
homogeneous  modelling  approach  suggested  by  Chisholm  (1980).  The  bend  or  elbow  is 
treated  as  a  stepwise  loss,  like  a  component  such  as  a  valve.  The  first  step  is  to  determine  the 
equivalent  single-phase  loss  coefficient,  k,pi,  which  depends  upon  the  curvature  of  the  bend. 
Typical  values  are; 

Bend  k^pi 

Close  2.2 

Standard  0.9 

Medium  0.75 

Long  0.60 

The  designations  close,  standard,  medium  and  long  refer  to  the  radius  of  curvature  of  the  bend 
relative  to  the  diameter  of  the  pipe  and  may  be  found  in  typical  textbooks  on  fluid  flow.  The 
designations  are  qualitative  and  must  be  interpreted  by  the  designer.  When  in  doubt,  tlie  loss 
coefficient  for  the  standard  case  should  be  used. 

Then,  calculate  the  equivalent  pressure  drop  in  single-phase  flow  by; 


Apspi  - 


(3-55) 


where 


G  is  the  total  mass  flux  G  =  +  jipi)  (kg/m^-s), 

Pi  is  the  liquid  phase  density  (^m^). 

Determine  a  two-phase  loss  coefficient; 


B  =  1 


(3-56) 
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where 

R  is  the  radius  of  curvature  of  the  bend  or  elbow  (m),  and 
D  is  the  diameter  of  the  pipe  (ra). 

Then  calculate  the  two-phase  multiplier: 

(/•tp  =  1  +  ((Pi/Pg)  -  ll[Bx(l  -  X)  +  x2]  (3*57) 

where 

pg  is  the  gas  phase  density  (kg/m^),  and 
X  is  the  flow  quality  X  =  (pgjg/G)  (-). 

Finally,  calculate  the  pressure  loss  in  the  bend: 

Api,  -  ^.pAPsp,  (3-58) 

Mixing  Tee.  Figure  3. 1  shows  that  two  fluid  streams  are  assumed  to  mix  together  in  a 
single  outlet  stream  in  a  mixing  tee.  A  homogeneous  approach  to  the  modelling  of  a  mixing 
tee  suggested  by  Rohsenow,  Hartnett,  and  Ganic  (1985)  is  used. 

First,  calculate  the  single-phase  pressure  drop; 

Ap.p,  =  b[j^]  (3-59) 

where 

B  is  the  single-phase  loss  coefficient.  For  tees.  B  =s  1.6, 

G  is  the  tot^  mass  flux;  G  =  (jop„  jiPi)  in  the  branch  of  the  tee  where  both 

streams  have  mixed  (Figure  Xf)  (k^m^-s),  and 
Pi  is  the  liquid  phase  density  (kg/m^). 

Next  calculate  the  two-phase  multiplier; 

=  {1  Bx[(p/pg)-  1])  (3-60) 

where 

Pg  is  the  gas  phase  density  (kg/m^),  and 

X  is  the  quality  of  the  mixed  flow;  x  =  (p^g/G)  (-). 

Finally,  calculate  the  pressure  loss  in  the  tee: 

Ap,  =  ^tpAPjpi  (3-61) 

Note  that  this  homogeneous  model  does  not  take  into  account  the  flow  regime  which  occurs 
upstream  in  each  of  the  branches  or  the  flow  regime  in  the  branch  where  mixing  has  occurred. 
TTie  modelling  of  mixing  in  tees  is  one  area  where  additional  research  is  needed  in  order  to 
provide  more  accurate  models. 
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Abrupt  Expansion.  The  model  for  an  abrupt  expansion  uses  a  separated  flow  model. 
Hussain  and  Weisman  (1975)  developed  the  model  used  here. 


First  calculate  the  area  ratio: 

y  (A^Au)  =  (Dd/Du)^ 


(3-62) 


where 

Au  is  the  upstream  (smaller)  area  (m^). 
Ad  is  the  downstream  (larger)  area  (m2), 
Du  is  the  upstream  diameter  (ra).  and 
Dd  is  the  downstream  diameter  (m). 


At  this  point,  a  choice  is  made  whether  to  use  the  baseline  separated  flow  approach  to 
the  analysis  or  to  use  a  homogeneous  approach  as  a  limiting  case.  Pressure  drops  using  the 
homogeneous  approach  will  conservative  estimates.  If  the  homogeneous  model  is  selected, 
then  the  void  fraction  relationship  is: 


ftu  -  ttd  = 


-  x)1-l 

iPiJ  X 


(3-63) 


where 


Ou 

is  the 

ttd 

is  the 

Pg 

Pi 

is  the 

is  the 

X 

is  the 

G 

is  the 

void  fraction  upstream  of  the  expansion  (*), 

void  fraction  downstream  of  the  expansion  (•), 

density  of  the  gas  phase  (kg/m3), 

density  of  the  liquid  phase  (kg/mS), 

quality  upstream  of  the  expansion  (x  =:  p^j^/G)  (-),  and 

mass  flux  upsu'eam  of  the  expansion  (G  =  p^g  +  pJi)  (kg/m2-s). 


The  separated  flow  model  provides  a  more  realistic  predictions  of  the  pressure  d.-op. 
The  upstreaiTi  and  downstream  void  fractions  are  then: 


and: 


a.. 


1 

t-tk; 


4- 


'pg1(l  -  x) 

.PlJ  X 


Od 


1 


a 

(1  -  X)] 

iPi. 

X 

where 


Ku  is  a  phase  slip  coefficient  upstream  of  the  expansion  (-),  and 

K(j  is  a  phase  slip  coefficient  downstream  of  the  expansion  (-). 


(3-64) 


(3-65) 
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The  upstream  coefficient,  K^,  is  a  function  of  a  two-phase  Reynolds  number  upstream 
of  the  expansion: 


RCj,  ==  (3.66) 

and  the  downstream  coefficient,  K^,  is  a  function  of  a  two-phase  Reynolds  number 
downstream  of  the  expansion; 


Rejd 


MiutJl) 

Mir 


(3-67) 


The  functional  relationship  to  determine  these  coefficients.  =  f(Re^),  is; 


Kx  = 


1.0 

1  -  0.381ogio(Rejx)“3 
0.62  -  0.31ogio(Rej^)-^ 
0.32  -  0.1431ogio(Rej,)-5 
0.22 


if  Rejx  ^  10? 
if  10?  <  Rej,  ^  104 
if  104  <  ^  IQS 

if  105  <Rejx^  5x105 
if  Rej,  >5x105 


(3-68) 


This  represents  a  fit  to  the  relationship  derived  by  Hughmark  (1962)  for  the  void  fraction  in 
two-phase  flows, 


The  two-phase  pressure  drop  in  the  expansion  is  then: 


Ape  = 


Pi  J 


X2 


a 

iPsJ 


1 

«ur'  ttd 


(1  •  X)2 


W '  ao)r‘ 
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Abrupt  Contraction.  A  homogeneous  approach  is  a  good  model  for  abrupt  contractions. 
Hussain  and  Weisman  (1975)  developed  the  basic  model  used  here,  but  ideas  contributed  by 
Tapucu  et  al.  (1989)  have  also  been  incorporated. 


First,  calculate  the  area  ratio; 


y  =  =  (D^d)2 


(3-70) 


where 

Au  is  the  upstream  (larger)  area  (m2), 

Aj  is  the  downstream  (smaller)  area  (m2), 

Du  is  the  upstream  diameter  (m),  and 
Dd  is  the  downsyeam  diameter  (m). 

Next  estimate  the  contraction  coefficient,  C.  from  Table  3.5.  The  contraction  coefficient  is  the 
ratio  between  the  cross-sectional  area  at  the  vena  contracta  (Aj.)  and  the  cross-sectional  area  of 
the  pipe  downsueam  of  the  conyaction  (Aj).  Table  3.5  can  be  represented  by  this  equation: 

C  -  0.61668  -t-  0.0831 19r‘  -  0.097439^2  +  o.L 
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Table  3.5.  CONmCTION  COKFFICIENTS 


i/r 

C  ^  A,/ Ad 

0 

0.617 

0.1 

0.624 

0.2 

0.632 

0.3 

0.643 

0.4 

0.659 

0.5 

0.681 

0.6 

0.712 

0.7 

0.755 

0.8 

0.813 

The  two-phase  pressure  drop  across  the  contraction  is: 


Apc 


(1  •  X)' 
Pi  . 


(3-72) 


Short  Insert.  The  model  for  the  short  insert  is  a  combination  of  the  models  for  the 
abrupt  expansion  and  the  abimpt  contraction.  Harehe,  Hussain,  and  Weisraan  (1976)  derived 
this  model  for  the  short  insert. 


First,  calculate  the  area  ratio: 


r  ==  A/Ap  (D/Dp)2  (3-73) 

where 

Aj  is  the  cross-sectional  area  of  the  insert  (m^), 

Ap  is  the  cross-sectional  area  of  the  pipe,  assumed  to  be  the  same  upstream  or 

downstream  of  the  insert  (m2), 

D,  is  the  diameter  of  the  insert  (m),  and 

Dp  is  the  diameter  of  the  pipe. 

Just  as  for  the  abrupt  contraction,  the  contraction  coefficient  C  is  then  estimated  from: 


C  ^  0  61668  +  0.083 1 19r‘'0.097439r2  +  0.37458^3  (3-74) 


Like  the  abrupt  expansion,  a  choice  must  be  made  whether  to  1)  use  the  baseline 
separated  flow  approach  to  the  analysi.s,  or  2)  use  a  homogeneous  approach  as  a  limiting  case. 
Pressure  drops  using  the  homogeneous  approach  will  be  conservative  estimates.  If  the 
homogeneous  model  is  selected,  then  the  void  fraction  relationship  is: 


ttc  =  «p  = 


1  + 


f 0,1  (1  -  x)  1  - 1 

IpIJ  ^ 


(3-75) 
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where 

Oc  is  the  void  fraction  in  the  vena  contracta  (-), 

Op  is  the  void  fraction  in  the  pipe  (•). 

pg  is  the  density  of  the  gas  phase  (kg/m3), 

Pi  is  the  density  of  the  liquid  phase  (kg/m^), 

X  is  the  quality  upstream  of  the  insert  (x  =  pgjg/G)  (-).  and 

G  is  the  mass  flux  upstream  of  the  insert  (G  -  p^jg  +  pjj)  (kg/m^-s). 

The  separated  flow  model  provides  a  more  realistic  prediction  of  the  pressure  drop. 
Then  the  void  fractions  are: 


Oc  = 


1  1 

1  4- 

(1  •  x)l 

.  1  4-  Kc 

1  T 

LPi. 

X 

and: 


1  1 

1  + 

f  's 

a 

(1  -  X)] 

.  1  4-  K<i 

1  “ 

[ptJ 

X 

(3-76) 


(3*77) 


where 

Kc  is  a  phase  slip  coefficient  in  the  vena  contracta  downstream  of  the  insert  (•),  and 

Kp  is  a  phase  slip  coefficient  in  the  pipe  (•). 

Tlie  phase  slip  coefficient.  Kc.  is  a  function  of  a  two-phase  Reynolds  number  in  the 
vena  conu'acta: 


Rejc  =  (3-78) 

and  the  phase  slip  coefficient.  Kp,  is  a  function  of  a  two-phase  Reynolds  number  in  the  pipe: 

Re:  =  ±  (3-79) 

Ml 


The  functional  relationship  to  determine  these  coefficients,  K,  =  f(Re,).  is: 


K 


X  ~ 


1.0 

1  -  0.381ogio(RejJ-3 

0.62  -  0.31ogio(Rejx)-^ 
0.32  -  0.1431ogio(Rejx)-5 
0.22 


if  Rejx  <  103 
if  103  <  5  104 

if  104  <  Rgj^  ^  105 
if  105  <  Rg.^  5  5x105 
if  RCjx  >5x105 


(3-80) 


This  represents  a  fit  to  the  re’ation.ship  derived  by  Hughmark  (1962)  for  the  void  fraction  in 
two-phase  flows. 
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Calculate  the  average  void  fraction: 


+  apV2 


(3-81) 


Then  the  two-phase  pressure  drop  in  the  short  insert  is; 


(3-82) 


3.3.2  Modelling  Uncertainties  for  Sensitivity  Calculations  in  Elbows.  Tees,  and 

Fittings 

Bends  and  Elbows.  The  discussion  of  the  model  for  bends  and  elbows  in  Section  3.3.1 
includes  a  table  where  a  single-phase  loss  coefficient  must  be  selected  for  different  curvatures 
of  the  elbow.  The  default  value  of  the  coefficient  for  a  standard  elbow  is  =  0.9.  The 
tabulated  values  range  from  0.6  to  2.0,  so  this  represents  the  range  of  the  uncertainty  in  this 
parameter. 

Mixing  Tees.  Because  the  model  is  homogeneous,  no  uncertainty  parameters  are 
included  for  tees. 

Fittings.  Uncertainty  in  the  models  for  the  fittings  is  represented  by  selection  of  the 
options  for: 


•  Homogeneous  modelling,  or 

•  Slip  modelling  using  the  Hughmark  correlation. 

Slip  modelling  using  the  Hughmark  correlation  provides  realistic  pressure  drop  estimates.  The 
homogeneous  model  will  give  conservative  results  for  the  pressure  drop  calculation,  tending  to 
overestimate  the  pressure  drop. 


3.4  Dimensionless  Design  Calculations  for  Pipes 

This  section  shows  how  to  obtain  quick  estimates  of  the  void  fraction  and  the  pressure 
gradient  in  pipes.  In  addition  to  the  flow  regime,  the  information  required  to  calculate  these 
quantities  includes; 

riuid  Properties 

p,  Liquid  phase  density 

Pg  Gas  phase  density 

Pi  Liquid  phase  viscosity 

Pg  Gas  phase  viscosity 

(T  Surface  tension 
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Geometry 


D  Pipe  diameter 

L  Pipe  length 

Acceleration 

a  Magnitude  of  acceleration  (=  g) 

6  Direction  (angle  between  the  body  force  due  to  acceleration  and  the  flow 
direction) 


Flow  Rates 


ji  Liquid  phase  volumetric  flux  (Q|/A) 
jg  Gas  phase  volumetric  flux  (Qg/A) 
j  The  total  volumetric  flux  (jg  +  j]) 

G  The  total  mass  flux  (pgjg  +  pj|) 

See  the  section  below  for  the  annular,  stratified,  slug,  or  bubbly  flow  regime  as  appropriate. 


Annular  Flow  Regime.  The  procedure  to  calculate  the  pressure  gradient  in  the  annular 
flow  regime  under  microgravity  conditions  is: 

1. )  Calculate  the  dimensionless  Martinelli  parameter,  X,  in  Equation  3-83  (below). 

2. )  Obtain  the  void  fraction  from  Figure  3.2. 

3. )  Obtain  the  two-phase  multiplier  for  the  frictional  portion  of  the  pressure 

gradient  from  Figure  3.3. 


4.)  Calculate  the  total  pressure  gradient  with  Equation  3-88  (below). 


The  dimensionless  Martinelli  parameter  for  the  annular  flow  regime  is: 


Ml  J 

-D 

r4c,i 
.1"^ . 

1  Pg 

-ra 

m\ 

where 


(3-83) 


X  is  the  dimensionless  Martinelli  parameter. 

Pi  is  the  gas  phase  density  (kg/m^), 

Pg  is  the  liquid  phase  density  (kg/m3), 

ji  is  the  superficial  velocity  of  the  liquid  phase  (m/s), 

jg  is  the  superficial  velocity  of  the  gas  phase  (m/s), 

Pi  is  the  viscosity  of  the  liquid  phase  (kg/m-s), 

Pg  is  the  viscosity  of  the  gas  phase  (kg/m-s),  and 

D  is  the  pipe  diameter  (m). 
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PHASE  MULTIPLIER.  «  LIQUID  FRACTION 


onnvoid 


Table  2.3  indicates  how  to  determine  the  values  of  the  friction  factor  coefficients  C|,  Cg,  n  and 
m  to  use  in  Equation  i-83. 

Figure  3.2  shows  the  liquid  fraction,  Hjf-  (I  •  ot),  as  a  function  of  the  Maninelli 
parameter,  X  (Equation  3-83).  The  curves  plotted  in  Figure  3.2  represent  the  holdup  equation 
for  the  annular  flow  regime: 


a-H , 

which  is  the  same  as  Equation  3*4  with  the  following  assumptions: 

•  No  entrainment  (Ejj  -  0). 

•  Micrograviiy  conditions  or  horizontal  pipes  (Y^  s  0), 

•  Friction  factors  for  smooth-walled  pipes: 

fwi  =  CiRefO 
f*B  =  C-Rej-m.  and 

.  x.  =  x,  ‘  '  * 


(3-84) 


The  three  curves  shown  in  Figure  3.2  represent  different  assumptions  about  interfacial  shear 
between  the  gas  and  liquid  phases.  The  assumptions  are: 


•  Smooth  interface  (Ca  *  0  in  Equation  3-7), 

•  Chen  et  al.  model  (Ca  =  6.81,  b  -  0.39  in  Equation  3*7),  and 

•  Wallis  model  (Cj  =  75,  b  =  1  in  Equation  3-7). 

The  smooth  interface  and  Wallis  (1969)  models  are  limiting  cases  for  most  data.  The  Chen 
et  al.  (1989)  model  provides  the  best  estimate  of  the  liquid  fraction  for  thermal  management 
applications. 


Figure  3.3  plots  a  two-phase  multiplier  for  the  annular  flew  regime  as  a  function  of  the 
Martinelli  parameter,  X.  The  two-phase  multiplier  is  defined  as  the  ratio  of  the  frictional 
pressure  gradient  in  the  annular  flow  regime  to  the  equivalent  pressure  gradient  as  if 
single-phase  (vapor)  flowed  in  the  pipe.  That  is, 


where  (dP/dz)fa  is  the  frictional  pressure  gradient  in  two-phase  flow  given  by  Equation  3-16 
and  the  other  parameters  are  defined  above.  Using  Equations  3-16  and  3-85,  with  the  same 
assumptions  given  for  Equation  3-84,  the  two-phase  multiplier  is: 

V  -  H",  -  {r-  d)Z 

This  is  the  basis  of  the  ^nation  plotted  in  Figure  3.3.  The  same  assumptions  for  the 
interfacial  shear  modelling  as  Figure  3.2  are  used. 
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Once  ihe  frictional  two-phase  multiplier  is  determined,  the  total  pressure  gradient  is 
calculated  by: 


(dP/d2)u  ^  -  V 


f  -  • 

.  D  , 

.  . 

2 

+  mgg[(l  -  a)pi  +  apg](cos  6)  (3-87) 


This  is  the  basic  pressure  gradient  equation  for  a  separated  (two-fluid)  flow.  In  Equation  3-87, 
the  first  term  on  the  right  hand  side  is  the  frictional  component,  and  the  second  term  is  the 
component  due  to  the  body  force  (gravity). 


Stratified  Row  Regime.  The  procedure  for  calculating  the  void  fraction  and  the 
pressure  gradient  in  the  stratified  flow  regime  is  the  same  as  for  the  annular  flow  regime,  only 
the  figures  used  to  estimate  the  void  fraction  and  the  two-phase  multiplier  are  different.  The 
procedure  to  calculate  the  pressure  gradient  in  the  stratified  flow  regime  is: 

1. )  Calculate  the  dimensionless  Martinelli  parameter.  X.  in  Equation  3-83, 

2. )  Obtain  the  void  fraction,  ct,  from  Figure  3.4. 

3. )  Obtain  die  frictional  two-phase  multiplier,  (^g2,  from  Figure  3.5. 

4. )  Calculate  the  total  pressure  gradient  with  Equation  3-91  (below). 

With  the  same  assumptions  made  for  the  void  fraction  equation  (Equation  3-84)  as  in 
the  annular  flow  regime,  the  void  fraction  relationship  for  the  stratified  flow  regime 
(Equation  3-20)  becomes: 


X2 


[(Rg*Dg*)  “(Rg*  )^)  [Iff  +  y 


[R,*D,*j  (R,*)  (S,*/A,*) 


(3-88) 


The  Martinelli  parameter.  X,  is  given  by  Equation  3-83.  The  "starred"  parameters  in 
Equation  3-88  are  the  dimensionless  geometric  parameters  for  the  suatified  flow  regime. 
Table  2.2  summarizes  these  parameters  as  a  function  of  the  dimensionless  liquid  level  and 
shows  how  they  are  related  to  the  void  fraction.  The  values  of  the  parameters  n  and  m  are 
determined  from  the  Reynolds  numbers  for  the  liquid  and  gas  phases.  Table  2.3  provides  the 
equations  necessary  to  determine  these  values.  This  is  the  basis  of  Equation  3-88,  which  is 
plotted  in  Figure  3.4. 


Just  as  in  the  annular  flow  regime,  the  parameter  (f/f^g)  represents  the  interfacial 
friction,  which  is  the  key  modelling  parameter.  Various  empirical  correlations  have  been 
proposed  for  this  relationship  in  the  stratified  flow  regime,  but  most  data  lie  between  values  of 
1  and  10  for  this  parameter.  In  this  design  manual  a  constant  value  of  (f/fwg)  =  5  is 
recommended  for  stratified  flow.  This  selection  is  based  upon  extensive  work  by  the  authors 
reviewing  alternative  modelling  approaches  and  specific  models  representing  the  interfacial 
shear  in  stratified  flows  at  high  gas  densities.  Figure  3.4  plots  the  void  fraction  for  the  limiting 
and  best  estimate  values  of  the  interfacial  friction. 
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Figure  3.5  shows  the  two-phase  multiplier  for  stratified  flow,  The  two-phase  multiplier 
is  defined  as: 


(3-89) 


Using  Equation  3-89  and  the  equation  fo*-  the  frictional  component  of  the  pressure  gradient 
(Equation  3-22),  the  two-phase  multiplier  in  the  stratified  flow  regime  becomes: 


^  [^]  [x2(R,")2(S,*)  +  (Rg*)2(Sg*) 


(3-90) 


Since  the  dimensionless  geometric  parameters  Rj*.  R»*,  Sj*  and  Sg*  are  related  to  the  void 
fraction,  which  in  turn  is  a  function  of  the  parameter  X  by  Equation  3-88,  this  allows  the 
two-phase  multiplier  to  be  plotted  as  a  funjtion  of  the  parameter  X  in  Figure  3.5. 


The  dimensional  equation  for  the  total  pressure  gradient  in  the  stratified  flow  regime  is: 


(dP/dz)^t  =  - 


'4Cgl 


L  Ml 


-a 


PgJi 


2?r 


+  mgg((l  -  a)pi  +  o;pg](cos  0)  (3-91) 

which  is  derived  from  Equations  3-32,  3-33,  and  3-34  using  the  definition  in  Equation  3-89. 


Defining  the  two-phase  multipliers  for  the  annular  and  the  stratified  flow  regimes  in  the 
manner  shown  allows  a  comparison  of  the  void  fractions  and  the  pressure  drops  in  the  two 
regimes.  Comparison  of  Figures  3.2  and  3.4  shows  that  the  void  fraction  tends  to  be  somewhat 
greater  in  the  stratified  flow  regime.  Comparison  of  Figures  3.3  and  3.5  shows  that  the 
two-phase  multiplier,  and  hence  the  frictional  pressure  gradient,  tends  to  be  significantly 
greater  in  the  annular  flow  regime.  (This  is  due  to  the  increased  interfacial  area  in  the  annular 
flow  regime.) 


Slug  Flow  Regime.  The  procedure  to  calculate  the  pressure  gradient  in  the  slug  or 
bubbly  flow  regime  is: 

1.)  Calculate  the  dimensionless  parameters  X  and  p*  in  Equations  3-92  and  3-93 
(below). 


2. )  Obtain  the  void  fraction,  a,  from  Figure  3.6. 

3. )  Obtain  the  two-phase  multiplier,  (f)g2.  from  Figure  3.7. 

4. )  Calculate  the  pressure  gradient  with  Equation  3-97  (below). 
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Figure  3.6.  DIMENSIONLESS  PLOT  OF  LIQUID  FRACTION 
FDR  THE  SLUG  FLOW  REGIME 
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First  calculate  the  dimensionless  parameters  X  and  p*  as  follows: 

X  ^  -§44—  (3*92) 

F&Ig 

p*  =  (Pi/Pg)  (3-93) 

where 

ji  is  the  superficial  velocity  of  the  liquid  phase  (mys), 

jg  Ls  the  superficial  velocity  of  the  gas  phase  (rays), 

pg  is  the  density  of  the  gas  phase  (kg/m^),  and 

Pi  is  the  density  of  the  liquid  phase  (kgym3). 

Mole  that  the  parameter  X  in  Equation  3-92  is  similar  to  the  Martinelli  parameter  in 
Equation  3-83.  By  assuming  that  the  friction  factors  for  the  gas  and  liquid  phases  are  equal, 
Equation  3-83  reduces  to  the  simpler  form  in  Equation  3-92.  This  simplification  allows  the 
void  fraction  and  pressure  gradient  in  the  slug  flow  regime  to  be  presented  in  terms  of 
parameters  similar  to  the  annular  and  stratified  flow  regimes. 

Figure  3.6  shows  the  void  fraction  in  the  slug  flow  regime  as  a  function  of  these 
dimensiotUess  parameters.  Assuming  1)  microgravity  conditions  or  horizontal  pipes  (mg  =  0  or 
cos  t)  =  0),  and  2)  no  gas  is  contained  within  the  liquid  slugs  (Ei,  =  0),  the  void  fraction 
relationship  in  Equations  3-37  and  3-38  simplifies  to: 


a  =  C 
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which  is  the  equation  plotted  in  Figure  3.6,  using  the  recommended  value  Cos  =  )-3-  Lines  for 
a  range  of  density  ratios  p*  arc  included  in  this  plot. 


Figure  3.7  shows  the  two-phase  multiplier  for  the  slug  flow  regime.  The  two-phase 
multiplier  in  the  slug  flow  regime  is: 


Then  the  two-phase  multiplier  is: 

<|>g2  =  [X2  +  p*o.5X  +  p*](l  -  a) 
which  is  the  equation  used  to  plot  the  graphs  in  Figure  3.7. 


(3-95) 


(3-96) 
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The  pressure  gradient  in  the  slug  flow  regime  is  then  evaluated  from: 


(dP/dz)^,  ^ 


f^ll 

“0 
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^  J 

.  Ml  . 
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L  J 

+  m|g[(l  -  ot)p|  +  opgKcos  $) 


(3-97) 


where  the  parameters  Cg  and  n  are  determined  using  Table  2.3.  The  first  terra  on  the  right 
hand  side  of  this  equation  is  the  frictional  component  of  the  pressure  gradient,  and  the  second 
term  is  the  corapnnent  due  to  body  forces  (gravity).  Note  that  if  the  magnitude  of  the 
acceleration  becomes  small,  as  it  would  under  microgravity  conditions,  then  only  the  frictional 
component  remains. 


Figures  3.8  and  3.9  illustrate  the  modelling  uncertainty  for  the  slug  flow  regime.  The 
key  uncertainty  in  the  void  fraction  relationship  of  Equation  3-94  is  the  value  of  the  parameter 
Cor  The  limiting  case  of  Cq,  =  1.0  represents  a  homogeneous  flow.  This  is  the  relationship 
plotted  in  Figure  3.8.  This  limit  maximizes  the  void  fraction  in  the  slug  (or  bubbly)  flow 
regime.  Compared  with  the  liquid  fractions  calculated  for  Co  =  1.3  (Figure  3.6),  the 
homogeneous  model  predicts  lower  liquid  fractions  at  low  v^ues  of  the  Martinelli  parameter, 
X.  For  slug  flow,  X  typically  lies  in  the  range  1  <  X  <  10.  Figure  3.9  shows  the 
correspondhig  two  phase  multiplier.  Void  fraction  values  will  be  higher  and  the  pressure 
gradient  will  be  lower  using  the  homogeneous  approach.  The  magnitude  of  the  effect  is  about 
30%  on  the  void  fraction  and  30%  on  both  pressure  gradient  components. 


Bubbly  Flow  Regime.  The  procedure  to  calculate  the  pressure  gradient  in  the  slug  or 
bubbly  flow  regime  is: 


1. )  Calculate  the  dimensionless  parameters  X  and  p*  in  Equations  3-92  and  3-93. 

2. )  Obtain  the  void  fraction,  a,  irom  Figure  3.10. 

3. )  Obtain  the  two-phase  multiplier,  from  Figure  3.1 1. 

4. )  Calculate  the  pressure  gradient  by  Equation  3-101  (below). 

This  procedure  is  very  similar  to  the  procedure  for  the  slug  flow  regime. 

Figure  3.10  plots  the  void  fraction  relationship  for  the  bubbly  flow  regime  as  a  function 
of  the  dimensionless  parameters  X  and  p*.  Assuming  microgravity  conditions  or  horizontal 
pipes  (mg  s  0  or  cos  0  =  0),  the  void  fraction  relationship  for  the  bubbly  flow  regime  in 
Equation  3-46  simplifies  to: 


a  =  C 
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(3-98) 


which  is  the  equation  plotted  in  Figure  3.10,  using  the  recommended  value  Cob  =  Lines 
for  a  range  of  density  ratios  p*  are  included  in  this  plot. 
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Figure  3.8.  DIMENSIOfiLESS  PLOT  OF  LIQUID  FRACTION 
FOR  HOyOGENEOUS  FLOW 
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Figure  3.9.  DIMENSIONLESS  PLOT  OF  TWO-PHASE  MULTIPLIER 
FOR  HOMOGENEOUS  FLOW 


3-3. 


TWO-PHASE  MULJIPL 
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Figure  3.11  shows  the  two-phase  multiplier  for  the  bubbly  flow  regime.  The  two-phase 
multiplier  in  the  bubbly  flow  regime  is; 


» 
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« 

1  Mg  J 

-m 

If  P|jg «  pji,  then  the  two-phase  multiplier  can  be  written  as: 

=  [X2  +  p*o-5X]  (3-100) 

which  is  the  equation  used  to  plot  the  graphs  in  Figure  3.1 1. 

The  pressure  gradient  in  the  bubbly  flow  regime  is  calculated  by: 


(dP/d2)tb  =  -0g2 

pg^is 

[Pg-j  g^ 

.  D  , 

.  Mg  . 

L  2 

+  mgg[(l  -  a)pi  +  opgKcos  0)  (3-101) 

where  the  parameters  Cg  and  n  are  determined  using  Table  2.3.  The  first  terra  on  the  right 
hand  side  of  this  equation  is  the  frictional  component  of  the  pressure  gradient,  and  the  second 
terra  is  the  component  due  to  body  forces  (gravity).  Note  that  if  the  magnitude  of  the 
acceleration  becomes  small,  as  it  would  under  microgravity  conditions,  then  only  the  frictional 
component  remains. 

The  key  uncertainty  in  the  drift  flux  relationship  of  Equation  3-98  is  the  value  of  the 
parameter  Cob-  Like  the  slug  flow  regime,  the  limiting  case  of  Cpb  =  1-0  represents  a 
homogeneous  flow,  i.e.  no  drift  flux.  So  Figures  3.8  and  3.9  represent  the  limiting  case  for 
both  the  bubbly  and  the  slug  flow  regimes.  The  void  fraction  and  pressure  gradient  values 
obtained  from  using  Figures  3.8  and  3.9  in  place  of  Figures  3. 10  and  3. 1 1  illustrate  the  range 
of  the  uncertainty.  In  bubbly  flow,  the  Martinelli  parameter  X  is  typically  greater  than  10. 

The  magnitude  of  the  uncertainty  is  about  20%  in  the  void  fraction.  This  does  not  affect  the 
frictional  component  of  the  pressure  gradient  at  ail,  but  does  affect  the  body  force  component 
by  20%. 


3.5  Validation  with  Microgravity  Pressure  Drop  Data 

This  section  validates  the  mechanistic  pressure  drop  models  by  comparing  calculations 
with  data  from  microgravity  tests.  Microgravity  data  available  for  pipes  from  four 
experiments.  Data  from  two  ground  tests  of  spacecraft  thermal  management  systems  have 
also  been  included  in  the  comparisons.  Section  2.4  presents  flow  regime  maps  and 
comparisons  for  the  experiments  in  which  the  flow  regime  has  been  observed.  No 
microgravity  data  are  available  at  this  time  for  pressure  drops  in  elbows,  tees,  or  fittings. 
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Completed  Experiments.  Table  3.6  summarizes  the  experimenters,  test  geometries,  and 
range  of  data  for  tests  of  gas-liquid  flows  for  spacecraft  thermal  management  systems.  All  of 
the  microgravity  tests  have  been  performed  on  aircraft  which  provide  about  25  seconds  of 
acceleration  at  about  0.0  Ig.  No  pressure  drop  data  are  available  for  long-term  microgravity 
conditions.  Two  ground  tests  relevant  to  spacecraft  thermal  management  systems  are 
compared. 

Pipe  sizes  in  the  experiments  range  from  6  to  40  mm.  This  is  an  appropriate  size  range 
for  two-phase  thermal  management  systems  at  power  levels  from  2kW  to  25  kW.  Tubes  in 
directly  condensing  radiators  might  be  somewhat  smaller,  probably  only  a  few  millimeters  in 
diameter.  Section  6  includes  pressure  drop  and  heat  transfer  comparisons  with  condenser  data 
in  these  small  tubes. 


The  test  fluids  include  primarily  air/water  ("A/W"  in  Table  3.6)  combinations  and 
several  types  of  Freon  refrigerants.  No  microgravity  data  are  available  for  ammonia,  which  is 
the  heat  transfer  fluid  most  likely  to  be  used  for  thermal  management  systems  on  radar 
satellites  or  the  space  station.  However,  ground  tests  (Lee,  1991)  with  ammonia  have  now 
been  performed  and  are  included  in  the  comparisons  here.  With  the  fluids  tested,  the  ratio  of 
the  liquid  density  to  the  gas  density  ranges  from  30  (R-12)  to  1000  (air/water).  This  density 
ratio  is  an  important  criterion  in  determining  the  flow  regime  and  the  pressure  drop.  For 
comparison,  ammonia  has  a  density  ratio  of  about  88  at  room  temperature. 


Tlble  3.6.  VALIDATIOM  COMPARISONS  FOR  PRESSURB  DROP  MEIUOOS 
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Effects  of  surface  tension  are  not  strong  in  the  existing  analytical  models.  Only  a 
relatively  small  range  of  surface  tension  has  been  studied  experimentally  =  from  0.018  N/m 
with  Freon  to  0.070  N/m  with  air  and  water.  This  range  includes  the  surface  tension  of 
ammonia,  which  is  about  0.023  N/m. 

Void  Fraction  Measurements.  Because  of  the  intimate  relationship  between  void 
fraction  and  pressure  drop  -  which  is  different  in  each  pipe  flow  regime  -  a  better  test  of  the 
design  methods  would  be  to  have  simultaneous  void  fraction  and  pressure  drop  measurements. 
Ongoing  experiments  at: 

•  University  of  Houston  (Dukler  et  al.).  and 

•  University  of  Saskatchewan  (Rezkallah  et  al.) 

intend  to  provide  void  fraction  data  in  the  future.  However,  in  all  of  the  experiments  reported 
thus  far  and  considered  here,  only  the  pressure  drop  data  have  been  reported. 

Microgravity  Data  for  Fittings.  No  microgravity  data  in  elbows,  tees,  or  fittings  is 
available  for  data  comparisons.  However,  ongoing  experiments  at; 

•  University  of  Saskatchewan  (Rezkallah  et  al.),  and 

•  NASA  Lewis  Research  Center  (McQuillen  et  al.) 

are  expected  to  provide  some  experimental  data  on  pressure  drop  for  these  components. 

Other  Experiments.  Other  plans  for  experiments  include: 

•  Variation  of  fluid  properties,  such  as  viscosity  (U.  of  Saskatchewan  and  U.  of 
Houston), 

•  Collection  of  experimental  data  under  long  term  microgravity  conditions  (Air 
Force  Phillips  Laboratory,  STARS  Rocket  flight  test  article),  and 

•  Collection  of  two-phase  data  in  support  of  the  space  station  Active  Thermal 
Control  System  Design  (Texas  A&M  University,  under  sponsorship  of  NASA 
Johnson  Space  Center  and  using  the  test  facility  built  and  tested  by 
Foster-Miller  Inc.). 

These  experiments  will  provide  additional  opportunities  to  use  and  validate  the  pressure  drop 
methods  presented  in  this  section. 


3.5.2  Comparisons  with  Individual  Experiments 

This  section  describes  the  comparisons  between  the  design  manual  methods  and  the 
experiments  listed  in  Table  3.6.  The  MICROP  software  (Crowley  et  al.,  1992)  has  been  used 
in  tlie  comparisons. 
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Chen,et  al.,(1989^.  Chen  et  al.  obtained  flow  regime  data  with  Freon  R-114  at  a  mass 
flux  of  approximately  200  kg/ra2-s.  The  heat  input  was  varied  at  this  constant  mass  flux  in 
order  to  vary  the  qu^ity  from  about  5%  to  86%.  These  data  illustrate  the  pressure  drop  in  the 
annular  and  the  slug  flow  regimes  in  microgravity  and  in  the  stratified  flow  regime  at  Ig. 

Figures  3.12  and  3.13  plot  the  experimental  microgravity  data  and  the  analysis 
comparisons  in  the  annular  and  slug  flow  regimes,  respectively.  Chen  et  al.  developed  a 
correlation  for  the  interfacial  friction  factor  ratio  in  the  annular  flow  regime: 

CHEN  (f/f^g)  =  [  1 +6.81(1  -  a)o- 39]  (3-102) 

which  fits  these  data  well,  as  shown  in  Figure  3.12.  The  iimiting  cases  for  a  smooth  interface, 

SMOOTH  (f/f^g)  =  1  (3-103) 

and  a  correlation  by  Wallis  (1969), 

WALLIS  (fi/fsvg)  =  [  1  +  75(1  -  a)J  (3-104) 

are  shown  for  comparison.  These  models,  which  represent  the  range  of  uncertainty  in  the 
pressure  drop  calculations,  bound  the  data.  The  model  with  a  smooth  interface  underpredicts 
the  pressure  drop  by  about  a  factor  of  three.  The  Wallis  model  overpredicts  the  pressure  drop 
by  about  a  factor  of  two.  Figure  3.13  shows  that  the  recommended  design  methods  predict  the 
pressure  drop  well  in  the  slug  flow  regime.  Note  that  the  reported  accuracy  of  the  transducer 
used  to  make  the  pressure  drop  measurements  is  0.33  kPa  (0.05  psi),  so  that  the  pressure  drop 
data  in  the  slug  flow  regime  and  at  low  quality  in  the  annular  flow  regime  have  a  large 
uncertainty  associated  with  them. 

Chen  et  al.  also  provide  complementary  pressure  drop  data  in  the  same  facility  at  earth 
gravity.  At  Ig,  stratified  flow  occurs  at  all  values  of  the  quality.  Figure  3.14  presents  the  Ig 
data  in  the  stratified  flow  regime.  Comparison  with  the  data  in  the  annular  flow  regime 
(Figure  3.12)  shows  that  the  pressure  drop  is  about  a  factor  of  two  smaller  in  the  suatified  flow 
regime.  Figure  3.14  also  compares  these  data  with  the  recommended  design  methods  for  the 
stratified  flow  regime.  The  recommended  model  uses  a  value  of  f/f^^g  =  5  for  the  interfacial 
friction  factor  ratio,  which  agrees  well  with  the  data.  The  figure  also  shows  the  limiting  cases 
of  fj/fwg  =  1  (smooth  interface)  and  f/f^vg  =  10,  which  bound  the  experimental  data.  Note 
again  that  the  accuracy  of  the  pressure  efrop  measurements  is  about  0.33  kPa,  so  these  data  all 
have  a  large  uncertainty. 

Colin  et  al.  (1991).  This  comparison  demonstrates  that  the  homogeneous  approach  to 
modelling  the  pressure  drop  in  both  the  slug  and  bubbly  flow  regimes  (Section  3.2.1)  is  valid 
under  microgravity  conditions.  The  experiment  addressed  the  bubbly  and  slug  flow  regimes 
and  the  transition  between  them.  Figure  3.15  plots  a  two-phase  friction  factor  derived  from  the 
experimental  pressure  drop  measurements  versus  a  two-phase  Reynolds  number.  The 
two-phase  Reynolds  number.  Rein,  is  defined  by  Equations  3-40  and  3-48  in  the  design 
methods  for  the  bubbly  and  the  slug  flow  regimes.  The  two-phase  friction  factor,  f^i,  is 
equivalent  to  the  friction  factor  derived  by  solving  Equations  3-43  and  3-51.  The  analytical 
line  shown  in  Figure  3.15  is  the  Blasius  correlation; 


fwi  =  0.079Rein,-o-25 

3-39 


(3-105) 


Figure 


Figure 


G  -  196  kQ/m’-s  rf.an  R-IU 

0  ■  0.0158  m  a  a  O.OIq  T  *  307  K 

L  -  1.829  m  «  ■  90*  Pa  638  kPQ 


QUALITY.  X 


3.12.  PRESSURE  DROP  COMPARISONS  FOR  CHEN  ET  AL.  (19g9) 
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3.13.  PRESSURE  DROP  COIIPARISONS  FOR  CHEN  ET  AL.  (1989) 
MICROGRAVm  DATA  IN  THE  SLUG  FLOW  REGIME 
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Figure  3.14.  PRESSURE  DROP  COUPARISONS  FOR  CHEN  ET  AL.  (1989) 
GROUND  TEST  DATA  IN  THE  STRATIFIED  FLOW  REGIME 
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Figure  3.15.  FRICTION  FAODR  COMPARISONS  FOR  COLIN  ET  AL.  (1991) 
MICROGRAVITY  DATA  IN  THE  BUBBLY  .AND  SLUG  FLOW  REGIMES 
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The  Zigrang-Sylvesier  model  recommended  here  (Equation  3-41  ov  3*49)  compares  within  2% 
of  the  values  predicted  by  Equation  3-105  when  the  roughness  (e/D)  is  equal  to  0. 

Hill  and  Best  (1 99.11.  This  comparison  shows  that  the  interfacial  shear  depends  on 
more  than  just  the  local  void  fraction.  Hill  and  Best  obtained  microgravity  data  for 
Freon  R-12  flowing  in  8.7  and  11.1  ram  diameter  tubes.  The  data  Ue  primarily  in  the  annular 
flow  regime  under  microgravily  conditions.  Many  of  the  measured  pressure  drops  in  the 
11.1  mm  tube  are  about  as  large  as  the  uncertainty  of  ±0.124  kPa  estimated  in  Appendix  E  of 
the  reference.  Since  the  measured  pressure  drops  in  the  8.7  mm  tube  are  about  three  times 
larger  than  in  the  larger  tube  and  therefore  b?  ■  less  uncertainty,  comparisons  with  those  data 
are  presented  here.  In  this  set  of  data,  the  daut  are  a  random  collection  of  flow  conditions,  so 
no  trends  can  be  plotted  with  superficial  velocity.  ma.«5  flux,  or  quality.  For  that  reason, 

Figure  3.16  plots  the  data  as  a  calculated  pressure  diop  v  jrsus  a  measured  value  for  the  data 
set.  There  are  a  few  data  points  in  the  slug  flow  regime,  which  agree  quite  well  with  the 
pressure  drops  calculated  by  the  design  method.  Most  of  the  data  lie  in  the  annular  flow 
regime,  however,  and  the  calculated  pressure  drop  using  the  baseline  model  (Chen  correlation) 
for  the  annular  flow  regime  underpredicts  the  pressure  drop  by  about  a  factor  of  two. 

Figure  3.17  shows  that  the  pressure  drop  predicted  using  the  Wallis  correlation  in  the  model 
for  the  annular  flow  regime  predicts  these  data  much  better. 

In  the  reference,  it  is  reported  that  test  data  in  this  facility  have  been  obtained  at  the 
same  test  conditions  during  the  periods  between  microgravity  parabolas,  which  are  nominally 
Ig  in  level  flight  Those  data  are  in  the  stratified  flow  regime  rather  than  the  annular  flow 
regime,  but  it  has  been  reported  that  the  pressure  drops  are  the  same  as  the  microgravity  data. 
Tabulated  data  for  these  tests  are  not  included  in  the  data  files  supplied  with  the  reference. 
However,  if  the  pressure  drop  is  calculated  using  the  design  methods  for  stratified  flows,  the 
calculated  pressure  drops  are  about  a  factor  of  two  smaller  than  the  calculated  values  for  the 
annular  flow  regime  plotted  in  Figure  3.16  and  about  a  factor  of  four  smaller  than  the 
calculated  values  shown  in  Figure  3.17.  Thus,  the  measured  pressure  drops  would  be  about 
two  to  four  times  larger  than  what  would  be  exj^cted.  It  is  likely  that  body  forces  conuibuted 
to  these  pressure  drop  measurements.  Flow  regime  tests  (Section  2.4.2)  further  support  this 
hypothesis  that  the  aircraft  and  the  test  section  were  not  level.  The  question  can  resolved 
with  ground  tests,  which  are  currently  being  performed. 

Re7kallah  and  ^tchell  (1991).  This  comparison  shows  that  the  design  methods  scale 
well  to  very  high  density  ratios.  The  University  of  Saskatchewan  has  obtained  microgravity 
data  with  air  and  water  (at  about  75  kPa)  in  a  tube  9.52  mm  in  diameter.  Figure  3.18 
compares  the  calculated  and  measured  pressure  drops  for  data  in  the  slug  flow  regime  and  in 
the  intermediate  flow  regimes  between  slug  and  bubbly  or  slug  and  annular.  (Data  for  the 
flight  series  listed  as  Day  3  m  the  reference  are  shown.)  The  data  in  the  slug  flow  regime 
(solid  squares)  and  the  transition  region  between  slug  and  bubbly  flow  regimes  (symbol  b) 
agree  very  well  with  the  pressure  drops  calculated  using  the  design  methods  for  the  slug  flow 
regime.  Data  points  in  the  uansition  region  between  slug  and  annular  flow  (symbol  a)  show 
some  pressure  drops  which  are  about  30%  greater  than  the  values  calculated  using  the  model 
for  the  slug  flow  regime.  Using  the  model  for  the  annular  flow  regime,  these  data  are 
underpredicted  by  a  factor  of  two.  Thus,  pressure  drop  data  agree  with  the  flow  regime 
observations  that  these  data  are  between  slug  and  annular  flow  regimes  and  that  a  fully 
developed  annular  flow  pattern  has  not  been  achieved. 
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Figure  3.16.  PRESSURE  DROP  COMPARISONS  WITH  THE  DESIGN  METHOD 
FOR  HILL  AND  BEST  (1991)  MICROGRAVITT  DATA  IN  THE 
ANNULAR  AND  SLUG  FLOW  REGIMES 
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Figure  3.17.  PRESSURE  DROP  COMPARISONS  WITH  THE  WALLIS  CORREUTION 
FOR  HILL  AND  BEST  (1991)  MIQOGRAVITT  DATA  IN  THE 
ANNULAR  FLOW  REGIME 
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Figure  3.18.  PRESSURE  DROP  COMPARISONS  WIIE  REZKALLAH  AND 
MITCHELL  (1991)  MICROGRAVITY  DATA  IN  THE 
SLUG  FLOW  REGIME 


Figure  3.19  compares  the  few  data  points  in  the  bubbly  flow  regime  (open  circles)  and 
the  data  in  the  transition  region  between  bubbly  and  slug  flow  regimes  (symbol  b)  with  the 
pressure  drop  model  for  the  bubbly  flow  regime.  Although  the  data  are  limited,  the  measured 
data  and  the  model  agree  very  well. 


Ground  Tests  Only 


Crowley  et  al.  (1991).  Crowley  et  al.  measured  the  pressure  drop  in  a  6.34  mm 
diameter  tube  with  Freon  R-11.  At  a  mass  flux  of  175  kg/ra^-s,  most  of  the  data  lie  in  the 
annular  flow  regime,  and  Figure  3.20  compares  the  measured  pressure  drop  with  the 
predictions  by  the  various  interfacial  shear  models,  similar  to  the  comparisons  presented  in 
Figure  3.12.  For  the  most  part,  the  measured  pressure  drops  lie  between  the  predictions  of  the 
model  with  the  Chen  and  Wallis  correlations  for  the  interfacial  friction.  At  a  mass  flux  of 
100  kg/ra2-s  (Figure  3.21),  the  measured  pressure  drops  are  much  smaller  than  at  the  higher 
mass  flux.  Measured  data  tend  to  lie  between  the  predictions  of  the  Chen  correlation  and  the 
limiting  case  of  a  smooth  interface  (f/fwe  =  1).  Note  however  that  these  data  have  a  large 
uncertainty  associated  with  them  (±0.2  kPa).  So,  the  data  in  Figure  3.20  might  be  considered 
more  reliable. 


A  few  data  points  have  also  been  obtained  in  the  slug  flow  regime  for  each  of  the  two 
mass  fluxes.  These  points  occur  at  low  quality  (x  <0.10)  and  at  low  pressure  drops. 

Figure  3.22  shows  that  the  limited  data  agree  with  the  design  methods  for  the  stratified  flow 
regime. 
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Figure  3.19.  PRESSURE  DROP  COMPARISONS  WITO  REZKALLAH  AND 
MITCmL  (1991)  WCROGRAVITY  DATA  IN  THE 
BUBBLY  BOW  REGIME 
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Figure  3.20.  .uSSURE  DROP  COMPARISONS  WITH  CROWLEY  ET  AL.  (1991) 
GROUND  TEST  DATA  IN  THE  ANNULAR  FLOW  REGIME 
(G  =  175  kg/iB2-s) 
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Figure  3.21.  PRESSURE  DROP  COMPARISONS  WITH  CROWLEY  ET  AL.  (1991) 
GROUND  lEST  DATA  IN  IHE  ANNULAR  FLOW  REGIUfi 
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Figure  3.22.  PRESSURE  DROP  COMPARISONS  WITH  CROWLEY  ET  AL.  (1591) 
GROUND  TEST  DATA  IN  TEE  SLUG  FLOW  REGIME 
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Lee  (199  D.  McDonnell  Douglas  Space  Systems  Co.  is  obtaining  data  to  support  the 
design  of  Space  Station  Freedom.  While  only  preliminary  ground  tests  have  been  performed 
thus  far  (at  McDonnell  Douglas  in  Houston,  Texas),  space  experiments  are  planned  for  the 
future.  These  data  are  particularly  interesting  because  they  have  been  obtained  with  ammonia 
at  pressures  and  temperatures  typical  of  thermal  management  systems  for  spacecraft.  These 
experiments  report  only  the  measured  pressure  drop;  no  corresponding  flow  regime 
observations  or  void  fraction  measurements  are  available. 

Figure  3.23  calculates  the  flow  regimes  in  these  tests.  The  figure  shows  where  the  test 
conditions  lie  on  a  map  of  predicted  flow  regime.s  in  mass  flux  versus  quality  coordinates. 
These  test  conditions  correspond  to  pressure  drops  measured  in  a  15.8  mm  pipe.  The  mass 
flux  is  approximately  constant  at  90  kg/m2-s,  with  the  quality  varied  in  the  range  of  0.09  to  0.9 
by  increasing  or  decreasing  the  heat  input.  Data  points  at  x  <  0.1  are  predicted  to  lie  in  the 
stratified  How  regime. 

Figure  3.24  plots  the  pressure  drop  data  for  the  15.8  mm  pipe.  On  this  plot,  the 
symbols  for  the  data  show  the  predicted  flow  regime  on  the  map  in  Figure  3.23,  since  the  flow 
regime  has  not  been  observed.  The  measured  pressure  drops  agree  with  the  model  for 
stratified  flow  at  a  quality  less  than  0.4.  The  measured  pressure  drops  agree  with  the  annular 
flow  model  (using  the  Chen  correlation)  for  quality  values  greater  than  0.6.  A  transition 
region  occurs  in  the  range  0.4  <  x  <  0.6,  where  the  pressure  drop  values  lie  between  the  two 
models. 
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Figure  3.23.  PREDICTED  REGIME  HAP  FOR  LEE  (1991) 
TEST  CONDITIONS  AT  D  =  15.8  mm 
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Figure  3.24.  PRESSURE  DROP  COlfPARISONS  WIIU  LEE  (1991) 
DATA  AT  D  -  IS. 8  m 


Figure  3.25  plots  the  corresponding  flow  regime  map  at  a  21.1  mm  tube  size,  which  is 
the  largest  size  tested.  The  transition  from  stratified  to  annular  flow  is  predicted  to  occur  at 
about  twice  the  value  of  the  quality  as  in  the  smaller  tube  (Figure  3.23).  Also  notice  that  the 
mass  flux  of  65  kg/m2-s  lies  very  close  to  the  predicted  transition  boundary  between  stratified 
and  annular  flow  regimes  even  at  the  highest  value  of  the  quality  tested,  about  x  =  0.7. 

Figures  3.26  and  3.27  shows  that  the  measured  pressure  drop  data  agree  closely  with  the  model 
for  the  stratified  flow  regime  across  the  range  of  quality  tested  at  both  mass  fluxes.  These  data 
therefore  suggest  that  the  flow  pattern  is  still  much  closer  to  the  stratified  than  the  annular 
regime  for  ^  of  these  data,  which  is  not  surprising  given  that  the  test  conditions  lie  close  to 
the  transition  (Figure  3.25)  and  the  transition  boundary  is  somewhat  uncertain. 

The  tests  at  these  two  pipe  sizes  illustrate  the  uncertainty  and  risk  that  accrues  when 
operating  at  conditions  near  the  flow  regime  transition,  such  as  between  stratified  and  annular 
flow  regimes.  Under  raicrogravity  conditions,  all  of  the  data  would  be  in  the  annulai  flow 
regime  (the  stratified  flow  regime  would  effectively  disappear),  and  therefore  pressure  drops 
might  be  twice  as  large  in  the  larger  pipe  than  they  are  on  the  ground.  (Compare  the 
predictions  for  the  annular  and  stratified  regimes  in  Figure  3.26  or  3.27.) 


3-48 


a  «  19  AMMONIA 

D  •  21.06  mm  <  «  90*  T  “  29A  K 

L  -  4,522  m  P  ■  886  kPo 


QUALITY,  x 


Figure  3.25.  PREDICTED  REGIME  MAP  FOR  LEE  (1991) 
TEST  CONDITIONS  AT  D  =  21.1  am 
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Figure  3.26.  PRESSURE  DROP  COMPARISONS  WITH  LEE  (1991) 
DATA  AT  D  =  21.1  mm  (G  =  65  kg/m2-s) 
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Figure  3.27.  PRESSURE  DROP  COMPARISONS  WlHi  LEE  (1991) 
DATA  AT  D  =  21.1  M  (G  =  95  kg/oF-s) 


3.5.3  Cooclusioiu  from  Pressure  Drop  Comparisons 

Table  3.7  summarizes  the  conclusions  from  the  pressure  drop  compaiisons  presented  in 
Section  3.5.2. 

Annular  How  Regime.  The  experimental  data  show  that  the  pressure  drop  in  the 
annular  flow  regime  is  predicted  by  the  separated  flow  model  in  the  range  bounded  by  the 
Chen  et  al.  and  Wallis  correlations  for  the  inlerfacial  friction.  The  microgravity  data  of 
Chen  et  al.  and  the  ground  test  data  with  ammonia  by  McDonnell  Douglas  Space  System  Co. 
support  the  Chen  et  al.  model.  Data  from  the  experiments  by  Hill  and  Best  with  air  and  water 
support  the  Wallis  model.  Data  from  the  experiments  by  Crowley  et  al.  lie  between  the  two 
models. 

Slug  Flow  Regime.  Experimental  data  show  that  the  pressure  drop  in  the  slug  flow 
regime  is  predicted  very  well  by  the  recommended  drift  flux  model.  The  data  from 
Colin  et  al.  and  Rezkallah  and  Mitchell  show  excellent  agreement  with  the  predictions. 

Bubbly  Flow  Regime.  Experimental  data  show  that  the  pressure  drop  in  the  bubbly 
flow  regime  is  predicted  very  well  by  the  recommended  drift  flux  model.  The  data  from 
Colin  et  al.  and  Rezkallah  and  Mitchell  also  show  excellent  agreement  with  the  predictions. 
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Table  3.7.  SUMMARr  OF  PRESSURE  DROP  COMPARISONS  VlHi  DESIGN  METHODS  FOR  PIPES 
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Stratified  Flftw  Regime.  In  general,  the  model  and  the  data  correctly  show  that  the 
stratified  flow  regime  does  not  occur  under  microgravity  conditions  -  only  in  the  ground  tests. 
Data  lie  between  the  predictions  of  the  separated  flow  model  with  the  recommended  value  for 
the  interfacial  Motion  ^  5)  and  a  smooth  gas*liquid  interface.  The  data  from  Chen  et  al. 
and  McDonnell  Douglas  (d&cussed  as  examples  in  this  report)  support  this  conclusion,  and  it 
is  also  true  for  many  other  ground  tests  in  the  stratified  flow  regime  (e.g.  Crowley  and  Sam, 
1986). 


The  only  disagreement  is  with  the  data  reported  by  Hill  and  Best,  where  pressure  drops 
in  the  stratified  regime  are  two  to  four  times  greater  than  expected.  However  this  discrepancy 
is  likely  to  be  due  to  the  fact  that  the  aircraft  was  not  actually  in  level  flight  during  those  tests. 
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4  EVAPORATORS:  Forced  Convection  Dominated  Tubes 

Evaporators  are  common  components  In  two-phase  spacecraft  thermal  management 
systems,  providing  the  sink  for  heat  rejection  by  the  thermal  loads  of  spacecraft  systems.  This 
section  of  the  design  manual  considers  evaporators  based  on  forced  convection  dominated 
tubes.  In  this  type  of  evaporator,  subcooled  liquid  enters  at  the  inlet  side  of  the  tube  and  is 
evaporated  by  heat  transferred  through  the  tube  walls.  Vapor  or  a  two-phase  mixture  of  vapor 
and  saturated  liquid  exit  the  tube.  To  make  the  evaporator  insensitive  to  the  acceleration  level 
of  the  spacecraft,  the  evaporator  is  designed  so  that  heat  transfer  by  forced  convection 
dominates  nucleate  boiling.  Since  the  physical  mechanisms  of  nucleate  boiling  (e.g.,  bubble 
growth  and  detachment)  can  be  sensitive  to  body  forces  and  forced  convection  is  not,  a  forced 
convection  evaporator  will  not  be  sensitive  to  the  acceleration  level  of  the  spacecraft. 

This  section  of  the  design  manual  presents  methods  for  predicting  the  heat  transfer  and 
pressure  drop  characteristics  of  forced  convection  evaporators.  Methods  focus  on  a  single 
evaporator  tube.  The  wall  temperature  or  heat  flux,  flow  quality  and  void  fraction,  and 
pressure  drop  components  are  computed  over  the  length  of  the  evaporator  tube.  The  methods 
described  here  are  implemented  in  the  companion  FCEVAP  software  (Barry  et  al.,  1992). 

Section  4.1  discusses  applications  of  the  evaporator  design  methods,  focusing  on 
predicting  performance  of  different  geometrical  configurations. 

Section  4.2  summarizes  the  analysis  approach  and  methods.  The  calculation  strategy  is 
based  on  breakup  of  the  tube  into  segments.  For  each  segment,  the  methods  predict  heat 
transfer  and  pressure  losses  for  the  appropriate  flow  regime. 

Section  4.3  presents  the  overall  calculation  methodology,  concentrating  on  the  stepwise 
procedure  used  to  traverse  the  evaporator  tube  from  entrance  to  exit. 

Sections  4.4,  4.5,  4.6,  and  4.7  give  the  detailed  equations  for  the  calculations.  For  each 
regime,  the  equations  for  heal  transfer  coefficient,  quality  and  void  fraction,  pressure  drop, 
regime  U-ansition,  and  critical  heat  flux  are  listed. 

Dimensionless  design  charts  are  presented  in  Section  4.8.  These  charts  may  be  used  for 
quick  scoping  calculations  of  evaporator  heat  U-ansfer  and  pressure  drop. 

Section  4.9  describes  validation  calculations  performed  using  the  methods.  Predicted 
results  for  heat  transfer  and  pressure  loss  compare  well  with  available  test  data. 


4.1  Applications 

The  design  methods  presented  here  apply  to  the  fluid  and  thermal  design  of  forced 
convection  evaporators.  These  evaporators  may  have  various  geometries  depending  on  the 
type  and  geometry  of  the  heat  source  that  must  be  cooled.  The  following  paragraphs  discuss 
application  of  the  design  methods  to: 

•  Straight  tube  evaporators, 

•  Spiral  coil  evaporators, 

•  Helical  coil  evaporators, 

•  Tubes  of  noncircular  cross  section. 
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The  applicaUon  of  the  methods  to  interpretation  of  test  data  is  also  discussed. 

General  Design  Consideratious.  Design  of  a  forced  convection  evaporator  involves  a 
number  of  important  and  sometimes  conflicting  tradeoffs.  Typically  the  design  proceeds  in  an 
iterative  fashion,  with  an  initial  set  of  design  parameters  undergoing  modification  as  all  of  the 
physical  effects  are  accounted  for.  The  methods  described  in  this  manual  can  predict  these 
effects. 


In  each  of  the  geometries,  the  flow  area  A  and  hydraulic  diameter  of  the  tube,  D^.  are 
typically  fixed  by  the  mass  flux.  G,  and  the  total  heat  removal,  q.  Mass  flux  is  usually 
selected  based  on  heat  transfer,  flow  regime,  and  pressure  drop  considerations.  As  discussed  in 
Section  4.2,  heat  transfer  by  forced  convection  dominates  nucleate  boiling  at  sufficiently  high 
mass  fluxes.  For  reduced  gravity  (low  acceleration)  applications,  it  is  important  to  operate  in 
the  forced  convection  dominated  regime  since  nucleate  boiling  relies  to  some  extent  on  body 
forces.  Sufficiently  high  mass  fluxes  also  guarantee  operation  in  non-stratified  flow  regimes 
(see  Section  2),  so  that  operation  is  insensitive  to  acceleration  in  other  components.  High  mass 
fluxes,  however,  also  result  in  larger  pressure  drops.  A  balance  must  be  struck  between 
pumping  requirements  and  insensitivity  to  acceleration. 

An  overall  energy  balance  on  the  evaporator  tube  relates  the  flow  area  to  the  mass  flux 
and  total  heat  removal  by; 


where  Ax  represents  the  change  in  quality  over  the  length  of  the  tube  and  hfg  is  the  latent  heat 
of  vaporization.  (Note  that  negative  qualities  are  defined  for  subcocled  liquids.)  If  a  target 
exit  quality  is  known  and  a  suitable  mass  flux  has  been  selected.  Equation  4-1  relates  the  flow 
area.  A,  to  the  total  heat  load,  q. 

The  tube  diameter  can  be  directly  computed  from  the  flow  area  A.  The  procedures  for 
noncircular  tubes  are  discussed  below. 

Design  of  Straight  Tube  Evaporators.  Figure  4.1  illustrates  the  straight  tube  evaporator 
geometry.  Straight  tube  geometries  are  common  in  many  applications.  In  a  multiple  pass  heat 
exchanger  design,  for  example,  the  design  methods  may  be  applied  to  individual  straight 
sections  alone  or  as  an  approximation  of  the  total  tube  length.  Straight  tube  evaporators 
f^requently  appear  in  experimental  facilities  due  to  their  straightforward  construction  and 
simpler  modelling  requirements. 

With  the  diameter  of  the  tube  known  from  the  overall  flow  rate  and  heal  load,  the 
designer  must  specify  the  length  of  the  evaporator  to  meet  goals  for  temperature  and  size.  The 
length  determines  the  heat  flux  and  the  wall  temperature,  since  the  diameter  and  heat  load  are 
fixed.  High  heat  fluxes  reduce  the  size  of  the  evaporator  but  result  in  higher  wall  temperatures 
and  may  approach  physical  operating  limits  like  critical  heat  flux.  This  design  manual 
provides  methods  for  computing  the  heat  transfer  coefficient  and  wall  temperature  along  the 
length  of  the  evaporator.  Comparison  of  the  maximum  wall  temperature  to  design  limits  is 
one  important  design  criteria.  The  design  methods  also  predict  the  critical  heat  flux.  If  critical 
heat  flux  is  exceeded,  heat  transfer  occurs  by  inefficient  film  boiling,  resulting  in  high  wall 
temperatures. 
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Figure  4.1.  STRAIGHT  TUBE  EVAPORATOR 


The  design  methods  also  predict  the  pressure  drop  in  the  evaporator  tube.  Large 
pressure  drops  result  in  large  pumping  power  requirements,  usually  a  scarce  resource  on 
spacecraft  Pressure  drops  can  be  reduced  by  lowering  the  mass  flux  and/or  increasing  the 
tube  diameter. 

Design  of  Spiral  Coil  Evaporators.  Figure  4.2  shows  an  evaporator  of  the  flat  spiral 
coil  variety.  This  configuration  is  commonly  found  in  cold  plate  applications.  Heat  transfer 
surfaces  are  fastened  to  one  or  both  sides  of  the  flat  coil.  Subcooled  liquid  may  be  introduced 
into  either  the  inner  or  outer  ends  of  the  spiral.  In  practice,  the  inner-to-outer  and 
outer-to-inner  flow  directions  may  behave  very  similarly  (Niggemann  et  al.,  1985). 

Design  of  the  spiral  coil  evaporator  is  quite  similar  to  the  straight  tube.  The  uncoiled 
length  of  the  evaporator  tubing  determines  the  heat  flux.  Note  that  for  a  spiral  coil,  the  heat 
flux  is  normally  applied  only  to  the  faces  (cold  plates)  of  the  coil  In  the  design  methods 
presented  here,  the  heat  flux  is  deflned  at  the  entire  tube  periphery  (as  in  a  straight  tube).  This 
heat  flux  is  calculated  from  the  cold  plate  heat  flux  by  a  simple  geometry  conversion.  The 
inner  and  outer  radius  of  the  spiral  are  determined  primarily  by  mechanical  and  manufacturing 
considerations.  The  bent  tube  must  not  have  kinking  or  excessive  distortion  of  the  cross 
section. 

The  design  methods  include  a  correction  factor  that  accounts  for  the  increased  pressure 
drop  expected  in  a  spiral  coil  compared  to  a  straight  tube  of  the  same  length.  The  methods  for 
heat  transfer  and  fluid  state  remain  the  same  as  for  a  straight  tube.  The  effects  of  flow 
redistribution  caused  by  the  centrifugal  forces  are  not  considered.  As  shown  by  the  data 
comparisons  of  Section  4.9,  this  appears  to  be  a  valid  approximation. 

Design  of  Helical  Coil  Evaporators.  Figure  4.3  shows  a  helical  coil  evaporator.  Such 
an  evaporator  could  be  used  to  "wrap"  a  heat  source  for  example.  Alternatively,  two  coils 
could  be  intermeshed  or  a  coil  could  be  placed  in  a  bath  to  form  a  fluid-fluid  heat  exchanger. 

In  the  design  methods,  a  helical  coil  evaporator  is  treated  in  the  same  way  as  a  spiral 
coil,  i.e.,  a  helix  is  treated  as  a  degenerate  spiral.  The  inner  and  outer  radii  are  set  equal,  and 
all  of  the  same  equations  are  applied.  This  is  an  approximation  if  the  coils  of  the  helix  are 
widely  spaced  along  its  axis.  As  with  the  spiral  coil,  flow  redistribution  due  to  centrifugal 
forces  is  not  accounted  for  by  the  methods. 
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Noncircular  Cross  Sections.  The  design  methods  have  been  formulated  to  handle 
noncircular  tube  cross  sections  in  a  simple  and  straightforward  way.  Two  general  types  of 
noncircular  cross  sections  may  be  considered. 

For  many  noncircular  cross  sections,  the  hydraulic  diameter  approach  is  valid.  These 
cases  require  no  modification  to  the  methods  or  to  the  companion  software,  only  changes  in 
input  parameters.  The  input  to  the  calculations  includes  the  flow  area,  heated  perimeter,  and 
two  hydraulic  diameters.  To  apply  the  methods  to  a  noncircular  cross  section,  these 
parameters  must  be  calculated  using  the  appropriate  georaeuic  formulas.  Two  hydraulic 
diameters  may  be  used:  one  for  heat  transfer  and  one  for  pressure  drop.  For  heat  transfer,  the 
hydraulic  diameter  is  defined  using  the  heated  perimeter,  H: 

Dhi  =  (4-2) 

For  pressure  drop,  the  wetted  perimeter,  S„  is  used  instead: 

Dp^-  =  ^  (4-3) 

The  definition  of  two  hydraulic  diameters  improves  the  flexibility  of  the  methods.  In  most 
cases  of  interest,  the  two  hydraulic  diameters  are  equal,  Dh,  =  Dpj.  For  simplicity,  the 
hydraulic  diameter  is  referred  to  as  simply  Di,  in  the  remainder  of  this  section,  with  the 
implicit  requirement  that  the  appropriate  definition  be  applied  in  cases  where  the  wetted  and 
heated  perimeters  differ. 

In  cases  where  the  hydraulic  diameter  approach  is  not  valid,  the  design  methods  are 
formulated  so  that  appropriate  substitute  correlations  may  be  inserted. 

Interpretation  of  Test  Data.  The  design  methods  may  be  applied  to  intprpretation  of 
evaporator  test  data  as  well  as  evaporator  design.  The  lest  article  geomeir;  u.,  test  conditions 
are  used  as  the  inputs,  and  performance  of  the  test  is  predicted.  Comparisi^n  i  the  predictions 
with  measured  data  may  yield  insights  into  the  performance  of  tiie  evaporaiu:  or  the  validity  of 
the  design  models. 


4.2  Summary  of  Methods 

The  design  methods  described  here  predict  the  thermal  and  pressure  loss  performance 
of  forced  convection  evaporators.  Typically,  the  key  results  of  the  calculations  will  be 
predictions  for  the  wall  temperature  and  pressure  drop  in  the  evaporator  tube.  Various 
boundary  conditions  and  heat  transfer  and  flow  regimes  are  included.  The  following 
paragraphs  outline  the  capabilities  of  the  methods. 

Boundary  Conditions.  The  design  methods  accommodate  two  general  thermal 
boundary  conditions:  constant  wall  heat  flux  and  constant  wall  temperature.  A  consumt  wall 
heal  flux  condition  generally  applies  for  constant  heal  loads  that  are  independent  of 
temperature,  such  as  the  heat  dissipation  of  electronic  equipment  or  instruments.  Constant 
wall  temperature  boundary  condi'^'^ns  typically  apply  in  cases  where  heat  is  being  transferred 
from  another  fluid  medium  as  in  an  interface  heat  exchanger. 
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The  design  methods  presented  here  are  most  accurate  and  robust  for  constant  heat  flux 
boundary  conditions.  Section  4.3.1  discusses  some  of  the  potential  difficulties  involved  in 
using  constant  wall  temperature  boundary  conditions. 

The  design  methods  require  .ipecification  of  the  inlet  mass  flux,  pressure,  and  quality 
(or  subcooling).  A  marching  technique  is  used  to  calculate  heat  and  momentum  transfer  along 
the  length  of  the  tube  to  the  exit  Outlet  pressure  and  quality  aie  determined  as  part  of  the 
problem  solution. 

Heat  Transfer  and -Flow  Regimes.  Heat  and  momentum  U’ansfer  occur  by  several 
mechanisms  in  the  evaporator  tube  as  the  fluid  quality  increases  along  the  tube  length.  The 
flow  rales  of  each  phase  along  the  tube  depend  on  the  heat  transfer  which,  in  turn,  depends  on 
the  flow  regime.  Figure  4.4  illustrates  the  various  flow  and  heat  Uansfer  regimes  along  the 
length  of  an  evaporator  tube.  The  methods  described  in  this  manual  consider  the  subcooled 
liquid  through  annular  flow  regimes  and  heat  transfer  regimes  from  co.nveciive  heat  transfer  to 
singie-phase  liquid  to  forced  convective  heat  transfer  through  the  liquid  film.  Beyond  these 
regimes,  critical  heat  flux  is  likely. 

Single-phase  flow  and  heat  transfer  occur  when  the  liquid  is  subcooled  and  the  wall 
•£raperature  is  too  low  to  nucleate  bubbles.  Standard  single-phase  pressure  drop  and  heat 
transfer  correlations  apply.  As  the  wall  temperature  increases,  the  onset  of  nucleate  boiling 
(ONB)  is  reached,  causing  a  u^sition  to  subcooled  nucleate  boiling  heat  transfer. 

Subcooled  nucleate  boiling  is  divided  into  partially-developed  boiling  (PDB)  and 
fully-developed  boiling  regimes  (FDB).  In  PDB.  small  bubbles  nucleate  but  stay  attached  to 
the  wall,  and  there  is  no  significant  void  fraction.  Heal  transfer  correlations  should  account  for 
the  enhanced  heat  u^sfer  resulting  from  the  nucleate  boiling,  but  there  is  no  net  vapor 
generation  and  the  pressure  drop  remains  single-phase.  As  the  bulk  temperature  of  the  liquid 
becomes  sufficiently  large,  the  bubbles  grow  larger  and  detach  from  the  wall,  resulting  in  the 
onset  of  significant  voiding  (OSV)  and  transition  to  FDB.  In  FDB.  both  the  heat  transfer  by 
nucleate  boiling  and  the  generation  of  vapor  are  modelled,  and  the  pressure  drop  must  be 
calcuhled  using  two-ohase  methods. 

he  saturated  nucleate  boiling  regime  is  reached  when  the  bulk  liquid  temperature 
rea^.ii;^  saiurarion.  Heat  transfer  occurs  by  combined  forced  convection  and  nucleate  boUing 
(although  forced  convection  should  dominate  for  well- designed  evaporators).  All  of  the  heat 
transferred  generates  vapoi ,  and  the  press'ue  drop  has  large  two-phase  components. 

In  parallel  with  heat  uansfer  regimes,  flow  regimes  must  be  considered.  In  subcooled 
conditions,  of  course,  the  fluid  is  singie-phase  liquid.  The  PDB  regime  is  similar  to 
single-phase  liquid,  perhaps  with  enhanced  wail  roughness  due  to  the  bubbles.  At  very  low 
qu^ty,  typically  in  the  FDB  regime,  the  flow  is  bubbly  or  slug  and  normally  modelled  as  a 
homogeneous  vaporAiquid  mixture.  As  the  quality  increases  (in  saturated  boiling),  the  flow 
regime  rapidly  becomes  annular,  with  a  film  of  liquid  located  around  the  periphery  of  the  tube. 

In  practice,  the  length  of  tube  where  single  phase,  PDB,  and  FDB  take  place  are  small, 
with  the  bulk  of  the  length  operating  in  the  saturated  boiling  regime.  Similarly,  the  bulk  of  the 
tube  operates  in  the  annular  flow  regime  as  well.  As  a  first  approximation,  an  evaporator  can 
usually  be  modelled  using  only  saturated  boiling  and  annular  flow  correlations. 
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Due  to  the  dominance  of  saturated  boiling  and  annular  flow,  the  design  methods  couple 
heat  mansfer  and  flow  regimes,  as  shown  in  Table  4.1.  Heat  transfer  regimes  are  calculated 
from  local  conditions  using  methods  described  in  Section  4.7.  Then  the  corresponding  flow 
regimes  are  assumed  to  be  those  listed  in  Table  4.1.  This  approach  simplifies  the  calculation 
methodology  signiHcantly,  while  resulting  in  only  minor  modelling  inaccuracy. 

Depending  on  the  heat  flux  level,  some  of  the  heat  transfer  regimes  depicted  in 
Figure  4.4  may  not  occur  in  an  evaporator  tube.  At  heat  fluxes  which  are  high  relative  to  the 
liquid  mass  flux,  various  other  regimes  may  occur,  as  described  by  Collier  (1981).  However, 
these  cases  represent  poor  evaporator  designs  in  which  the  tube  walls  dry  out  and  reach  very 
high  temperatures.  The  design  methods  are  limited  to  well  designed  evaporators  in  which 
two-phase  forced  convection  is  the  major  heat  transfer  mechanism. 

Readers  who  wish  further  background  in  two-phase  heat  U’ansfer  should  consult  the  text 
by  Collier  (1981)  or  the  report  by  Eastman  (1985). 

Two-Phase  Forced  Convection  Heat  Transfer.  In  saturated  flow  boiling,  the  fluid 
generally  flows  in  an  annular  pattern  with  a  vapor  core  and  a  liquid  film  on  the  tube  wall. 
Vaporization  occurs  by  two  mechanisms;  nucleate  boiling  in  the  liquid  at  the  wall  and 
evaporation  at  the  vapor/liquid  interface.  Annular  flow  is  the  dominant  regime  for  practical 
coolants  because  the  void  fraction  is  quite  high  even  at  low  qualities,  implying  high  vapor 
velocities  over  most  of  the  tube  length. 

A  useful  concept  for  describing  heat  transfer  in  saturated  flow  boiling  is  the 
superposition  principle.  Heat  transfer  is  treated  as  the  sum  of  two  components.  One  is  due  to 
nucleate  boiling  at  the  wall,  and  the  other  is  due  to  forced  convection  heat  transfer  to  the 
liquid  film.  Quantitatively,  the  total  heat  flux,  q",  is  expressed  as  a  sum: 


q"  -  mf,-Hh„b)AT«, 


(4-4) 


where  h^  is  the  "forced  convection"  heat  transfer  coefficient,  hnb  is  the  "nucleate  boiling"  heat 
U-ansfer  coefficient,  and  AT,jj,t  is  the  temperature  difference  between  the  tube  wall  and  the  fluid 
saturation  temperature. 


Table  4.1.  HEAT  IHANSFER  AND  FLOW  REGIMES 

Heat  Transfer  Regime 

Flow  Regime 

Single-Phase 

Single-Phase 

Partially-Developed  Subcooled  Boiling 

Single-Phase 

Ful iy- Developed  Subcooled  Boiling 

Two-Phase  Homogeneous 

Saturated  Flow  Boiling 

Two -Phase  Annular 
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The  superposition  principle  is  the  basis  for  an  important  evaporator  design  criterion. 
Since  forced  convection  heat  transfer  is  independent  of  gravity  while  nucleate  boiling  heat 
transfer  has  an  uncertain  gravity  dependence,  a  design  criterion  for  evaporators  in  microgravity 
is: 

hfc »  Kb  (4-5) 

In  this  way  operation  of  the  evaporator  is  assured  regardless  of  the  spacecraft  acceleration. 

As  shown  in  Section  4.4,  the  superposition  principle  can  be  extended  to  the  partially* 
and  fully-developed  nucleate  boiling  regimes  by  appropriate  selection  of  the  temperature 
difference  and  by  adjustments  in  the  calculation  of  h^  ^nb- 

Fluid  State.  Quality,  and  Void  Fraction.  As  the  fluid  in  the  evaporator  is  heated  from 
subcooled  to  saturated  and  then  boiled,  the  Huid  state  changes.  That  is.  the  temperature, 
quality,  and  void  fraction  evolve.  The  change  in  fluid  state  depends  on  the  heat  transfer  and 
tlow  regime. 

In  the  single-phase  and  PDB  regimes,  the  bulk  fluid  is  subcooled,  and  any  bubbles  that 
are  present  are  small  and  remain  attached  to  the  wall.  The  increase  in  fluid  temperature 
represents  the  change  in  fluid  state  for  these  regimes.  No  significant  voiding  occurs;  the 
quality  and  void  fraction  are  zero. 

In  the  FDB  reginie,  a  significant  volume  of  vapor  may  be  generated  even  though  the 
bulk  temperature  of  the  fluid  remains  subcooled.  This  behavior  is  accounted  for  by 
partitioning  the  energy  delivered  to  the  fluid  into  two  parts.  One  part  of  the  energy  goes  to 
raising  the  fluid  temperature  (i.e.,  sensible  heat)  similar  to  the  single-phase  and  PDB  regimes. 
The  other  part  of  the  energy  generates  vapor  (i.e.,  latent  heat),  increasing  the  quality  and  void 
fraction.  The  design  methods  specify  how  the  energy  is  partitioned. 

The  picture  simplifies  again  in  saturated  boiling.  Here  8 11  of  the  heat  transfer  generates 
vapor,  and  the  bulk  fluid  remains  saturated. 

The  relationship  between  void  fraction  and  quality  varies  with  the  flow  regime.  In  the 
bubbly  and  slug  flow  regimes,  the  quality  is  low.  Tlie  quality  and  the  void  fraction  are  treated 
using  a  homogeneous  model,  i.e.,  there  is  no  slip  between  the  phases.  As  the  quality  rises  and 
the  flow  regime  changes  to  annular,  phase  slip  becomes  significant,  and  an  annular  flow  model 
must  be  used  to  predict  the  void  fraction. 

Pressure  Losses  in  Flow  Boiling.  The  pressure  drop  through  an  evaporator  determines 
the  pumping  power  requirement  Generally,  good  heat  transfer  performance  requires  higher 
pressure  drops,  so  system  level  uadeoffs  are  necessary  to  balance  component  size  and  pumping 
power. 

Pressure  losses  in  an  evaporator  tube  are  due  to  the  phenomena  illustrated  in  Figure  4.5, 
which  shows  the  forces  acting  on  elemental  control  volume  in  the  evaporator  tube.  Tlie  forces 
are; 

•  Wall  friction, 

•  Body  forces,  and 

•  Fluid  acceleration. 
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Figure  4  J.  FORCES  ON  AN  ELEMENTAL  CONTROL  VOLUME 


The  total  pressure  drop  in  the  evaporator  is  the  sum  of  the  pressure  drops  due  to  these  three 
components.  Pressure  drops  due  to  wall  friction  and  body  forces  are  similar  to  the  pressure 
losses  in  a  transport  line  (Action  3).  The  difference  is  that  the  fluid  changes  phase  in  an 
evaporator  so  the  effective  fluid  properties  vary  along  the  tube.  The  pressure  drop  due  to  fluid 
acceleration  is  also  caused  by  vaporization  of  liquid.  Since  the  vapor  is  less  dense  than  the 
liquid,  it  must  have  a  higher  velocity.  To  accelerate  the  fluid  into  the  vapor  phase  a  force 
must  be  exerted  on  the  liquid.  This  force  is  the  acceleration  pressure  loss  in  the  evaporator 
tube. 


Dimensionless  Eiesign  Maps.  This  design  manual  presents  dimensionless  design  maps 
to  calculate  heat  transfer  and  pressure  losses  in  evaporator  tubes  (Section  4.8).  The 
dimensionless  design  variables  provide  physical  insight  and  the  maps  are  suitable  for  scoping 
level  design.  These  maps  ignore  the  less  important  heat  transfer  and  flow  regimes  which 
contribute  minimally  to  the  overall  behavior  of  the  evaporator.  Instead,  the  maps  focus  on  the 
key  regimes  that  dominate  performance.  More  precise  estimates  of  the  evaporator 
performance  need  to  account  for  all  the  various  heat  transfer  and  flow  regimes,  and  the  design 
equations  are  provided  (Sections  4.4  through  4.7)  which  are  suiU  :  for  detailed  computer 
cdculations. 
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4.3  Calculadon  Procedure  for  an  Evaporator  Tube 

To  first  order,  an  evaporator  tube  can  be  designed  assuming  only  one  heat  transfer 
regime:  saturated  boiling.  However,  for  final  design  calculations  more  precision  is  often 
needed,  and  the  detailed  behavior  of  the  coolant  must  be  considered.  These  calculations 
should  consider  all  the  possible  heat  transfer  regimes  and  calculate  the  transition  from  one 
regime  to  the  next. 

This  section  presents  detailed  design  relations.  Procedures  are  given  to  generate  design 
maps  for  additional  cases  of  interest  or  to  program  computerized  calculations  for  forced 
convection  evaporators.  The  usual  way  to  use  these  design  relations  is  to  first  divide  the 
evaporator  tube  into  a  number  of  segments  within  which  the  fluid  properties  are  approximately 
constant.  In  each  segment  there  are  three  basic  calculations: 

•  Determine  the  fluid  state  at  the  segment  exit, 

•  Calculate  the  wall  temperature  (or  heat  flux). 

•  Compute  the  pressure  drop,  and 

•  Check  for  heat  transfer  regime  transition. 

Tables  4.2  and  4,3  summarize  the  calculations  in  each  of  the  heat  transfer  regimes  and 
the  transitions  between  them.  Figure  4.6  shows  schematically  the  sequence  for  performing 
these  calculations.  The  sections  which  follow  provide  more  detail. 

The  number  of  segments  required  for  a  design  calculation  varies.  One  hundred  or  so 
segments  are  often  sufficient  for  the  evaporator  calculation.  In  general,  the  designer  should 
increase  the  number  of  segments  until  the  solution  no  longer  changes.  This  assures  that  the 
solution  is  not  dependent  on  the  number  of  segments. 


4,3,1  Boundary  Conditions 

Thermal  Boundary  Conditions.  Two  types  of  thermal  boundary  conditions  can  be 
prescribed:  constant  wall  heat  flux  and  constant  wall  temperature.  The  constant  wall  heat  flux 
boundary  condition  specifies  the  heat  flux  along  the  length  of  the  evaporator,  fixing  the  net 
heat  load  on  the  evaporator.  The  heat  flux  boundary  condition  is  often  used  and  is  robust,  with 
no  iteration  required  for  solution. 

The  constant  wall  temperature  condition  is  somewhat  less  used  and  requires  iteration  in 
order  to  converge  to  a  solution.  Due  to  this  iteration  and  to  the  sensitivity  of  the 
Gungor-Winterton  (1986)  flow  boiling  heat  uansfer  correlation  to  wall  temperature,  the  design 
methods  are  less  robust  and  more  uncertain  for  constant  wall  temperature  boundary  conditions. 

Figure  4.7  illustrates  the  behavior  of  the  design  methods  during  iteration  for  constant 
wall  temperatures.  In  the  iteration,  the  heat  flux  is  guessed,  the  heat  transfer  coefficient  is 
computed  using  this  guess,  then  the  heat  flux  is  calculated  from  the  heat  transfer  coefficient 
and  known  wall  temperature.  If  the  heat  fluxes  are  the  same,  the  calculation  ends.  Otherwise, 
the  newly  calculated  heat  flux  is  used  as  a  new  guess  and  so  on.  The  figure  plots  the  behavior 
of  the  solution  as  the  heat  flux  is  guessed  and  calculated.  In  the  plot,  the  iterations  converge 
when  the  45°  line  is  reached. 
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Table  4.2.  SUMliARY  OF  EVAPORATOR  CALCULATIONS 


wal 

il  Hea 

Ti 

ransfe 

Single- 

Phase 

Partially- 
Developed 
Boil ing 

Fully. 

Developed 

Boiling 

I  Saturated 
Boiling 


Dittus- 
Boel ter 

Cungor  & 
Winter  ton 


Gungor  4 


Gungor  4 
Winterton 


Fluid  Heating/ 
Vapor  Generation 

Void 

Fraction 

Pressure* 

Drop 

Friction  Factor 
(2(^  Multiplier) 

Energy  Balance 
(No  vapor) 

- 

Colebrook 

Energy  Balance 
(No  vapor) 

- 

Colebrook 

Energy  Balance 

4  Grcgoria-Merlini 

Hom^enous 

Hoet^enous 

McAdains- 

Colebrook 

Energy  Balance 
(All  Vapor) 

Annular 

24> 

Annular 

2^ 

Wallis- 

Colebrook 

‘Srincvasan  et  al.  Correction  Applied  for  Coiled  Tubes 


Table  4.3.  SUMMARY  OF  TRANSITION  CALCULATIONS 

From 

To 

Transition 

1 

Model 

1 _ 

Single-Phase 

Partially- 

Developed 

Boiling 

ONB 

Transition 

Davis- 

Anderson 

Partial ly- 
Deve loped 

Boi 1 ing 

Ful ly- 
Deve loped 
Boi 1 ing 

OSV 

Transition 

Saha-Zuber 

Fully-Developed 

Boiling 

Saturated 

Boiling 

Saturation 

~  Tsai 

Any  Regime 

Post-CHF 

Critical  Heat  Flux 

Shah 

4-12 


INO 


MOIME 


NCAT 

TRAMfPCA 


FLUID 

ItATI 


PttlSSUIK 

DAOr 


NCDlMe 

TKAMStTlOM 


Figure  4.6.  FLOWCmi  FOR  EVAimm  CALCULATIONS 


CALCULATED  HEAT  FLUX  (W/m  )  CALCULATED  HEAT  FLUX  (W/m  ) 


CREARE  EVAPORATOR 
T  =  359.0  K 


a)  T*  =  359.0  Converges  at  q*  =  5.5  x  KM  W/tD2 


CREARE  EVAPORATOR 
T  •  359.5  K 


b)  Tv^  =  359.5  K:  No  Convergence 


Figure  4.7.  EXAMPLE  OF  ITERATION  BEHAVIOR  FOR  CONSTANT  WALL 

TEMPERATURE  BOUNDARY  CONDITION  (R-11  Fluid,  T^  351  K) 
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The  two  examples  of  Figure  4.7  indicate  the  strong  sensitivity  of  the  heat  flux  on  the 
wall  temperature.  Small  changes  in  wall  temperature  result  in  large  changes  in  heat  flux.  The 
plot  also  shows  the  uncertainty  involved.  The  computed  heat  flux  depend  strongly  on  the 
convergence  criterion  selected,  and  the  solution  may  not  be  single-valued.  It  is  also  easy  to 
specify  a  wall  temperature  that  will  not  result  in  a  convergent  solution. 

For  these  reasons,  the  constant  wall  temperature  boundary  condition  should  be  used 
cautiously.  The  results  should  be  carefully  reviewed,  and  sensitivity  of  the  results  should  be 
checked  for  each  case.  For  some  situations,  the  problem  can  be  reasonably  recast  into  constant 
heat  flux  form. 


I 


Flow  Boundary  Conditions.  The  flow  boundary  conditions  are  set  at  the  inlet  to  the 
evaporator.  These  consist  of  the  inlet  pressure,  mass  flux,  and  the  inlet  temperature  or  quality. 
For  subcooled  inlet  flow,  the  temperature  is  specified  (quality  and  void  fraction  are  zero).  For 
two-phase  inlet  flow,  the  methods  use  the  specified  inlet  quality  to  compute  the  corresponding 
void  fraction.  The  temperature  is  set  to  saturated  conditions.  Note  that  the  methods  assume 
that  the  flow  is  in  the  saturated  boiling  regime  (annular  flow)  if  the  inlet  quality  is  nonzero. 


4.3.2  Segment  Calculations 

In  each  segment  of  the  evaporator,  a  sequence  of  six  calculations,  is  performed: 

1. )  Geometry  parameters, 

2. )  Regime, 

3. )  Heat  transfer, 

4. )  Fluid  state, 

5. )  Pres.sure  drop,  and 

6. )  Regime  transition. 

The  following  paragraphs  outline  these  calculations. 

Geometry  Parameters.  For  all  evaporator  configurations,  the  distance  from  the  inlet  z 
is  incremented  by  the  length  of  the  segment.  In  spiral  and  helical  coil  configurations,  the 
methods  also  compute  the  position  of  the  segment  in  the  coil. 

The  total  number  of  turns,  N„  in  a  spiral  coil  is; 


Nt 


L 

Trir,  +  ro) 


(4-6) 


where  L  is  the  total  tubing  length,  rj  is  the  inner  radius  of  the  coil,  and  to  is  the  outer  radius  of 
the  coil.  (For  helical  coils,  t,  =  to.  and  the  equation  reduces  to  the  formula  for  circumference 
of  a  circle.  Recall  that  the  design  methods  do  not  account  for  wide  axial  spacing  of  the  helical 
coils.) 


The  effective  diameter  of  the  coil,  D^oii.  at  any  position,  z,  depends  on  the  flow 
direction.  The  effective  diameter  is  used  later  in  computing  a  factor  that  accounts  for 
additional  pressure  drop  in  curved  tubing.  For  the  inner-to-outer  flow  direction. 


Dcc.1  =  2 


0.5 
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(4-7) 


and  for  the  outer-to-inner  flow  direction. 


^coil 


(4-8) 


Heat  Transfer/Plow  Regime.  The  heat  transfer/flow  regime  for  the  current  segment  is 
determined  by  the  inlet  conditions  for  that  segment,  i.e.,  the  outlet  of  the  previous  segment  or 
the  inlet  to  the  evaporator.  The  appropriate  calculation  sequences  for  heat  transfer,  fluid  slate, 
and  pressure  drop  are  selected  based  on  this  regime.  Regime  transitions  that  occur  in  the 
current  segment  set  the  inlet  regime  for  the  next  segment 


Heat  Transfer.  The  wall  temperature  or  wall  heat  flux  is  calculated  using  heat  transfer 
coefficient  models  and  correlations  for  the  appropriate  regime.  For  the  single-phase  regime, 
the  Dittus-Boelter  (1930)  correlation  is  used.  For  all  other  regimes  the  Gungor-Winterton 
(1986)  model  is  applied,  with  appropriate  defmitions  of  the  parameters.  Section  4.4  presents 
the  detailed  equations  for  these  calculations. 


For  constant  wall  heat  flux  boundary  conditions,  the  heat  transfer  coefficient  may  be 
calculated  directly.  In  constant  wall  temperature  cases,  the  iteration  scheme  outlined  in 
Section  4.3.1  is  required. 


Fluid-State.  Quality,  and  Void  Fraction.  For  segments  operating  in  the  single-phase  and 
PDB  regimes,  the  design  methods  calculate  the  increase  in  fluid  temperature  based  on  the  heat 
flux  for  the  segment,  its  length,  and  its  heated  perimeter.  For  the  FDB  regime,  the  energy 
partition,  fluid  temperature  increase,  and  vapor  generation  are  calculated.  Vapor  generation 
alone  is  computed  for  segments  operating  in  the  saturated  boiling  regime.  The  void  fraction  at 
the  end  of  the  segment  is  computed  using  the  appropriate  flow  regime  model.  Section  4,5  gives 
the  equations  for  fluid  state,  quality,  and  void  fraction  in  each  regime. 


Pre.ssure  Drop.  The  pressure  drop  calculations  for  each  segment  include  the 
contributions  of  friction,  acceleration,  and  body  forces  (i.e.,  gravity): 

APevap  =  APf -t- AP, -t- APg  (4-9) 

In  spacecraft  applications  the  pressure  drop  due  to  friction  is  usually  the  largest.  For 
single-phase  and  PDB  regimes,  single-phase  friction  factors  are  used  to  calculate  APf.  The 
FDB  regime  uses  a  homogeneous  model,  and  me  saturated  boiling  regime  implements  an 
annular  flow  model.  The  acceleration  term  results  from  the  density  decrease  and  velocity 
increase  that  occurs  in  evaporators  due  to  phase  change.  It  will  be  most  significant  when  the 
vapor  generation  rate  is  large.  The  body  force  term  depends  on  the  acceleration  magnitude 
and  direction. 


Regime  Transitions.  Transitions  between  heat  Uiinsfer/flow  regimes  are  checked  at  the 
exit  conditions  of  each  segment  to  determine  the  appropriate  regime  for  the  following  segment. 
Table  4.3  lists  the  regime  transitions  considered  in  the  design  methods. 

The  methods  account  for  regime  transitions  in  one  direction  only.  That  is,  the  methods 
properly  track  the  transitions  from  single-phase  to  subcooled  boiling  to  saturated  boiling,  but 
they  do  not  follow  potential  reverse  transitions  such  as  PDB  to  single-phase.  Such  situations 
would  most  likely  occur  for  evaporators  with  nonuniform  heat  flux  profiles.  For  instance,  an 
evaporator  with  a  very  large  heat  flux  near  the  inlet,  then  a  very  low  heat  flux  tlirough  the 
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remainder  of  the  evaporator,  the  flow  could  conceivably  transition  to  PDB,  then  back  to 
sirigle*phase  convection.  In  general,  this  type  of  behavior  would  occur  only  within  a  narrow 
range  of  operating  conditions  and  is  not  considered  by  the  design  methods. 

The  methods  do  allow  more  than  one  transition  to  occur  within  a  single  segment  The 
flow  could  pass  from  single-phase  to  saturated  boiling  within  one  segment  length,  for  example. 
Generally,  however,  the  segments  in  most  actual  calculations  are  short  enough  to  prevent 
skipping  of  regimes. 

Section  4.7  details  the  equations  for  the  regime  transition  models. 


4.3.3  Calculation  of  Entire  Evaporator  Tube 

Calculation  of  the  entire  evaporator  tube  consists  of  the  sequential  calculation  of  each 
of  the  segments,  proceeding  from  the  inlet  to  the  exit  of  the  evaporator.  Conditions  in  the  first 
segment  are  known  from  the  evaporator  inlet  conditions  and  will  usually  be  single-phase  liquid 
at  a  known  pressure  and  subcooUng.  Exit  conditions  calculated  for  one  segment  become  the 
inlet  conditions  for  the  next  When  the  segment  calculations  are  complete,  the  results  include 
profiles  for: 

•  Fluid  temperature, 

•  Saturation  temperature, 

•  Wall  temperature, 

•  Pressure, 

•  Quality,  and 

•  Void  fraction. 

Overall  evaporator  parameters  such  as  pressure  drop  can  be  calculated  from  the  inlet  and  exit 
conditions  or  by  integrating  the  segment  results. 


4.4  Heal  Transfer  Coefficients 

The  heat  transfer  coefficient  is  calculated  using  models  which  depend  on  the  local  heat 
transfer/ flow  regime. 


4.4.1  Single  Phase  Convection 

The  evaporator  wall  temperature  and  heat  flux  in  the  single-phase  regime  are  related  by 
the  single-phase  heat  u-ansfer  coefficient,  hf^.: 

q"  -  (Tw  -  Tf)  (4-10) 

For  turbulent  flow,  the  Diltus-Boelter  equation  (Collier,  1981)  yields  the  heat  transfer 
coefficient: 

C.023  (k, /D.)  (GDt/Ari)°’^  (Pri)^-"^  (4-11) 

where  ki  is  the  thermal  conductivity  of  the  liquid  and  Pti  is  the  Prandtl  number  of  the  liquid 
(Pr,  =  4,Cp,  /ki). 
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4.4.2  Partially'Developed  Subcooled  Boiling 

A  single  heat  transfer  correlation  is  used  for  all  three  of  the  boiling  heat  transfer 
regimes.  Changes  in  the  definition  of  the  temperature  difference  are  used  to  account  for 
differences  in  the  driving  forces  in  each  regime.  The  correlation  (Gungor  and  Winterton, 

1986)  is  based  on  the  superposition  approach  described  in  Section  4.2.  Forced  convection  '^nd 
nucleate  boiling  heat  transfer  coefficients  are  combined  using  correlated  enhancement  and 
suppression  factois. 

The  general  relation  for  heat  transfer  in  flow  boiling  is: 

q"  =  E  hfc  (Tw  ‘  Tf)  +  S  h„b  (T^  *  (4-12) 

where  E  is  the  enhancement  factor  and  S  is  the  suppression  factor.  The  forced  convection  heat 
transfer  coefficient  is  computed  from: 


hfc=  0.023 


[ye 


GDhd-x)' 
Ml 


0.8 


(Pri) 


0.4 


(4-13) 


where  x  is  the  local  quality.  The  nucleate  boiling  heat  transfer  coefficient  is  based  on  a  pool 
boiling  correlation: 


hob  *  55  [-log{Pr)j  (4-14 

where  P,  is  the  reduced  pressure  (P/Pcnt)  and  MW  is  the  molecular  weight  of  the  fluid.  The 
heat  flux  (q")  must  be  expressed  in  units  of  W/ra2  and  the  resulting  heat  transfer  coefficient 
has  units  of  W/ra^-K. 


For  subcooled  boiling  (PDB  and  FDB),  the  enhancement  factor.  E,  is  equal  to  1.  The 
suppression  factor,  S,  is  computed  from: 


S  = 


_ 1_ 

1  +  1.15x10-6  E2 


'GDh(l-x)' 
I  Ml 
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(4-15) 


For  some  applications,  buoyancy  forces  may  be  important  To  account  for  the.se,  the  Froude 
number.  Fr,  is  computed  by: 


Fr  = 


G2 

a  D|,  Pi2 


(4-16) 


If  Fr  is  less  than  0.05,  then  the  suppression  factor  (Equation  4-15)  is  multiplied  by  a  factor  of 

FiO.s. 


4.4.3  Fully-Developed  Subcooled  Boiling 

In  this  regime,  the  heat  transfer  coefficient  is  determined  by  the  same  method  as  for 
PDB,  using  Equations  4-12  to  4-15. 
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4.4.4 


Sabirated  Boiling 


The  Gungor*Winterton  correlation  is  again  used  in  saturated  flow  boiling,  but  some  of 
the  parameters  are  adjusted.  The  overall  heat  transfer  relationship  for  saturated  boiling  is  the 
sam  as  Equation  4*12.  Since  Tf  Tj^,.  the  equation  becomes 


q"  =  (Ehf,  +  Sh„b)(T^.T^a  (4.17) 

For  saturated  boiling,  the  enhancement  factor.  E.  is  calculated  by: 

E  s  1  +  24.000  1.37(1/X,/'^^  (4-18) 

where  the  boiling  number,  Bo,  and  Martinelli  parameter,  X^.  are  defined  as: 


Bo 


(4-19) 


0.9 


(4-20) 


If  the  Froude  number  (Equation  4-16)  is  less  than  0.05  and  the  angle  between  the  flow 
direction  and  the  acceleration  vector  is  about  90°  (i.e.,  horizontal),  the  enhancement  factor,  E, 
(Equation  4-18)  should  be  multiplied  by  this  correction  factor. 


Fr(0.1  •  2Fr) 

The  forced  convection  heat  transfer  coefficient,  hf^,  nucleate  boiling  heat  transfer 
coefficient,  hnj,.  and  suppression  factor,  S,  are  determined  in  the  same  way  as  for  PDB  and 
FDB  (Equations  4-13,  4-14,  and  4-15,  respectively). 


4.5  Fluid  State,  Quality,  and  Void  Fraction 

The  change  in  fluid  state  is  calculated  using  methods  which  depend  on  the  local  flow 

regime. 


4.5.1  Single-Phase  Convection 

In  the  single-phase  regime  all  of  the  heat  is  absorbed  by  the  liquid  as  sensible  heat. 
Therefore  the  temperature  rise,  ATf,  in  a  segment  of  length  Az  is  calculated  from  a  simple 
energy  balance: 
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4J^ 


Partitlly^Developed  Subcooled  Boiling 


In  this  regime  there  is  no  net  vapor  generation,  so  that  fluid  heating  is  the  same  as  in 
the  ^glC'phase  regime,  Equation  4*21. 


4.5.3  FuUy-Developed  Subcooled  Boiling 

In  this  regime  there  is  a  division  of  the  heat  flux  between  heating  of  the  liquid  towards 
saturation  (sensible  heat)  and  vapor  generation  (latent  heat).  Gregorio  and  Merlini  (1968) 
suggest  that  the  fracti')ii  of  the  heat  flux.  Ef.  which  goes  to  heating  the  fluid  is: 


Eft.  I  - 


(Pi  /pg)Cpi(Tsa,  -  Tf)/h,g] 


In  this  case  the  fluid  temperature  .ise  in  a  segment  is: 


(4-22) 


Note  that  the  bulk  fluid  temperature  will  not  exceed  the  saturation  temperature,  Tjat- 
Once  the  liquid  reaches  ,  the  heat  transfer  regime  changes  to  saturated  boiling,  as 
discussed  below. 


In  FOB  the  flow  is  assumed  to  be  homogeneous,  and  the  void  fraction  is  a  sinaple 
function  of  the  quality  and  phase  densities: 


a 


X 

(l-X)(pg/p;)  +  X 


(4-24) 


where  x  is  a  "pseudo-quality  "  calculated  for  the  fraction  of  liquid  flow  (1-Ef)  which  is  assumed 
to  be  saturated: 


X 


(4-25) 


4J.4  Saturated  Boiling 

In  this  regime,  all  of  the  heat  flux  generates  vapor  and  increases  the  quality  of  the 
two-  phase  mixture.  The  change  in  quality,  Ax,  in  a  segment  of  length  of  Az  is: 


Ax 


H  q"  Az 
U  hfg  A 


(4-26) 


The  flow  regime  in  saturated  boiling  is  assumed  to  be  annular.  If  the  interfacial  shear 
ratio,  f/fwg.  is  known,  the  void  fraction  is  related  to  the  quality  in  annular  flow  by: 


ri-xi 

2 

Pi 

X 

[Pd 

Ct2.5 

(f./fwg) 


(4-27) 
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This  equation  can  be  solved  iteratively  for  the  void  fraction  if  an  expression  for  /f^g  is 
known.  Wallis  (1969)  recommends  the  following  expression  for  the  shear  ratio  in  annular 
flow: 


fi/fwg  ^  [l+75(l-a)]  (4-28) 

Note  also  that  the  equation  used  to  compute  a  (4-27)  is  valid  only  for  constant  friction  factor 
fwl- 

4.6  Pressure  Drop 

This  section  presents  pressure  drop  equations  which  can  be  used  in  detailed  computer 
calculations.  Most  of  the  pressure  drop  occurs  in  the  annular  flow  regime  with  saturated 
boiling.  Here  wc  use  a  separated  flow  model  to  calculate  pressure  losses.  Homogeneous  flow 
is  assumed  for  the  less  important  FDB  legimes.  Further  information  is  available  in  Collier 
(1981)  or  Wallis  (1969).  Kakac  (1988)  has  shown  that  this  method  works  well  for  boiling 
systems  on  Earth.  Figure  4.6  shows  a  scheme  for  calculating  the  pressure  losses  during  the 
detailed  heat  transfer  computation.  Equations  are  provided  for  friction,  body  force  and  fluid 
acceleration  pressure  drops  in  the  various  heat  transfer  regimes  of  an  evaporator  tube. 


4.  V .  1  Single-Phase  Convection 

Frictional  component.  The  basic  equation  for  the  pressure  drop  in  a  segment  due  to 
wall  friction  is; 


APfe  =  fwi  (4/Dh)  (G2/2pi)  Az  (4-29) 

in  which  f^i  is  a  friction  factor,  (4/Dij)  is  the  perimeter  to  area  ratio,  and  iGV2p\)  is  the  kinetic 
energy  per  unit  volume  of  the  fluid.  The  friction  factor,  f^i,  depends  on  the  liquid-only 
Reynolds  number: 


Rci 


For  Rei  less  than  1500,  the  flow  is  laminar  and  the  friction  factor  is  calculated  by: 


(4-30) 


f  _  16 

-  Rei 


(4-31) 


Generally,  flows  in  practical  evaporators  have  large  Reynolds  numbers  and  are  turbulent.  If 
Re,  is  greater  than  1500,  the  flow  is  considered  turbulent,  and  the  friction  factor  is  determined 
by  solution  of  the  Colebrook-White  equation  (1939): 


■  r 


0.5 


-4.0  log  JO 


1.255 
Re  I 


■  r 

0.5-, 

.fwL. 

(4-32) 


Vvhere  is  the  wall  roughnes.«. 
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Acceleration  component.  In  single-phase  flow,  no  vapor  is  ^'enerated,  and  acoeleration 
effects  are  negligible  (AP,*  0). 

Body  force  component.  The  pressure  loss  due  to  body  forces  depends  on  the 
acceleration  magnitude  and  direction.  For  single-phase  flow,  the  "gravitational"  loss  term  is: 

■^ge  -  *  A  ^  cosd  Az  (4-33) 

where  a  is  the  acceleration  magnitude  and  B  is  the  angle  between  the  accek  ration  vector  and 
flow  direction. 


4.6.2  Paitially-E)eveloped  Subcooled  Boiling 

In  PDB,  no  vapor  generation  is  considered,  and  the  methods  for  single-phase  flow 
(Equations  4-29  to  4-33)  apply 


4.6.3  Fully-Developed  Subcooled  Boiling 

Frictional  component.  For  two-phase  flow,  the  expression  for  single-phase  friction  loss 
(Equation  4-29)  is  raoditied  for  two-phase  flow  as  follows: 

APfe  =  fw:  ^  (l-x)2  (4/Dh)  (GV2p,)  Az  (4-34) 

Now  the  friction  factor  and  kinetic  energy  terms  are  calculated  as  if  the  flow  were  single-phase 
liquid.  Two-  phase  effects  are  lumped  into  which  is  the  two-phase  multiplier.  The  value  of 
depends  on  the  fluid  properties,  the  quality  and  the  flow  regime  as  described  below. 

In  the  FDB  heat  transfer  regime,  a  homogeneous  flow  model  is  recommended  to 
estimate  the  pressure  drop.  This  model  assumes  that  the  liquid  and  vapor  have  the  same 
velocity  and  that  the  two-phase  fluid  properties  can  be  estimated  by  a  quality-weighted  average 
of  the  liquid  and  vapor  properties. 

McAdams  (1942)  recommends  this  value  for  the  two-phase  multiplier  based  upon  a 
quality-weighted  viscosity  for  the  two-phase  fluid: 


p2  = 


The  friction  factor  is  calculated  as  for  single-phase  liquid  flow. 


(4-35) 


Acceleration  component.  Appreciable  vapor  is  generated  in  FDB,  resulting  in  an 
acceleration  pressure  loss  as  the  flow  velocity  increases.  From  Collier  (1981),  the  acceleration 
loss  for  homogeneous  two-phase  flow  in  a  segment  is: 


AP^ 


L  L 

[Pg*  Pj 


where  Ax  is  the  change  in  quality  over  the  length  of  the  segment. 


(4-36) 
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Body.foree  component.  The  basic  equation  for  the  pressure  drop  in  a  segment  due  to 
body  forces  is: 

APge  s  •  [  a  p|  +  (1-a)  Pi  ]  a  cos0  Az  (4-37) 

where  ot  is  the  void  fraction  calculated  with  Equation  4-24.  (The  pressure  drop  is  positive 
when  the  inlet  pressure  is  greater  than  the  outlet  pressure.) 


4.6.4  Saturated  Boiling 

Frictional  component.  This  heat  transfer  regime  is  characterized  by  annular  flow,  and 
the  two-phase  muldplier  is  (Collier,  1981); 

where  a  is  tb3  local  void  fraction.  Note  that  this  expression  for  differs  from  that  used  for 
FOB.  In  FDB,  a  homogeneous  model  is  used  where  the  phase  velocities  of  the  gas  and  liquid 
are  equal.  In  the  annular  flow  model  used  here,  the  phase  velocities  are  not  equal,  with  the  gas 
flowing  in  a  high  speed  core  inside  an  annular  liquid  film.  This  fundamental  difference  in  the 
flow  regime  causes  much  larger  pressure  drops  and  analysi'-  yields  the  expression  for  02  given 
in  Equation  4-38. 

Combining  the  annular  flow  multiplier  with  Equation  4-34,  the  pressure  drop  due  to 
friction  in  a  short  tube  segment  of  length  Az  can  be  c^culated  using  this  expression; 

APf,  =  (l*x)2  (4/Db)  (G2/2pi)  Az  (4-39) 

Acceleration  component.  The  basic  equation  for  pressure  gradient  due  to  fluid 
acceleration  is  (Collier,  1981): 


(dP/dz),  -  -  G2  ^ 


x2  1  (l-x)2  1  I 

a  pg  rra  pi. 


Thus  the  pressure  drop  in  a  pipe  segment  due  to  fluid  acceleration  is: 


APa  =  G2A 


(1-X)2  1  • 
a  Pg  rraj  Pi 


(4-40) 


(4-41) 


where  the  symbol  "A"  is  used  to  represent  the  value  of  the  bracketed  quantity  at  the  tube  exit 
minus  tlie  value  at  the  inlet.  (Once  again,  the  pressure  drop  is  positive  when  the  pressure 
gradient  is  negative.)  The  pressure  drop  is  independent  of  the  segment  length  and  depends 
only  on  the  fluid  quality  and  void  fraction  at  the  inlet  and  outlet  of  the  segment. 


Body  force  component.  For  the  body  force  term  in  saturated  boiling,  the  same  equation 
is  applied  as  for  the  FDB  regime.  Equation  4-37. 
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4.6^  CMfectioii  Factor  for  Curved  Tubes 

A  correction  factor  is  applied  to  the  friction  pressure  loss  component  to  account  for  the 
behavior  in  curved  tubes,  i.e.,  spiral  coils  and  helical  coils,  so  that: 

^coil  ~  fcoil  APfe  (4-42) 

where  APf,  is  the  frictional  pressure  drop  neglecting  the  effects  of  coiling.  AP«)ii  is  the 
pressure  drop  including  the  coiling  effect,  and  fcoa  is  the  correction  factor. 

To  calculate  fcoil  for  turbulent  flow,  the  following  equation  is  used  (Srinevasan  et  al., 

1968): 


which  is  valid  for: 


(4-43) 


4.7  Regime  Transidons 


The  three  key  regime  transitions  (ONE  to  OSV  to  saturated  boiling)  occur  when  the 
calculated  fluid  or  wall  temperatures  reach  critical  values.  The  possible  transition  to  critical 
heat  flux  is  calculated  using  Shah's  correlation  (1987). 


4.7. 1  Onset  of  Nucleate  Boiling 

The  single-phase  heat  transfer  regime  ends  when  the  wall  temperature  reaches  a  critical 
value,  T,»oob»  which  vapor  bubble  nucleation  and  subcooled  nucleate  boiling  begins.  The 
correlation  of  Davis  and  Anderson  (1966)  is  recommended: 


^  wonb 


=  T 
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bfgl^iPg 


lit. 


1/2 
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The  correlation  of  Frost  and  Dzakowic  (1967),  which  is  identical  except  that  the  second  term 
1/3 

is  multiplied  by  Pri  ,  is  an  alternate  ;hoice. 


4.7.2 


Onset  of  Significant  Voiding 


Saha  and  Zuber  (1974)  recommend  a  model  for  the  transition  from  partially  to  fully 
developed  subcooled  boiling  (PDB  to  FDB).  This  model  expresses  the  fluid  subcooling  at  the 
transition  as  a  function  of  the  heat  flux: 
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(T«t-Tf)fdb  =  (0.0022)  q”  Db/k, 

(when  Rei  Pfi  <  70,000),  or 


q" 

(Tut‘Tf)fdb  =  (153.8) - 

GCp, 

(when  Rei  Pri  ^  70,000) 


(4-45) 


(446) 


4.7.3  Bulk  Saturated  Conoidous 

The  FDB  regime  ends  when  saturated  flow  boiling  begins,  as  indicated  by: 

Tr  =  T,„  (447) 

This  transition  depends  on  the  fluid  temperature  rather  than  the  flow  regime.  The 
design  methods  also  assume  a  transition  from  homogeneous  to  annular  flow  at  this  point  (see 
Table  4.1). 


To  be  more  precis,  than  this,  one  could  calculate  a  transition  to  annular  flow  based  on 
the  local  void  fraction,  and  this  would  represent  the  transition  to  two-phase  forced  convection 
heat  transfer,  an  event  distinct  from  transition  to  saturated  boiling.  However,  the  transition 
void  fraction  is  exceeded  almost  immediately  when  the  two-phase  fluid  achieves  a  significant 
pos.  uve  (quality.  So  it  is  acceptably  accurate  and  simpler  to  assume  that  the  homogeneous 
flow  regime  ends  (and  the  annular  flow  regime  begins)  when  the  liquid  reaches  its  saturation 
temperature. 


4  7.4  Critical  Heat  Flux 

Critical  heat  flux  (CHF)  describes  a  condition  in  which  the  heat  transfer  mechanisms  of 
fwo-phase  forced  convection  and  nucleate  boiling  have  reached  their  limit.  At  higher  heat 
fluxes  the  physical  processes  responsible  for  efficient  heat  transfer  break  down,  the  heat 
transfer  coefficient  becomes  dramatically  smaller,  and  the  wall  temperatures  become 
correspondingly  much  larger.  The  wall  temperatures  may  rise  to  such  a  degree  that  actual 
damage  to  the  evaporator  material  results.  This  is  why  CHF  is  sometimes  termed  burnout. 

CHF  may  occur  under  either  single-phase  or  two-phase  conditions,  hence  it  provides  an 
upper  limit  on  evv.^orator  performance  regardless  of  the  flow  or  heat  transfer  regime.  Many 
aspects  of  CHF  are  still  incompletely  understood.  Measurement  and  correlation  of  CHF 
behavior  continues.  The  uncertainly  in  CHF  prediction  is  substantial,  and  the  designer  should 
provide  significant  safety  margins  for  most  evaporator  applications. 
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The  Shah  CHF  correlation  (1987)  is  recoraraended  for  predicting  CHF.  This 
correlation  has  the  advantage  of  applying  over  a  broad  range  of  fluids  and  operating 
conditions.  Its  key  disadvantage  is  that  it  does  not  consider  body  forces.  The  dependence  of 
CHF  on  acceleration  for  flow  boiling,  however,  is  not  well  known  at  this  time,  and 
comprehensive  correlations  considering  this  effect  are  not  yet  available. 

The  Shah  correlation  is  based  on  a  two  part  approach:  an  upstream  conditions 
correlation  (UCC)  and  a  local  conditions  correlation  (LCC).  Its  application  begins  by 
computing  a  number  of  parameters.  First,  the  Peclet  number,  Pe,  is: 

Pe  =  (4-48) 

where  Cpi  is  the  specific  heat  of  the  liquid.  Next,  an  entrance  effect  factor  is  calculated: 

Fe  =  1.54  0.032g^  (4-49) 

where  z  is  the  distance  from  the  inlet.  If  the  value  of  Fe  calculated  by  Equation  4-49  is  less 
than  1,  then  F^  is  set  equal  to  1.  Following  this,  the  boUing  number,  Bo  (Equation  4-19),  and 
Shah's  correlating  parameter,  Y,  are  calculated: 


Y 


s  PeF, 


0.4 


(4-50) 


where  iq  Mg  Oie  liquid  and  gas  viscosities  respectively. 

Next,  the  effective  inlet  quality,  Xjef,  and  effective  distance  from  the  inlet,  z^ff,  are 
calculated.  For  subcooled  liquid  at  the  inlet,  the  expressions  for  these  are: 


Zeff  =  Z 

For  a  two-phase  mixture  at  the  inlet  of  quality,  Xjo.  the  values  are: 


(4-51) 

(4-52) 


Xief  =  0 


(4-53) 

(4-54) 


For  the  UCC.  the  critical  heat  flux,  q"ucc.  is  calculated  by; 

,0.89 


q"„„  =  0.124  '  [i^]”  (1  .  x„,)  G  h„ 


(4-55) 
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(4-36) 


where  n  is  an  exponent  that  depends  on  Y.  For  Y  <  lO^,  n  s  0.  For  10**  S  Y  ^  10^, 


and  for  Y  >  10*, 


0.54 


n 


(1 


0.12 


The  LCC  value  of  the  CHF  is  calculated  by  the  following  equation: 


(4-57) 


q-'iec  =  Fe  F,  Bo,  G  hf,  (4-58) 

where  Fg  is  the  entrance  effect  factor  (Equation  4-49),  F,  is  a  quality  factor,  and  Bo,  is  the 
boiling  number  at  x  =  0. 


The  quality  factor  is  calculated  by  the  following  equation  for  a  two-phase  mixture 
(x  greater  than  0): 


=  Fj  [l 


.  (F,‘^-^^  -  1)(P,  - 


(4-59) 


where 


0  for  Pr  5  0.6 
0.6 

0.833X 


\  1  for  Pj  >  0.6 
1.25x105 


(4-60) 


Pf  =  critical  pressure-ratio,  P/Pgrit 
For  subcooled  liquid  (x  <  0),  the  following  expression  is  used  for  F^: 


where 


b 

Fi 

Fi 


Fk  =  Fi 


(1  -  F;)(P^  -  o.6y 


b 


|0  for  Pr<  0.6 
1 1  for  Pr  >  0.6 

1  +  0.0052(-x®'®^)Y®''*^  for  Y  ^  1.4x10? 
1  -t-  4.425(-x^-^^)  for  Y  >  1.4x10? 

forFi^4 
0.55  forFi>4 
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(4-61) 


The  criteria  for  selecUng  which  of  the  correlations  (UCC  or  LCC)  to  use  is: 


•  Y  ^  106 

•  Y  >  106 


use  UCC  value  (q"chf  “  <l"ucc). 
use  the  smaller  of  the  two  values 

(q"chf  -  q"ucc  or  q''i«)' 


If  the  operating  heat  flux,  q*‘,  exceeds  the  predicted  critical  heat  flux,  the  evaporator  may 
transition  to  post-CIff  heat  transfer  and  flow  regimes  (e.g.,  film  boiling)  that  are  much  less 
efficient  The  result  may  be  large  wall  temperatures  and  possible  evaporator  failure. 


4.8  Scoping  Calculations  and  Dimensionless  Design  Charts 

This  section  presents  methods  for  scoping  calculations  of  the  evaporator  size,  heat 
transfer,  and  pressure  drop.  It  is  assumed  that  the  heat  flux  and  the  fluid  conditions  at  the  inlet 
are  known  and  that  the  primary  design  goals  are  to  achieve  a  desired  fluid  exit  quality  and  to 
ensure  operation  independent  of  spacecraft  acceleration.  The  basic  procedure  to  meet  these 
objectives  is: 


•  Estimate  the  evaporator  tube  length, 

•  Estimate  the  forced  convection  ^Uon, 

•  Check  the  significance  of  body  forces, 

•  Check  the  design  for  maximum  heat  flux  and  tube  wall  temperature,  and 

•  Estimate  the  pressure  drop. 

Saturated  boiling  vrith  armular  flow  is  the  dominant  regime  in  an  evaporator  tube  if  the  inlet 
subcooling  of  the  fluid  is  only  a  few  dejgrees.  The  following  discussion  assumes  that  this 
regime  dominates  the  evaporator  behavior.  We  also  assume  that  the  heat  flux  can  be  specified. 
For  detailed  design  all  of  the  heat  transfer  regimes  must  be  treated  explicitly,  and  the  detailed 
analysis  presented  in  Sections  4.4  to  4.7  is  recommended. 

The  information  needed  in  order  to  perform  the  scoping  calculations  includes: 


Fluid  Properties 


Pi 

Pi 

Pg 

hfg 

Pent 

MW 


density  of  liquid  phase  (kg/m^) 
viscosity  of  liquid  phase  (kg/m-s) 
specific  heat  of  liquid  phase  (.T/kg-K) 
thermal  conductivity  of  the  liquid  (W/m-K) 
density  of  vapor  phase  (kg/m^) 
viscosity  of  vapor  phase  (kg/m-s) 
latent  heat  of  evaporation  (J/kg) 
critical  pressure  (Pa) 
molecular  weight  of  fluid  (kg/kg-mole) 
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operating  Conditions 

q”  heat  flux  (W/ra2) 

Tjj,  saturation  temperature  (K) 

ATjub  it^et  subcooling  (K) 

G  mass  flux  (lcg/ni2-s) 

P  evaporator  absolute  pressure  (Pa) 

Xq  evaporator  outlet  quality  (-) 

a  acceleration  magnitude  (m^/s) 

6  angle  between  acceleration  vector  and  flow  direction  (*) 


Geometry 

H  tube  heated  perimeter  (m) 

A  cross-sectional  flow  area  (m2) 


4,8.1  Evaporator  Tube  Length 

Figure  4.8  is  a  universal  design  map  (independent  of  heat  transfer  regime)  that  shows 
the  required  evaporator  tube  length  in  terms  of  the  desired  change  in  fluid  quality  and  an 
evaporator  thermodynamic  ratio,  R^v,  which  is  proportional  to  the  heat  flux  divided  by  the 
mass  flux.  A  compact  evaporator  has  a  large  thermodynamic  ratio.  Unfortunately,  this 
competes  with  design  requirements  for  forced-convection  dominance  and  low  pressure  drops. 
The  optimum  R.v  comes  from  a  tradeoff  between  these  objectives. 


Figure  4.8.  DESIGN  CHART  FOR  EVAPORATOR  TUBE  LENGTH 

4-29 


The  procedure  to  use  this  map  includes  three  steps  as  described  below. 

1.)  First,  calculate  the  thermodynamic  ratio,  Rgy,  for  the  evaporator 


R*v  = 


(4-62) 


where  q"  is  the  heat  flux,  G  is  the  mass  flux,  and  hfg  is  the  latent  heat  of  vaporization. 

2.)  Next,  determine  the  change  in  fluid  quality.  Ax.  that  the  evaporator  is  to 
produce.  The  inlet  subcooling  and  exit  quality,  and  thus  the  change  in  quality  within  the 
evaporator,  are  determined  as  part  of  the  overall  system  design.  If  fluid  enters  the  evaporator 
with  a  subcooling.  AT,ub,  and  is  to  exit  with  a  quality  Xq,  then  the  change  in  enthalpy  is: 


Ah  =  CpiATjub  +  Xohfg  (4-63) 

The  change  in  quality  in  the  evaporator  is  calculated  by; 


Ax  s  Ah/hfg  (4-64) 

3.)  Select  the  line  which  corresponds  to  Ax  in  Figure  4.8  and  locate  the  point  with 
the  abscissa  R«v.  The  value  of  the  ordinate  at  this  point  is  the  dimensionless  tube  length.  L*. 
which  will  produce  the  desired  exit  quality.  The  required  tube  length  is: 

L  =  L*Dh  (4-65) 

where  L  is  the  tube  length  (in  meters)  and  is  the  hydraulic  diameter  (4A/H). 


4.8.2  Forced  Convection  Fraction 

The  evaporator  design  should  ensure  that  forced  convection  is  the  dominant  heat 
transfer  mechanism.  The  fraction  of  heat  transfer  due  to  forced  convection  in  the  saturated 
nucleate  boiling  regime  depends  on  the  coolant  properties,  mass  flux,  tube  hydraulic  diameter, 
heat  flux,  and  quality.  The  procedures  given  in  this  section  permit  the  designer  to  estimate  the 
forced  convection  and  nucleate  boiling  heat  transfer  coefficients,  as  well  as  the  enhancement 
and  suppression  factors.  Due  to  the  multivariate  character  of  most  of  the  equations,  the 
calculations  are  presented  primarily  in  terms  of  equations  rather  than  design  charts. 

There  are  9  steps  to  calculate  the  forced  convection  fraction: 

1. )  Select  a  representative  fluid  quality,  x. 

2. )  Calculate  the  boiling  number.  Bo  (Equation  4-66). 

3. )  Calculate  the  Martinelli  parameter,  Xu  (Equation  4-67). 

4. )  Calculate  the  enhancement  factor,  E  (Equation  4-68). 

5. )  Calculate  the  two-phase  Reynolds  numl^r,  Re,p  (Equation  4-69). 

6. )  Determine  the  forced-convection  heat  transfer  coefficient,  hf^  (Figure  4.9  and 

Equation  4-70). 

7. )  Calculate  the  suppression  factor,  S  (Equation  4-71). 

8. )  Calculate  the  nucleate  boiling  heat  umisfer  coefficient,  hn^  (Equation  4-72). 

9. )  Calculate  the  fraction  of  the  heal  tiansfer  due  to  forced  convection,  Ef^ 

(Equation  4-73). 
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Tliese  steps  are  described  in  more  detail  belo'^' 

1.)  Select  a  representative  fluid  quality,  x:  The  average  flow  quality  in  the  channel 
will  do.  This  is  simply  one-haif  the  exit  quality. 


2.) 

Calculate  the  boiling  number.  Bo: 

Bo  ^  ^ 

G  hfg 

(4-66) 

3.) 

Calculate  the  Martinelli  parameter,  Xu: 

rn  1 0.5  r„  ,0.1 

t  ]  [^]  [^J 

(4-67) 

4.) 

Calculate  the  enhancement  factor.  E: 

E  =  1  -t-  24.000  4-  1.37(l/X,t)^-^^ 

(4-68) 

5.) 

Calculate  the  two-phase  Reynolds  number 

G(l-x)Dh 

Re,p  - - 

Ml 

(4-69) 

6.)  Determine  the  forced-convection  heat  transfer  coefficient,  h^.  Use  Figure  4.9 
and  read  the  value  of  the  Nusselt  number  for  forced  convection  (NufJ  which  corresponds  to 
the  two-phase  Reynolds  number  and  the  liquid  Prandtl  number  (PT]  k  fk\).  Then  calculate 

the  heat  transfer  coefficient: 

NUf.k, 

•ifc 

Db 

(4-70) 

7.) 

Calculate  the  suppression  factor,  S: 

S  =  ^ 

1  +  1.15x10-6  Re,p^-^^ 

(4-71) 

8.) 

Calculate  the  nucleate  boiling  heat  transfer  coefficient,  hnb: 

u  dO-12  f  i„„/d\V0-55  w^-O.S  „.0.67 

hob  =  55  P,  1  -log(Pr)  MW  q 

(4-72) 

where  is  the  reduced  pressure  (P/Pcnt)  MW  is  the  molecular  weight. 
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TWO-PHASE  REYNOLDS  NUMSER 
a<tH()0 

^  A, 


Rgure  4,9.  DESIGN  CHART  FOR  FORCED  CONVECTION  HEAT  TRANSFER 


9.)  Calculate  the  forced  convection  fraction:  The  fraction  of  the  heat  transfer  due 
to  forced  convection,  Efc,  is: 


Efc  = 


Eh  fc 

Ehfc  +Shnb. 


This  ratio  should  be  near  unity  (Efc  5  0.9)  fOi  forced  convection  to  dominate. 


(4-73) 


4.8.3  Significance  of  Body  Forces 

For  evaporators  which  are  nearly  horizontal  with  respect  to  gravity  (i.e.,  angle  between 
flow  direction  and  acceleration  vector  is  90®),  stratification  of  the  flow  may  affect  the  heat 
transfer.  As  a  check,  the  effect  of  buoyancy  can  be  evaluated  by  calculating  the  Froude 
number. 


Fr  = 


G2 

^  Pl^ 


(4-74) 


where  a  is  the  spacecraft  acceleration.  If  the  Froude  number  lies  above  0.05,  the  effect  of 
buoyancy  is  negligible.  This  should  be  the  case  for  well-designed  evaporators. 
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4.8.4  Opo'ating  limits 

There  are  two  limits  which  should  be  checked  for  evaporator  design.  One  is 
the  critical  heat  flux  and  the  other  is  the  wall  temperature.  As  noted  in  Section  4.8.2, 
the  forced  convection  fraction,  Efc,  should  also  be  greater  than  0.9  to  ensure  the 
acceleration-independence  of  the  heat  transfer. 

Wall  Temperature.  The  evaporator  designer  may  be  faced  with  temperature  limits  for 
the  tube  material  or  components  which  are  cooled  by  the  evaporator.  To  estimate  the  wall 
temperature,  the  designer  needs  the  calculated  heat  transfer  coefficients  (h^^  and  hot)  and 
factors  (E  and  S)  calculated  in  Section  4.8.3  for  determining  the  forced  convection  fraction. 
These  are  used  with  the  heat  flux  to  determine  the  wall  temperature: 


Tw  -  T 


sat 


EW 


fc  ^  Sh^i, 


(4-75) 


This  estimate  of  the  wall  temperature  corresponds  to  the  expected  wall  temperature  during 
stable  saturated  boiling  and  should  be  compared  with  the  matenal  and  operating  limits.  Much 
higher  wall  temperatures  are  associated  with  the  phenomenon  of  critical  heat  flux  discussed 
next 


Critical  Heat  Flux.  Critical  l.cat  flux  (CHF)  occurs  when  stable  saturated  boiling  heat 
transfer  (forced  convection  plus  nucleate  boiling)  reaches  its  physical  limits.  Vapor  blau^ets 
the  heating  surface,  resulting  in  poor  heat  transfer  and  high  wall  temperatures.  In  general,  the 
evaporator  needs  to  avoid  operating  close  to  CHF  to  assure  heat  transfer  performance  and 
prevent  failure. 


For  CHF  prediction,  the  Shah  (1987)  correlation  is  recommended.  The  Shah 
correlation  is  based  on  a  two  part  approach:  an  upstream  conditions  correlation  (UCC)  and  a 
local  conditions  correlation  (LCC).  Its  application  is  complex,  with  many  equations  and 
conditions  to  check.  In  this  section  a  simplified  version  is  presented,  with  restrictions  on  the 
range  of  parameters.  To  accommodate  situations  outside  this  range  of  parameters,  the  designer 
should  consult  the  full  correlation  in  Section  4.7.4. 


To  calculate  the  value  of  the  critical  heat  flux,  the  following  procedure  is  followed: 

1. )  Calculate  the  Peclet  number,  Pe  (Equation  4-76). 

2. )  Calculate  the  entrance  effect  factor,  Fg  (EquaUon  4-77). 

3. )  Calculate  Shah's  correlating  parameter,  Y  (Equation  4-78). 

4. )  Calculate  effective  inlet  quality,  Xj^f  (Equation  4-79). 

5. )  Determine  the  boiling  number  for  UC^t),  BCucc.  graphically  (Figure  4.10). 

6. )  Determine  the  boiling  number  at  zero  quality,  BOq,  graphically  (Figure  4.11). 

7. )  Determine  the  quality  factor,  F*.  graphic.dly  (Figure  4.12). 

8. )  Calculate  the  boiling  number  for  LCC.  B  (Equation  4-80). 

9. )  Select  the  appropriate  correlation  and  c  -kUiate  the  critical  heat  flux,  q"chf. 

(Equation  4-81). 

These  steps  are  described  in  more  detail  below. 
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Figure  4.  li.  DESIGN  CHART  FOR  BOo  in  LCC  (Shah.  1987) 
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1.)  Calculate  the  Peclet  number  Pe; 


2. )  Calculate  the  entrance  effect  factor; 

F,  -  1.54-  0.032^  (4-77) 

where  z  is  the  distance  from  the  inlet.  If  the  value  of  F,  calculated  by  Equation  4-77  is  less 
than  1,  then  is  set  equal  to  1. 

3. )  Calculate  Shah's  correlating  parameter  Y: 

Y  =  Pe  F.O-'' 

4. )  Calculate  the  effective  inlet  quality 

5. )  Determine  the  boiling  number  for  UCC.  Boucc.  frof®  Figure  4.10.  This  plot  is 

only  valid  for  Y  5  10^.  For  larger  Y,  the  equations  of  Section  4.7.4  should  be  consulted. 

6. )  Determine  the  boiling  number  at  zero  quality,  BOo,  graphically  from 

Figure  4.11. 

7. )  Determine  the  quality  factor,  Fx,  graphically  from  Figure  4.1 2-a.  First 

determine  the  ordinate  which  corresponds  to  the  correlating  parameter,  Y,  and  the  local 
quality,  x,  using  the  left-hand  plot  Then  modify  the  ordinate  to  account  for  the  critical 
pressure  ratio  (P,)  using  the  left-hand  plot.  Figure  4.12-b  illustrates  the  procedure. 

8. )  Calculate  the  LCC  value  of  the  boiling  number,  Boi^c: 

Boicc  =  F,  Fx  BOo  (4-80) 

9. )  Select  which  of  the  correlations  (UCC  or  LCC)  to  use,  depending  on  the 

value  of  Y: 

Y  S  106  use  UCC  value  (BOctf  =  BOucc). 

Y  >  106  use  the  smaller  of  the  two  values 

(BOgijf  —  BOjjgg  or  Boigg). 

Calculate  the  critical  heat  ilux  from  the  definition  of  the  boiling  number  BOgtjfi 

Q'chf  =  BOchfGhfg  (4-81) 

Compare  to  q"cbf  to  the  operating  heat  flux  q".  If  q"  exceeds  q"chf.  the  evaporator  may 
transition  '.o  post-CHF  regimes  with  adverse  effects  on  performance  or  possible  evaporator 
failure. 


(4-78) 


(4-79) 
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4.8.S  Presstire  Losses 

This  section  presents  design  maps  to  estimate  pressure  losses  in  an  evaporator  tube. 
These  maps  assume  that  the  major  pressure  losses  in  the  tube  occur  in  the  saturated  flow 
boiling  regime.  If  there  is  a  very  large  subcooling  at  the  enhance  to  the  evaporator,  then  there 
may  be  a  significant  pressure  loss  in  the  single-phase  liquid  regime  as  well.  Single*phase 
methods  can  be  used  if  that  is  the  case. 

The  basic  procedure  to  estimate  the  evaporator  pressure  drop  is: 

•  Estimate  the  pressure  drop  due  to  friction  in  the  two-phase  region  (Figure  4.13 
and  Equation*s  4-82  to  4-85). 

•  Estimate  the  pressure  drop  due  to  body  forces  in  the  two-phase  region 
(Figure  4.14  and  Equation  4-86). 

•  Estimate  the  pressure  drop  due  to  fluid  acceleration  in  the  two-phase  regi .. 
(Figure  4.15  and  Equation  4-87). 

•  Calculate  the  total  pressure  drop  in  the  two-phase  region  (Equation  4-88). 

•  Estimate  the  pressure  drop  in  the  single-phase  region  (Equations  4-89  and  4-90). 

•  Estimate  the  total  pressure  drop  in  the  evaporator  (Equation  4-91). 

The  following  sections  describe  the  procedure  to  obtain  a  best-estimate  calculation  for  the 
pressure  drop  in  the  evaporator.  The  main  uncertainty  in  these  calculations  is  the  interfacial 
friction  between  the  liquid  and  vapor  phases  in  the  two-phase  forced  convection  region  of  the 
evaporator.  The  pressure  drop  can  be  bounded  by  choosing  high  or  low  values  for  the 
interfacial  friction. 

Friction  in  the  Two-Phase  Region.  The  procedure  to  calculate  the  frictional  pressure 

drop  is: 


1. )  Calculate  the  ratio  of  the  liquid  phase  density  to  the  vapor  phase  density,  pj  /pg. 

2. )  Locate  the  curve  in  Figure  4.13  which  corresponds  to  this  value  of  the  density 

ratio  and  locate  the  point  on  the  curve  which  corresponds  to  the  evaporator  outlet  quality.  Call 
the  ordinate  on  the  map  at  this  point  APf**  Mf^. 

3. )  Calculate  R^v.  the  thermodynamic  ratio  of  the  evaporator: 

4  q" 

Rev  =  -  (4-82) 

G  hfg 

4. )  Calculate  f^i,  the  friction  factor  for  liquid-only  flow  through  the  evaporator. 

This  friction  factor  is  a  function  of  Rci.  the  Reynolds  number  for  liquid-only  flow: 

GDh 

Re,  =  -  (4-83) 

^  I 
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OIMENSIOM.ESS  PRESSURE  OHO?. 


0  0.2  0.4  0.6  0.8  I  JO 

QUALITY.  I 

Figure  4.13.  DIMENSIONLESS  FRICTIONAL  PRESSURE  DROP  IN  THE  EVAPORATOR 


"GRAVmr'  PR€SSURE  LOSSES  IN  EVAPORATOR 


QUALITY.  X 


Figure  4.14.  DIMENSIONLESS  PRESSURE  DROP  DUE  TO 
BODY  FORCES  IN  HIE  EVAPORATOR 


ACCELERATION  PRESSURE  LOSS 
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(4-86) 


2.)  Calculate  the  dimensional  pressure  drop,  APge: 


[AP..-] 

Acceleration  in  the  Two-Phase  Region.  The  procedure  to  calculate  the  pressure  drop 
due  to  fluid  acceleration  in  the  evaporator  is: 

1.)  Locate  the  curve  in  Figure  4.15  which  corresponds  to  the  ratio  of  liquid-to- 
vapor  density,  p)  /pg.  Find  the  point  on  this  curve  which  corresponds  to  the  evaporator  outlet 
quality.  The  ordinate  is  the  dimensionless  pressure  drop  APj*. 


APge  - 


Pi  Dh  a  COS0 


Re% 


2.)  Calculate  the  dimensional  pressure  drop,  AP^^: 


AP^ 


G2 


2PiJ 


(AP,*) 


(4-87) 


Total  Pressure  Drop  in  Two-Phase  Section.  The  total  pressure  drop  in  the  two-phase 
section  of  the  evaporator,  APtp,  is  the  sum  of  the  frictional,  body  force,  and  fluid  acceleration 
components: 


AP,p  =  APfe  +  APge  +  AP«,  (4*88) 

Pressure  Drop  in  the  Single-Phase  Liquid  Section.  This  pressure  drop  will  be 
insignificant  unless  the  subcooling  is  very  high.  There  are  only  two  components  of  the 
pressure  drop  in  the  single-phase  section:  friction  and  body  forces.  The  total  pressure  drop  is 
easily  estimated  using  parameters  already  calculated  in  the  procedure  for  the  iwo-phase 
section.  The  procedure  is: 


1.)  Calculate  L^.,  the  length  of  the  evaporator  tube  in  which  single-phase  liq  Md 
flows.  For  these  scoping  calculations  it  is  sufficient  to  estimate  using  this  equation: 


Lsc 


Vj  a  c  p  1  ATjub 
H  q" 


^4-89) 


2.) 


Estimate  APjp,  the  pressure  drop  in  the  single  phase  section: 


AP 


sp 


=  4fwi 


L.c  G2- 
.  Db  ^Pl 


Pi  Ljc  a  COS0 


(4-90) 


(Equation  4-90  can  also  be  used  for  detailed  calculations  in  which  the  evaporator  is 
subdivided  into  many  short  segments.  Lj^  is  simply  the  segment  length  (Az)  and  APjp  is  the 
pressure  drop  in  one  single-phase  segment.) 
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Total  Pressure  Drop.  The  total  pressure  drop  in  the  evaporator  tube  is  the  sum  of  the 
pressure  drops  in  the  single-phase  and  two-phase  sections: 

APmp  =  AP,p+AP,p  (4-91) 

where  AP^vap  represents  the  total  pressure  drop. 


4.9  Validation  with  Evaporator  Test  Data 

The  design  methods  for  forced  convection  evaporators  have  been  validated  by 
comparison  with  experimental  data  from  ground  tests.  For  the  validation  calculations, 
companion  software  FCEVAP  (Barry  et  al.,  1992)  employing  these  methods  was  used. 
Validation  comparisons  include  data  from  both  .straight  tube  and  spiral  coil  geometries. 

In  summary,  the  design  methods  compare  well  with  available  data.  This  should  be 
qualified  by  noting  that  none  of  the  data  represented  steady  microgravity  conditions.  Wall 
superheat  is  predicted  conservatively,  within  about  2  K  over  the  operating  range.  The  methods 
underpredict  pressure  drop  in  most  cases  but  by  less  than  O.S  kPa.  All  of  the  trends  predicted 
by  the  methods  are  in  agreement  with  those  observed. 

Principal  remaining  areas  of  uncertainty  include  the  effect  of  gravity  on  the  nucleate 
boiling  contribution  to  forced  convection  boiling  heat  transfer  and  critical  heat  flux. 

For  the  validation,  three  useful  sources  of  data  were  identified: 

•  Create  straight  tube  jground  tests  (Crowley  and  Sam,  1991), 

•  Sundstfand  spiral  coil  ground  tests  (Niggemann  et  al.,  1985), 

V  Foster-Miller  straight  tube  ground  tests  (Hill  and  Best,  1991). 

Comparisons  were  most  extensive  with  the  Create  and  Sundstrand  data.  Only  two  data  points 
from  the  Foster  Miller  tests  were  usable.  The  following  paragraphs  discuss  the  validation 
calculations  in  more  detail  for  each  set  of  data. 

Create  Data.  Ground  tests  of  the  Create  flight  test  system  (Crowley  et  al.,  1990) 
provide  an  extensive  body  of  data  for  validation,  with  about  20  individual  data  points.  The 
system  consisted  of  a  complete  two-phase  loop,  with  a  0.9  m  long,  6.35  mm  diameter 
evaporator.  Working  fluid  was  R-1 1. 

Figure  4.16  compares  wall  superheats  for  three  nominal  mass  fluxes.  At  mass  fluxes  of 
175  and  100  kg/m^-s,  FCEVAP  predicts  superheats  that  are  about  1  to  2  K  larger  (10  to  30%) 
than  the  measured  values.  The  dominant  flow  regime  at  these  mass  fluxes  is  annular  flow. 
Calculated  superheats  for  a  mass  flux  of  50  kg/m^-s  lie  2  to  3  K  (up  to  a  factor  of  two)  higher 
than  the  data.  Note  that  at  50  kg/m^-s.  the  maioriiy  of  the  data  points  are  in  the  stratified  flow 
regime. 


Figure  4.17  compares  measured  and  computed  pressure  drops  at  the  same  three  mass 
fluxes.  FCEVAP  results  again  compare  well  with  data  at  the  higher  mass  fluxes,  agreeing  to 
within  0.5  kPa  or  better  over  the  entire  operating  range.  At  the  50  kg/m^s  mass  flux, 
predicted  pressure  drops  are  about  half  the  measured  values. 
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Figure  4.16.  CJOIIPARISON  OF  PCEVAP  RESULTS  WITH  CREARE 
GROUND  TEST  DATA  FOR  WALL  SUPERHEAT 
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Figure  4.17.  COMPARISON  OF  FCEVAP  RESULTS  WITH  CREARE 
GROUND  TEST  DATA  FOR  PRESSURE  DROP 
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In  the  tests,  thermal  losses  from  the  evaporator  were  a  significant  fraction  of  the  total 
power  level  and  were  estimated  as  part  of  the  tests.  For  the  comparisons  of  Figures  4.16  and 
4.17,  the  full,  uncorrected  power  was  used  at  the  175  and  100  kg/m^-s  mass  fluxes,  while  a 
reduced  power  level  (corrected  for  losses)  was  used  at  50  kg/m^-s.  Since  FCEVAP 
calculations  generally  overpredict  wall  superheat  and  underpredict  pressure  drop,  a  tradeoff  has 
been  made.  Use  of  the  uncorrected  power  yields  larger  wall  superheats  (poorer  agreement 
with  these  data)  and  higher  pressure  drop  (better  agreement  with  these  data).  The  opposite,  of 
course,  occurs  if  the  lower  power  values  are  used.  At  the  two  higher  mass  fluxes,  either 
choice  yields  reasonable  results  and  acceptable  comparisons.  For  the  SO  kg/m^-s  mass  flux, 
neither  choice  yields  very  good  agreement  with  data. 

In  the  Creare  aircraft  tests,  the  last  0.3  meter  section  of  the  evaporator  operated  in  the 
film  boiling  regime  for  many  of  the  tests  at  high  power.  As  illustrated  in  Figure  4.18. 

FCEVAP  predicts  that  critical  heat  flux  (CHF)  will  be  exceeded  about  5  cm  from  the  exit  of 
the  evaporator.  Note  that  given  the  20%  uncertainty  expected  from  CHF  correlations, 
transition  to  film  boiling  at  about  z  =  0.6  meters  is  entirely  consistent  with  the  FCEVAP 
predictions. 


DISTANCE  FROM  EVAPORATOR  INLET,  z  (m) 


Figure  4.18.  aiTICAL  HEAT  FLUX  PREDICTED  FOR  CREARE  TESTS 
(G  =  168  kg/ni2-s.  Power  =  739  W) 
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Sundstrand  Data.  The  Sundstrand  swirl  flow  evaporator  (SFE)  ground  test  data  are 
summarized  in  the  report  of  Niggemann  et  al.  (1985).  The  SFE  uses  a  flat  spiral  coil  of  square 
tubing  to  provide  a  two-sided  cold  plate.  Tests  were  performed  with  R*  114  as  the  working 
fluid. 


Figure  4.19  shows  wall  and  fluid  temperature  versus  flow  length  along  the  coil. 
FCEVAP  calculations  follow  the  fluid  temperature  very  well.  The  predicted  wall  temperature 
agrees  with  measured  values  to  within  about  2  K  (4®F)  over  the  length  of  die  evaporator.  Both 
the  calculations  and  the  data  show  that  wall  superheat  is  approximately  constant.  There  is 
little  difference  between  the  inner  to  outer  and  outer  to  inner  flow  directions  in  either  the 
calculations  or  in  the  data. 

Figure  4.20  compares  measured  values  of  the  pressure  drop  with  those  predicted  by 
FCEVAP.  The  calculated  values  lie  within  30%  of  the  data  over  most  of  the  power  range. 
Note,  however,  that  the  pressure  drop  data  were  obtained  by  subtracting  the  absolute  pressure 
at  two  locations.  Each  dansducer  has  an  estimated  uncertainty  of  10  kPa.  Thus,  the 
uncertainty  bands  on  the  data  of  Figure  4.20  are  very  large,  easily  covering  the  range 
containing  the  FCEVAP  predictions.  The  apparent  differences  in  the  data  reported  for  the  two 
flow  directions  are  therefore  negligible. 

Foster-Miller  Data.  The  aircraft  data  of  Foster-Miller  (Hill  and  Best,  1991)  offer  little 
meaningful  comparison.  In  many  of  the  tests  the  evaporators  simply  did  not  function  and 
produced  no  data.  The  liiUe  data  that  appear  to  have  been  acquired  is  haphazardly  organized, 
making  it  difficult  to  establish  the  actual  operating  conditions. 

Nevertheless,  calculations  comparing  wall  heat  transfer  for  two  data  points  have  been 
run.  The  results  are  summarized  in  Table  4.4,  The  computed  values  of  the  wall  superheat  and 
heat  transfer  coefficient  lie  within  about  40%  of  the  measured  values.  Given  the  uncertainties 
in  the  data  and  the  poorly  characterized  operating  conditions,  this  appears  to  be  very  good 
agreement. 

It  is  important  to  note  that  the  Foster-Miller  data  do  not  utily  represent  steady 
microgravity  or  reduced  gravity  conditions.  The  evaporator  used  on  this  facility  had  a  very 
large  thermal  mass  which  damped  the  response  of  the  evaporator  to  the  changing  operating 
conditions. 


Table  4.4.  COMPARISON  OF  FCEVAP  CALCUUTIONS 

WITH  POSTER-MILLER  DATA 

Heat  Flux 
(kW/m2) 

Wall  Superheat 

AT  (K) 

Heat  Transfer 
Coefficient 
h  (W/m2-K.) 

Data 

FCEVAP 

Data 

FCEVAP 

4.61 

19.1 

3.4 

8.3 

2.37 

6.18 

1350 

2300 

1950 

3090 
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FLOW  OtRgCtlON  :  CUTER  TO  INNER 


Figure  4.19.  (XHIPARISOK  OF  WALL  AND  FLUID  TENPERATURES 
FOR  SUNDSmND  SFE 


suwostrand  swirl  tlow  evaporator 


Q 

CL 

Q. 

< 


a 

o 

a: 

o 

UJ 

a: 

tr) 

01 

Ui 

a: 

CL 

o: 

O 

K- 

< 

q: 

o 

CL 

< 


25 

20 

15 

10 

5 

0 

0  1000  2000  OOOC  4000  5000  6000 


I  «  “  I 


o 

▲ 


-1 - 1 _ I _ L 


EVAPORATOR  POWER  LEVEL  (W) 
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5  EVAPORATORS;  Droplet  Impingement  Cooling 

This  section  of  the  design  manual  describes  methods  for  sizing  evaporators  based  on 
the  droplet  impingement  cooling  (DIG)  technique.  Design  calculations  for  estimating  heat 
transfer  characteristics  of  the  evaporator  are  explained.  This  manual  does  not  include  design 
methods  for  the  piezoelectric  droplet  generator. 

Section  S.l  of  this  manual  provides  an  inhoduction  to  the  DIC  process  and  presents  an 
overview  of  evaporator  design.  Gyration  of  DIC  evaporators  is  described,  and  an  example 
sizing  procedure  is  reviewed. 

The  calculation  methods  for  predicting  the  heat  transfer  characteristics  of  the 
evaporator  are  presented  in  Section  52.  Methods  for  calculating  droplet  spreading,  heat 
transfer  coefficient,  peak  wall  superheat,  and  critical  heat  flux  are  provided.  These  methods 
are  implemented  in  the  companion  DROPEVAP  software  (Barry,  1992). 

Dimensionless  design  charts  for  quick  estimates  of  DIC  heat  transfer  are  presented  in 
Section  5.3.  These  design  chans  do  not  require  the  designer  to  know  in  detail  the  theory 
associated  with  DIC  or  to  have  software  available  which  implements  the  methods. 

Section  5.4  gives  validation  results,  comparing  predicted  performance  with  test  data. 


5.1 


Introduction  to  DIC  Evaporators 


The  specific  DIC  technique  discussed  in  this  manual  has  been  developed  by  Creare  for 
NASA.  These  evaporators  are  designed  for  use  in  two-phase  thermal  management  systems 
where  the  gas  and  liquid  phases  are  separated,  i.e..  where  gas  and  liquid  do  not  flow  as  a 
mixture.  Sul  ■  oled  or  saturated  liquid  is  supplied  to  the  evaporator,  and  saturated  vapor  is 
produced.  The  DIC  process  provides  very  high  heal  transfer  coefficients,  enabling  DIC 
evaporators  to  be  made  lightweight  and  compact. 


The  DIC  technique  also  has  important  applications  to  cooling  of  high  heat  flux 
electronic  components.  The  droplet  generator  may  be  designed  to  fire  droplets  directly  at 
discrete  components,  focusing  the  cooling  capability  precisely  where  it  is  needed.  Dielectric 
heat  transfer  fluids  dlow  direct  contact  with  electronic  components. 


5.1.1 


DIC  Process 


Figure  5. 1  illustrates  the  DIC  concept  Tiny  liquid  droplets  are  produced  at  a  high 
frequency  by  a  piezoelectric  transducer.  The  droplets  suike  the  hot  surface  and  spread  out  to 
form  a  film,  then  rapidly  evaporate.  After  complete  evaporation  of  the  droplets,  another  set  of 
droplets  is  formed  by  the  transducer  and  the  process  repeats.  If  the  droplets  are  formed  at  too 
high  a  frequency,  evaporation  of  successive  droplets  is  not  completed  and  the  solid  surface 
floods.  In  DIC.  all  of  the  droplets  are  formed  and  ejected  simultaneously  at  well  defmed  time 
intervals  in  a  fixed  geometry.  This  is  in  contrast  to  the  relatively  random  droplet  distributions 
(in  time,  space,  and  size)  found  in  spray  cooling.  Since  inertial  forces  on  the  droplets  are 
much  larger  than  gravity  forces,  the  DIC  evaporator  is  insensitive  to  the  acceleration  (gravity) 
level. 


5-1 


UQUID  DROPLET 
(100  MICRONS) 


PIEZOELECTRIC 

TRANSDUCER 


10  m/s 


VAPOR 


HEAT 

INPUT 


Figure  5.1.  DROPLET  IllPINGQIEKr  COOLING  CONCEPT 


Figure  5.2  shows  the  process  of  droplet  impact  and  evaporation.  Very  high  heat  fluxes 
are  achieved  without  nucleate  boiling  because  the  droplets  form  very  thin  films.  Because  the 
films  are  so  thin,  heat  fluxes  can  be  achieved  which  are  substantially  above  the  critical  heat 
flux  in  flow  boiling.  The  DIC  technique  breaks  down  when  the  heat  flux  becomes  high 
enough  to  cause  nucleate  boiling  in  the  thin  film.  Bubble  nucleation  and  growth  disrupt  the 
thin  film  resulting  in  reduced  heat  transfer  coefficients.  For  DIC,  nucleate  boiling  is 
equivalent  to  critical  heat  flux. 

Due  to  the  very  high  heat  transfer  coefficients  and  transient  nature  of  the  DIC  process, 
the  conduction  resistance  and  heat  capacity  of  the  solid  surface  must  be  considered  in  the 
design  of  DIC  evaporators.  Figure  5.3  illustrates  the  transient  behavior  of  the  solid  surface 
temperature.  The  effective  surface  temperature  is  the  extrapolation  of  the  internal  wall 
temperature  profile  to  the  surface.  The  actual  surface  temperature  oscillates  around  this  value 
as  cold  droplets  impact  the  wall,  then  evaporate.  The  peak  wall  surface  temperature 
determii^  whether  critical  heat  flux  is  reached. 

Design  variables  for  a  DIC  evaporator  include  the  droplet  diameter,  droplet  velocity, 
and  the  time  between  droplets.  The  droplet  diameter  and  velocity  govern  the  spreading  of  the 
ilropleL  The  spreading  of  the  droplet  controls  heat  transfer.  To  prevent  flooding  of  the  hot 
surface,  a  droplet  must  completely  evaporate  before  the  next  droplet  strikes.  Thus,  the  droplet 
evaporation  time  must  be  less  than  the  time  interval  between  droplets. 
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Figure  5.2.  DROPLET  IMPACT.  SPREADING,  AND  EVAPORATION 


The  physical  processes  affecting  heat  transfer  in  the  DIC  evaporator  include; 

•  Droplet  impact  and  spreading, 

•  Film  evaporation, 

•  Keatup  of  the  solid  surface  between  droplets, 

•  Critic^  heat  flux  (nucleate  boiling). 

Section  5.2  describes  models  for  each  of  these  processes. 


5.1.2  DIC  Evaporator  Design 

As  shown  in  Figure  5.1,  a  DIC  evaporator  consists  of  several  components.  The  droplet 
generator  is  comprised  of  the  piezoelectric  transducer,  driver  electronics,  and  a  nozzle  plate. 
Droplet  diameter  and  velocity  are  determined  by  design  of  the  generator.  The  droplets  pass 
through  a  vapor  space,  then  strike  the  hot  surface  of  the  evaporator  wall.  As  noted  earlier,  the 
design  methods  presented  here  consider  the  droplet  impact,  spreading,  and  evaporation 
processes  affecting  the  heat  transfer  characteristics  of  the  evaporator. 

A  DIC  evaporator  may  be  constructed  in  several  configurations,  as  shown  in  Figure  5.4. 
Planar  evaporators  would  be  suitable  for  such  applications  as  cold  plates.  Cylindrical 
geometries  might  be  more  applicable  to  heat  exchanger  concepts  such  as  fluid-fluid  loop 
interfacing.  The  DIC  evaporator  concept  can  also  be  applied  to  the  cooling  of  individual  high 
heat  flux  components  such  as  electronics  components. 
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5.1.3 


Die  BvapcH^r  Smng 

For  a  typical  evaporator  design,  there  are  several  known  parameters: 

•  Woridng  fluid. 

•  Operating  pressure  and  temperature, 

•  Total  heat  load. 

The  designer  usually  needs  to  estimate  the  size  of  the  evaporator  (heat  transfer  area),  trading 
off  the  temperature  difference,  considering  operational  needs,  and  staying  within  technology 
constraints. 

The  design  methods  described  in  this  manual  may  be  utilized  in  several  ways.  One 
potential  design  sequence  would  run  as  follows.  First,  several  parameters  would  need  to  be 
specified: 

•  Working  fluid,  solid  wall  material,  and  operating  pressure, 

•  Wall  temperature  (or  wall-fluid  temperature  dilference), 

•  Droplet  velocity  and  diameter  from  droplet  generator. 

Next,  an  estimate  or  guess  of  the  time  interval  between  droplets  is  made.  Based  on  this  guess, 
the  following  items  are  calculated  using  the  methods  described  in  Section  S.2: 

•  Droplet  spreading, 

•  Heat  transfer  coefficient  and  heat  flux, 

•  Droplet  evaporation  time, 

•  Peak  wall  superheat, 

•  Maximum  heat  flux. 

Using  these  results  the  designer  (or  the  design  software)  needs  to  make  several  checks: 

•  Droplets  are  spreading  (not  splattering). 

•  The  time  interval  between  droplets  is  greater  than  the  evaporation  time, 

•  The  peak  wall  temperature  does  not  exceed  the  critical  heal  flux  criterion. 

If  any  of  these  items  are  not  true,  then  operating  parameters  must  be  adjusted.  Droplet 
spreading  is  governed  by  the  droplet  diameter  and  velocity.  The  time  interval  between  drops 
should  be  lengthened  if  it  is  too  short  to  prevent  flooding.  If  critical  heat  flux  is  exceeded,  the 
effective  wall-fluid  temperature  difference  or  tne  droplet  parameters  should  be  adjusted. 

If  the  checks  are  successfully  passed,  then  the  designer  can  compute  the  evaporator 
size.  The  droplet  spreading  can  be  used  to  predict  the  minimum  spacing  between  droplet 
nozzles  and  coverage  of  the  hot  wall  by  the  liquid  film.  For  less  than  perfect  coverage 
(depends  on  nozzle  spacing),  the  actual  average  heat  flux  is  adjusted  by  the  area  ratio.  Then, 
using  the  known  total  heat  load,  the  evaporator  area  can  be  calculated.  Various  energy  and 
flow  balance  checks  would  also  be  advisable. 

Performance  of  the  evaporator  can  be  improved  or  the  size  can  be  reduced  by 
increasing  the  droplet  spreading  or  by  tuning  the  time  interval  between  droplets  to  be  exactly 
equal  to  the  droplet  evaporation  time. 
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S.2  Design  Methods 

The  heat  transfer  performance  of  DIC  evaporators  can  be  predicted  by  the  design 
methods  given  in  this  section.  These  methods  are  implemented  in  the  companion  software, 
DROPEVAP.  Equations  are  provided  for  computing  the  droplet  impact  and  spreading,  film 
evaporation,  transient  heatup  of  the  solid  surface,  and  critical  heat  flux.  The  limitations  of 
these  equations  are  also  noted. 


5.2.1  Equations  for  DIC  Heat  Transfer 

Droplet  Impact  and  Spreading.  The  spreading  of  a  droplet  into  a  thin  film  is  expressed 
in  terms  of  the  droplet  spread  ratio,  /3,  by: 


D 

d* 


(5-1) 


where  d  is  the  diameter  of  the  droplet  and  D  is  the  diameter  of  the  thin  film  spot.  The  initial 
film  thickness  prior  to  evaporation,  is  obtained  from  a  shaighiforward  geometric 
calculation: 


5o  =  (5-2) 

To  compute  /3,  a  theoretical  model  developed  by  Kurabayashi  (1967)  and  modified  by 
Yang  (1975)  is  applied.  This  model  relates  the  droplet  spread  ratio  to  the  Weber  and  Reynolds 
numbers  for  the  droplet  and  to  the  fluid  viscosity  evaluated  at  the  droplet  temperature  and 
at  the  wall  temperature  (n^). 


‘we  =  3/J2[l+3^ 


iL 
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Here  the  Weber  number.  We,  and  Reynolds  number,  RCj,  are  defined  as: 


We  =  (5-4) 

Rea  =  ^  (5-5) 

The  experimental  data  of  Toda  (1974)  indicate  that  the  Weber  number  for  the  droplet  should 
be  below  2160  or  else  the  droplet  may  shatter  on  impact  instead  of  spreading. 


Spatial  Averaging.  To  arrive  at  the  average  heat  transfer  on  the  cooled  surface,  the 
"packing"  of  the  thin  film  spots  must  be  considered.  Figure  5.5  illustrates  two  packing 
arrangements,  a  triangular  and  a  square  lattice.  The  wetted  area  fraction,  y,  immediately 
following  droplet  impact  can  be  calculated  from: 


y= 


area  covered  by  film 
total  area  of  the  wall 


^5-0] 
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For  the  extreme  case  of  the  thin  film  spots  just  touching,  y-  0.905  for  the  triangular  lattice 
and  y=s  0.785  for  the  square  lattice.  In  general,  the  designer  will  leave  some  margin  between 
thin  film  spots  to  allow  for  non-uniformity  and  tolerances.  If  the  thin  film  spots  overlap,  the 
film  may  not  completely  evaporate  before  the  arrival  of  the  next  droplet,  and  the  surface  may 
flood. 


Evaporation  Time.  The  ev^oration  time,  t^vap,  is  the  time  required  for  the  film  to 
evaporate  from  the  hot  surface.  It  is  an  important  parameter  because  it  determines  the 
minimum  time  interval  between  successive  droplets  that  will  not  flood  the  surface.  If  the 
effective  wall  superheat,  ATg^,  and  the  initial  film  thickness,  60,  are  known,  the  evaporation 
time  for  the  film  can  be  estimated  by: 


Ifivap  — 


1 

\pM 

5,2 

2 

.  ^1 . 

ATef<<l  Af  +  Bj) 

(5-7) 


The  time-averaged  heat  flux  will  be  calculated  using  the  ratio  of  the  evaporation  time  to  the 
time  between  droplets  q: 


Heat  Transfer  CoefficienL  Three  heat  transfer  resistances  govern  the  heat  transfer  in 
Die  evaporators:  conduction  resistance  in  the  liquid  film,  evaporation  resistance  (kinetic 
transport  at  the  liquid-vapor  interface),  and  conduction  resistance  in  the  solid.  The  relative 
strength  of  these  three  resistances  can  be  evaluated  in  terras  of  ratios.  The  ratio  of  the 
characteristic  thermal  resistance  of  the  solid  to  the  initial  thermal  resistance  of  the  liquid  film 
is; 


A,  = 


(5-9) 


and  the  ratio  of  the  evaporation  resistance  to  the  initial  thermal  resistance  of  the  liquid  film  is: 


(5-10) 


R, 


■cvip 


‘  sat 
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(5-11) 


The  effect  of  the  liquid  and  evaporation  resistances  can  be  incorporated  into  an 
equation  for  the  heat  transfer  coefficient; 


hdic 


[b,-  rT73 


(5-12) 


Here  yand  rj  represent  the  spatial  and  temporal  averaging.  Note  that  in  the  limit  of  a  very 
small  evaporation  resistance,  goes  to  zero  and  the  heat  uansfer  coefficient  becomes  solely  a 
function  of  the  liquid  film  resistance.  Typically  the  solid  resistance  is  small  (A,  much  less 
than  1),  and  it  is  reasonable  to  neglect  it  If  the  solid  resistance  is  important,  a  transient 
conduction  solution  must  be  carried  out  (see  peak  wall  superheat  below). 
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Average  Heat  Flux  and  Wall  Temperatufe.  Two  heat  transfer  boundary  conditions  may 
be  considered  in  design  of  the  DIG  evaporator,  constant  wall  temperature  and  constant  wall 
heat  flux.  The  two  representations  are  closely  related  by  the  heat  transfer  coefficient: 

T,  ^  ATeff  +  T^  "  +  (5-13) 

•'die 

Q  “  ATjff  =  hjjie  (Tv^  *  Tjjt)  (5"14) 

Note  that  botli  the  heat  transfer  coefficient  and  heat  flux  are  spatially  and  temporally  averaged. 
With  the  effective  wall  superheat,  these  form  a  self-consistent  set  of  average  parameters. 

Peak  Wall  Superheat  As  shown  in  Figure  5.3,  the  wall  surface  teinperature  is  not 
constant  with  time  but  fluctuates  with  the  arrival  and  evaporation  of  droplets.  In  evaluating 
whether  the  critical  heat  flux  is  exceeded,  the  peak  wall  superheat  ATp^ak  must  be  estimated. 

A  transient  solution  to  the  conduction  equation  must  be  carried  out. 

Figure  5.6  illustrates  the  solution  strategy.  The  time-dependent  conduction  equation  for 
one-dimensional  heat  transfer  is: 


a^T  _  J_(?r 

cte2  OJj  ^ 


(5-15) 


where  a,  is  the  thermal  diffusivity  of  the  solid  wall  material.  This  equation  is  solved 
numerically  subject  to  boundary  and  initial  conditions.  A  distance  is  selected  that  is 
sufficiently  deep  in  the  solid  so  that  the  temperature  is  steady  at  that  point.  At  the  liquid-solid 
interface,  the  heat  transfer  resistance  of  the  Uquid  film  and  of  evaporation  is  coupled  to  the 
solid  wall  model.  The  time-dependent  film  thickness,  5,  is  computed  by; 


where  Rev»p  is  the  evaporation  resistance. 

The  initial  temperature  profile  is  guessed  (usually  a  linear  variation),  then  the  equations 
are  solved  for  a  series  of  droplet  impacts.  After  a  sufficient  number  of  droplet  impacts  have 
been  modelled,  the  temperature  field  in  the  solid  well  away  from  the  surface  reaches  a  steady 
state  (i.e.,  at  or  beyond),  and  the  temperature  field  near  the  surface  assumes  a  stable, 
repeating,  oscillatory  behavior. 


Critical  Heat  Flux.  The  critical  heal  flux  for  a  DIG  evaporator  occurs  when  bubbles 
nucleate,  grow,  and  disrupt  the  film.  This  mode  of  heat  uansfer  is  inherently  less  efficient 
than  ^ple  film  evaporation  and  reduces  the  performance  of  the  device.  The  wall  superheat 
at  critical  heat  flux  is  calculated  from  the  model  of  Davis  and  Anderson  (1966): 


AT,w 


.  h  f  gk  j  pg 
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(5-17) 
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When  this  superheat  is  reached,  the  heat  transfer  prediction  methods  outlined  above  become 
invalid,  since  film  disruption  is  not  considered.  In  general,  the  DIC  evaporator  should  be 
designed  so  that  this  limit  is  not  exceeded.  As  shown  in  the  experimental  data  in  Section  5.4, 
however,  the  evaporator  performance  appears  to  degrade  grace^ly  rather  than  catastrophically 
when  this  limit  is  exceeded.  Thus,  performance  near  the  limit  may  not  be  dangerous  for  many 
applications. 

Maximum  Heat  Flux.  The  maximum  attainable  heat  flux  in  the  DIC  evaporator  may  be 
calculated  from: 


max 


=  hdic  AT, 


ichf 


XL 

peakj 


(5-18) 


This  equation  predicts  the  maximum  heat  flux  based  on  the  margin  between  the  effective  and 
peak  superheats.  Implicit  in  this  equation  is  the  assumption  that  the  evaporator  is  already 
running  with  the  droplet  interval  equal  to  the  droplet  evaporation  time  (q  =  1).  Note  that  the 
performance  can  also  be  improved  by  raaximisdng  the  fr^tion  of  wetted  area  (y)  consistent 
with  avoiding  droplet  interaction  and  surface  flooding. 
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The  ^sign  equations  of  Section  5.2.1  are  based  on  several  simplifying  assumptions. 

•  The  droplet  spreads  in^antaneously  on  impact  In  general,  spreading  is  an  order 
of  magnitude  faster  than  evaporation. 

•  The  droplet  spreads  to  form  a  thin  even  film,  not  a  lens^shaped  drop. 
Lens-shaped  droplets  require  much  more  complex  analysis  due  to 
multi-dimensional  effects. 

•  The  thermal  capacity  of  the  droplet  (sensible  heat  addition)  is  negligible 
compared  to  its  latent  heat 

•  Heat  transfer  in  the  solid  and  liquid  are  one-dimensional. 

•  The  thermal  resistance  of  the  solid  is  neglected  in  calculating  the  heat  transfer 
coefficient  A  method  for  transient  calculation  of  the  solid  resistance  is 
outlined,  however. 


5.3  Dimensioaless  Design  Charts 

The  Die  evaporator  design  calculations  can  be  performed  using  dimensionless  charts 
for  estimating  key  parameters.  The  following  information  is  needed  in  order  to  use  the 
dimensionless  charts: 


Fluid  Properties 


Pi  Liquid  Density 

Pi  Liquid  Viscosity 

p^  Liquid  Viscosity  (at  Wall  Temperature) 

ki  Liquid  Thermal  Conductivity 

Pg  Gas  Density 

kg  Gas  Thermal  Conductivity 

Rg  Gas  Constant 

hfg  Heat  of  Vaporization 

a  Surface  Tension 


Droplet  Parameters 

•  V  Droplet  Velocity 

•  d  Droplet  Diameter 


Wall  Superheat  or  Ifeat  Flux 


•  ATeff  or  q"  Effective  Superheat  or  Average  Heat  Flux 


The  heat  transfer  performance  of  the  evaporator  can  be  predicted  using  the  above  information. 


Droplet  Spreading.  Figure  5.7  plots  the  droplet  spread  ratio  p  (Equation  5-1)  as 
functions  of  the  Weber  number  (Equation  5-4),  Reynolds  number  (Equation  5-5),  and  viscosity 
ratio.  If  the  Weber  numt«r  exc  ;eds  2160,  droplets  will  tend  to  shatter  rather  than  to  spread 
into  an  even  thin  film,  and  the  heat  transfer  analysis  will  not  apply. 

The  thin  film  spot  diameter  D  and  initial  film  thickness  Sq  are  calculated  from  the 
droplet  spread  ratio  using  Equations  5-1  and  5-2  respectively.  The  average  wetted  area 
fraction,  y,  will  depend  on  the  geometry  of  the  evaporator  and  droplet  generator.  Note  that  the 
thin  films  created  by  the  individual  droplets  should  not  overlap  or  the  surface  may  flood. 

Evaporation  Time  and  Wall  Heat.Transfer.  Figure  5.8  gives  the  droplet  evaporation 
lime  as  a  function  of  the  ratio  of  solid  to  liquid  resistance,  (Equation  5-9),  and  the  ratio  of 
evaporation  to  liquid  resistance,  Bj  (Equations  5-10  and  5-11).  The  dimensionless  evaporation 
time,  0evap*  is  defined  as: 


s  -  i^l^^efflevap  (5-19) 

Pihfg^o^  ^  ' 

Wall  heat  transfer  is  calculated  using  Equations  5-12  and  5-13  or  5-14. 

Peak  Wall  Superheat.  Figure  5.9  shows  the  ratio  of  peak  to  effective  superheat  as  a 
function  of  the  ratio  of  solid  to  liquid  resistance,  (Equation  5-9),  and  the  ratio  of 
evaporation  to  liquid  resistance,  B,  (Equations  5-10  and  5-11),  for  conditions  where  the  droplet 
interval  is  equal  to  the  evaporation  time  (h  -  !)• 


5.4  Validation 

Only  one  set  of  heat  transfer  data  currently  exists  for  a  DIG  evaporator.  These  data  are 
from  proof-of-concept  tests  performed  at  Creare  using  water  as  the  working  fluid  (Valenzuela 
and  Drew,  1987).  Comparison  calculations  have  been  performed  using  the  companion 
DROPEVAP  software,  which  implements  the  design  methods  described  in  Section  5.2. 

Figure  5.10  compares  the  calculated  heat  fluxes  with  measured  values  from  the  tests  at 
various  superheats.  DROPEV.AP  correctly  captures  the  trend  in  the  dau,  but  over  predicts  the 
heat  uransfer  coefficient  by  up  to  a  factor  of  two.  For  this  set  of  tests,  the  parameter  Af  is 
I'.pproximately  0.2,  indicating  that  the  solid  resistance  is  small.  The  test  report  does  mention 
that  the  nozzle  on  the  droplet  generator  tended  to  discharge  several  small  droplets  rather  than 
one  larger  droplet.  The  total  volume  of  the  multiple  droplets  was  used  to  predict  the  effective 
droplet  diameter  of  91  microns  used  in  the  data  comparisons.  This  represents  one  possible 
cause  for  the  overprediciion  of  the  heat  transfer. 

In  Figure  5.10,  the  data  indicate  that  bubble  nucleation  (critical  heat  flux)  occurs  at 
wall  superheats  of  30  to  40  K  with  an  attendant  reduction  in  heat  transfer.  Tne  models  of 
DROPEVAP  predict  critical  heal  flux  at  a  wall  superheat  of  approximately  40  K,  in  good 
agreement  with  the  data. 

Future  tests  for  a  prototype  DlC  evaporator  are  planned,  but  data  are  not  currently 
available  for  validation. 
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Figure  5.7.  VARIATION  OF  DROPLET  SPREAD  RATIO  WITH  IMPACT  PARAMETERS 
(YANG.  1975) 
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Figure  5.8.  SiyULTANEOUS  EFFECT  OF  SOLID.  LIQUID  AI®  EVAPORATION  RESISTANCES 
ON  THE  EVAPORATION  TIME 


Figure  5.9.  VARIATIONS  OF  PEAK  WALL  SUPERHEAT  WITH  rfFAT  TRANSFER  RESISTANCE 


5-15 


CREARE  Die  EVAPORATOR  TESTS 


Figure  5.10.  VALIDATION  COMPARISON  OF  DESIGN  METHODS  VERSUS  CREARE  DIC  DATA 
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CONDENSERS:  Vapor  Shear 

Condensers  transfer  heat  between  two-phase  heat  transport  systems  and  spacecraft  heat 
rejection  systems  such  as  radiators  and  interface  heat  exchangers.  The  condenser  allows  for 
controlled  condensation  of  the  two-phase  working  fluid  so  tliat  heat  can  be  efficiently  and 
reliably  removed  from  the  two-phase  loop.  The  condenser  should  be  small  and  lightweight, 
have  small  pressure  losses,  and  operate  regardless  of  the  spacecraft  acceleration.  In  a  shear 
condenser  tube,  shear  forces  due  to  high  velocity  vapor  flow  are  much  larger  than  body  forces. 
Vapor  shear  propels  the  condensate  through  the  condenser. 

This  section  of  the  design  manual  provides  heat  transfer  and  pressure  drop  design 
methods  for  shear  condenser  tubes.  Heat  transfer  design  ensures  that  the  liquid  is  completely 
condensed  and  exits  the  tube  with  the  proper  subcooling.  Pressure  drops  must  be  calculated  to 
size  the  capillary  evaporators  for  mechanical  pumps  which  circulate  the  fluid  in  the  two-phase 
loop.  The  methods  described  here  are  used  in  the  MICROCON  program  (Izenscn,  Martin,  and 
McDonald,  1992). 

These  methods  focus  on  the  heat  transfer  and  pressure  drop  within  a  single  shear 
condenser  tube.  Heat  transfer  outside  the  tube  is  modelled  in  a  simple  and  general  way  to 
simplify  the  design  data  requirements.  Convective  or  radiative  boundary  conditions  are  both 
possible. 

Section  6. 1  describes  the  applications  of  the  condenser  design  methods.  These  are 
primarily  condensing  radiators  and  interface  heat  exchangers  in  thermal  control  systems  on 
spacecr^L 

Section  6.2  summarizes  the  analysis  approach  and  the  design  methods.  A  condenser 
tube  is  broken  into  a  large  number  of  segments.  In  each  segment  the  flow  regime  is  calculated 
from  the  known  inlet  conditions.  The  flow  regime  determines  the  constitutive  relations  to  be 
used  for  heat  transfer,  pressure  drop,  and  void  fraction  in  that  segment. 

Section  6.3  presents  the  overall  calculation  method  used  in  MICROCON  to  calculate 
the  heat  transfer  and  pressure  drop  in  a  shear  condenser  tube.  A  step-by-step  procedure 
describes  the  sequence  of  calculations  to  march  through  a  condenser  and  calculate  the 
performance  in  each  segment 

Section  6.4  presents  the  detailed  equations  for  calculating  the  heat  mansfer  coefficient 
in  a  shear  condenser.  Methods  are  presented  for  each  flow  regime  which  occurs  in  the 
condenser  tube.  Condensation  in  the  annular  flow  regime  is  a  key  phenomenon  which  affects 
the  condensing  length  and  the  pressure  drop.  Several  alternative  models  are  presented  for  the 
annular  flow  regime,  along  with  recommendations  based  on  model  validation  against 
experimental  data. 

Section  6.5  gives  the  detailed  equations  for  calculating  the  void  fraction  in  each  flow 
regime.  The  interfacial  friction  factor  is  a  key  parameter  for  calculating  the  void  fraction  in 
the  annular  flow  regime. 

Section  6.6  presents  the  detailed  equations  for  calculating  the  pressure  drop  in  a  shear 
condenser.  The  pressure  drop  calculation  also  depends  on  the  flow  regime  in  the  segment.  A 
key  parameter  is  the  interfacial  friction  factor  in  the  annular  flow  regime.  Several  alternative 
methods  are  presented  for  calculating  the  interfacial  shear  ratio  in  the  annular  regime,  along 
with  recommendations  based  on  validation  against  experimental  data. 
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Section  6.7  presents  dimensionless  design  maps  for  heat  transfer  and  pressure  drops  in 
shear  condensers.  These  maps  allow  a  user  who  is  unfamiliar  with  details  of  the  theory  to 
quickly  calculate  the  condensing  length  and  pressure  drop  by  hand.  An  example  illustrates 
how  to  model  heat  transfer  in  a  condensing  radiator. 

Finally,  Section  6.8  compares  heat  transfer  and  pressure  loss  calculations  with  data 
from  various  condenser  tests.  Data  from  several  sources  validate  the  MICROCON  analysis. 


6.1  Applications 

The  design  methods  provide  key  calculations  for  the  development  and  design  of  shear 
condensers  for  thermal  management  of  spacecraft.  The  primary  applications  are: 

•  Design  of  condensing  radiators. 

•  Design  of  interface  heat  exchangers, 

•  Interpretation  of  test  data. 

Flexible  boundary  conditions  permit  solution  of  a  range  of  design  problems. 

Design  of  Condensing  Radiators.  Figure  6.1  is  a  schematic  of  one  tube  in  a  shear 
condenser  with  attached  fms  which  radiate  heat  directly  to  space.  High  quality  vapor  enters 
the  tube  from  the  left  and  subcooled  liquid  exits  the  tube  to  the  right.  As  vapor  condenses 
inside  the  tube,  it  gives  up  the  heat  of  vaporization  to  the  surrounding  structure,  in  which  it 
travels  by  conduction  to  ^e  radiating  surface.  The  heat  leaves  the  spacecraft  by  radiation 
from  the  surface. 

The  condenser  design  methods  calculate  the  heat  transfer  and  pressure  loss  within  the 
radiating  shear  condenser.  For  a  condensing  radiator  the  problem  is  solved  with  a  radiation 
boundary  condition  and  a  heat  sink  temperature  which  is  appropriate  for  the  radiator's 
orientation  (facing  deep  space,  the  sun,  etc.).  The  designer  must  provide  an  effective  "wall 
thickness"  and  thermal  conductivity  to  model  in  one  dimension  the  temperature  drop  from  the 
condensing  surface,  through  the  radiator  sumcture,  to  the  radiating  surface.  These  design 
methods  do  not  include  the  radiating  fin  efficiency  or  view  factor.  Those  effects  are  lumped 
into  the  effective  thickness,  as  explained  in  Section  6.3.1.  Given  a  specified  mass  flow  rate, 
the  designer  uses  the  methods  presented  in  the  following  sections  to  calculate  the  heat  transfer 
and  pressure  drop  in  the  condenser  tube.  Or,  if  the  available  pressure  drop  is  specified, 
methods  are  presented  to  calculate  the  heat  transfer  and  mass  flow  rate  through  the  tube. 

Design  of  Interface  Heat  Exchangers.  Figure  6.2  is  a  schematic  of  an  interface  heat 
exchanger  in  which  the  condensing  fluid  in  a  two-phase  thermal  bus  U-ansfers  heat  to 
evaporators  in  the  heat  rejection  system.  In  this  case,  secondary  temperatures  are  constant  and 
the  heat  flux  varies  along  the  length  of  the  tube.  The  secondary  evaporators  are  typically  parts 
of  heat  pipe  radiators  (see  Fredley  and  Warren.  1990).  The  design  methods  presented  here 
apply  to  the  condenser  tube  in  this  system  as  well.  Tire  designer  specifies  a  secondary  coolant 
temperature  equal  to  the  saturation  temperature  in  the  evaporator,  and  a  secondary  heat  transfer 
coefficient  which  accounts  for  the  superheat  required  to  evaporate  the  secondary  fluid.  As  in 
the  case  of  the  radiating  condenser,  the  designer  must  provide  effective  values  for  the  thermal 
conductivity  and  thickness  of  the  condenser  wall  lo  model,  in  an  equivalent  one-dimensional 
fashion,  the  temperature  losses  in  the  heat  exchanger  suucture. 
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Figure  6.2.  THERMAL  MODEL  FOR  AN  INTERFACE  CONDENSER 


High  shear  condensers  are  still  at  an  early  stage  of  development  and  most  of  the 
available  data  come  from  tests  conducted  on  the  ground.  In  these  tests,  the  condenser  is 
typically  cooled  by  a  single-phase  heat  exchanger  with  a  high  capacity  rate,  which 
approximates  a  constant-temperature  boundary  condition.  In  MICROCON,  secondary  heat 
transfer  can  be  modeled  with  a  constant  secondary  temperature  and  a  single-phase  heat  transfer 
coefficient 

Interpretation  of  Test  Data.  Detailed  results  of  the  design  calculations  are  useful  for 
interpreting  the  results  of  shear  condenser  tests.  For  example,  the  designer  can  easily  perform 
calculations  using  several  different  constitutive  models  for  the  interfacial  vaporAiquid  shear 
stress  of  the  heat  transfer  coefficient  in  the  annular  condensing  film.  Comparing  calculated 
results  with  test  data  can  show  which  constitutive  models  are  most  appropriate  to  calculate 
condensing  length  and  pressure  drop  for  that  condenser.  The  calculations  can  be  used  to 
extrapolate  from  ground  tests  to  a  space  environment,  indicating  whether  condenser 
performance  is  the  same  in  both  cases.  Calculated  values  of  the  quality  and  void  fraction 
along  the  length  of  the  tube  provide  detailed  information  to  supplement  experimental  data. 
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General  Requifements.  The  design  methods  for  shear  condensers  apply  if  the  following 
conditions  are  met: 

•  Operation  is  steady  state. 

•  The  spacecraft  acceleration  is  less  than  2  g, 

•  The  secondary  temperature  is  constant, 

•  Heat  rejection  is  by  radiation  or  convection, 

•  The  tube  has  a  constant  diameter  or  constant  rate  of  taper, 

•  The  concentration  of  non-condensable  gases  is  negligible. 

The  condenser  tube  may  be  one  of  many,  parallel  tubes,  as  in  a  condensing  radiator 
panel.  However,  the  methods  presented  have  do  not  address  flow  distribution  in  the  inlet  and 
outlet  plena  or  potential  flow  instability  due  to  parallel  channel  effects. 


6.2  Summary  of  Methods 

The  design  methods  are  based  on  a  mechanistic  analysis  of  the  heat  transfer  and  flow  in 
a  shear  condenser  tube.  Typically  the  condensing  fluid  experiences  a  sequence  of  flow 
regimes  (annular,  slug,  etc.)  as  it  flows  from  the  inlet  to  the  outlet  of  the  condenser.  The  flow 
regime  depends  on  the  flow  quality  which,  in  turn,  depends  on  the  amount  of  heat  transfer. 

The  processes  which  govern  heat  and  momentum  tmnsfer  are  different  in  each  flow  regime. 
The  design  methods  can  be  used  in  a  numerical  procedure  (such  as  the  MICROCON  program) 
to  calculate  the  heat  transfer  in  a  shear  condenser  tube.  Or,  the  analysis  can  be  simplified  for 
several  important  cases  to  create  dimensionless  design  maps  which  ilow  quick  hand 
calculations. 

Boundary  Conditions.  Condenser  design  requires  boundary  conditions  for  heat  transfer 
and  fluid  flow.  There  are  two  basic  options  for  each  type  of  boundary  condition  which  may  be 
used  in  any  combination. 

There  are  two  possible  heat  Uansfer  boundary  conditions; 

•  Convection  to  secondary  coolant  at  temperature  T2,  or 

•  Radiation  to  a  heat  sink  at  temperature  T2. 

Convective  boundary  conditions  apply  for  the  design  of  interface  heat  exchangers  on 
spacecraft  and  are  also  commonly  used  for  ground  tests  of  shear  condensers.  The  heat  transfer 
model  ill  this  case  includes  temperature  drops  due  to  condensation  heat  transfer  inside  the  tube, 
conduction  heat  transfer  in  the  solid  heat  exchanger  structure,  and  single-phase  convective  heat 
transfer  to  the  secondary  coolant.  Radiation  boundary  conditions  apply  to  condensing  radiators 
on  spacecraft.  The  heat  transfer  model  for  these  boundary  conditions  includes  temperature 
drops  due  to  condensation,  conduction  through  the  solid  structure,  and  radiation  from  the  outer 
radiator  surface. 

For  the  flow  boundary  conditions,  there  are  two  possibilities: 

•  Specified  mass  flow  rate,  or 

•  Specified  total  pressure  drop. 
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In  a  problem  with  a  sp^ifled  mass  flow  rate,  the  condenser  performance  is  calculated  using  a 
straightforward  "marching"  scheme.  The  condenser  Is  broken  up  into  a  large  number  of 
segments.  Heat  transfer  and  pressure  loss  are  calculated  in  each  segment,  and  the  exit 
conditions  from  one  segment  become  the  inlet  conditions  for  the  next  The  overall  inlet 
conditions  to  the  condenser  arc  the  inlet  conditions  to  the  fust  segment. 

Iterative  calculations  are  required  for  the  case  of  a  specified  pressure  drop.  Iterations 
begin  with  a  first  estimate  for  the  mass  flow  rate  based  on  some  simplifying  assumptions. 

Then  the  pressure  drop  is  calculated  by  marching  through  the  condenser  once  using  the  same 
procedure  as  for  a  specified  flow  rate  problem.  The  calculated  pressure  drop  is  compared  to 
the  specified  pressure  drop.  The  mass  flow  rate  estimate  is  modified  based  on  this  comparison 
and  ♦ie  pressure  drop  is  calculated  again.  Iterations  continue  until  the  calculated  and  specified 
pressure  drops  agree  to  within  0.1%. 

Flow  Regimes  in  Shear  Condensation.  Figure  6.3  illusfiates  one  tube  in  a  shear 
condenser.  High  quality  vapor  enters  one  end.  condenses  inside  the  tube,  and  leaves  as 
single-phase  liquid.  The  vapor  flow  decreases  and  the  liquid  flow  increases  from  the  inlet  to 
the  outlet  due  to  condensation.  As  a  result,  the  flow  regime  changes  as  the  local  flows  pass 
through  critical  transition  points  along  the  length  of  the  tube. 

In  general,  the  sequence  of  flow  regimes  from  the  condenser  inlet  to  the  outlet  will  be; 

1.  Annular, 

2.  Slug, 

3.  Bubbly,  and 

4.  Single-phase. 


UtRG 
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Figure  6.3.  A  SINGLE  TUBE  IN  A  SHEAR  CONDENSER 
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Most  of  the  condensation  and  pressure  losses  occur  in  the  annular  flow  regime,  so  shear 
condensers  can  be  characterized  as  operating  mainly  in  annular  flow.  The  lengths  of  the  slug 
and  bubbly  regimes  are  typically  very  short  compared  to  the  overall  tube  length.  The  length  of 
the  single-phase  section  depends  on  the  degree  of  outlet  subcooling  which  is  desired.  High 
subcooling  requires  a  long  single-phase  section. 

'fhe  flow  regime  describes  the  physical  configuration  of  the  vapor  and  liquid  in  a 
two-phase  flow.  In  annular  flow,  vapor  flows  in  the  center  of  the  condenser  and  liquid  flows 
in  an  annular  film  on  the  tube  w^l.  Annular  flow  occurs  at  high  qualities  and  void  fractions. 
When  there  is  too  little  vapor  to  support  annular  flow,  slug  flow  begins.  In  slug  flow,  vapor 
flows  in  bullet-shaped  bubbles  in  the  center  of  the  tube,  separated  by  liquid  slugs.  As  more 
vapor  condenses,  the  bubbles  grow  shorter  and  the  slugs  grow  longer.  Eventually  the  large 
bubbles  break  up,  and  the  bubbly  regime  begins.  Ultimately  all  the  vapor  condenses  and 
single-phase  liquid  remains. 

The  flow  regime  within  a  segment  is  calculated  by  a  set  of  simple  criteria  based  on  the 
local  void  fraction.  These  approximate  regime  calculations  are  accurate  for  spacecraft 
accelerations  less  than  0.01  g  or  small  diameter  tubes  operated  horizontally  on  the  ground 
(see  Section  1  for  methods  to  calculate  the  transition  to  stratified  flow,  where  the  condenser 
methods  are  no  longer  valid).  The  flow  regime  determines  the  basic  configuration  of  the  vapor 
and  liquid  phases.  As  a  result,  the  heat  transfer,  pressure  drop,  and  void  fraction  calculations 
all  dei^nd  on  the  local  flow  regime. 

Condensation  Heat  Transfer.  The  rate  of  heat  transfer  from  the  condenser  tube  depends 
on  the  local  flow  regime,  quality,  and  void  fraction,  as  well  as  the  external  boundary 
conditions.  The  design  methods  incorporate  different  relations  for  the  beat  transfer  rate 
depending  on  the  local  flow  regime.  The  design  methods  include  more  than  one  option  for 
calculating  the  heat  transfer  in  the  annular  flow  regime  (along  with  a  recommendation  based 
on  comparison  with  experimental  data).  The  optional  methods  allow  the  designer  to  assess  the 
sensitivity  of  the  design  to  the  choice  of  the  heat  U’ansfer  model,  and  enable  comparison  with 
multiple  models  when  evaluating  test  data. 

The  relative  amounts  of  liquid  and  vapor  flow  at  any  position  along  the  condenser  tube 
are  described  by  the  thermodynamic  quality.  The  quality  is  defined  as  the  ratio  of  the  mass 
flow  rate  of  the  vapor  phase,  measured  at  a  particular  point  along  the  condenser  tube,  to  the 
total  mass  flow  rate  through  the  condenser; 

X  H  mvap/m,oi  (6-1) 


where 


X  =  the  quality, 

mvap  =  mass  flow  rate  of  vapor  (kg/s), 

rbtot  =  total  mass  flow  rate  (vapor  +  liquid)  (kg/s). 


The  quality  is  a  measure  of  the  amount  of  energy  removed  from  the  fluid  by  condensation.  An 
energy  balance  between  any  two  points  in  the  condenser  lube  relates  the  change  in  quality  to 
the  linear  heat  transfer  rate  from  the  condenser; 


(6-2) 
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where 


q'  =:  heat  transfer  per  unit  length  (W/ra), 
hfg  -  latent  heat  of  evaporation  (J/kg), 

Ax  s  change  in  quality  over  length  A^, 

Az  s  a  distance  along  the  condenser  tuoe  (ra). 

Figure  6.4  shows  typical  results  of  heat  transfer  calculations  for  a  shear  condenser  tube, 
illustrating  the  variation  in  fluid  quality  along  the  length  of  an  ammonia  condenser. 

Decreasing  quality  along  the  length  of  the  tube  indicates  increasing  liquid  flow  due  to 
condensation.  Negative  quality  at  the  exit  indicates  subcooling.  The  fig’ire  also  shows  the 
void  fraction,  which  decreases  with  the  quality  and  determines  the  flow  regime  in  the 
condenser.  The  rate  of  change  of  quality  along  the  length  of  the  tube  depends  on  the  local 
heat  transfer  coefficient,  which  depends  on  the  local  flow  regime. 

In  the  annular  flow  regime,  the  Nusselt  number  for  condensation  may  be  calculated  by 
any  one  of  three  methods: 

•  Rohsenow,  Webber,  and  Ling  (1956), 

•  Soliman,  Schuster,  and  Berenson  (1968), 

•  Shah  (1979). 

Based  on  comparison  of  model  results  with  experimental  data,  we  recommend  the  method  of 
Rohsenow,  Webber,  and  Ling.  This  method  contains  a  mechanistic  treatment  of  heat  transfer 
through  a  turbulent  liquid  film.  The  method  of  Soliman,  Schuster,  and  Berenson  and  the 
method  of  Shah  include  empirical  corrections  for  the  local  heat  transfer  coefficient. 
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Figure  6.4.  QUALITK  AND  VOID  FRACTION  PROFILES  IN  A  SHEAR  CONDENSER 
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Ill  the  slug  flow  regime,  heat  transfer  is  calculated  based  on  a  mechanistic  analysis  of 
heat  transfer  to  alternating  liquid  slugs  and  the  liquid  film  surrounding  the  Taylor  bubbles.  An 
empirical  "mixing  coefficient"  is  incorporated  to  match  the  high  heat  transfer  rates  observed  in 
the  slug  regime  during  ground  tests. 

Bubbly  condensation  is  modelled  as  a  homogeneous  flow.  The  heat  transfer  coefficient 
is  calculated  using  singlc^phase  correlations,  except  that  the  fluid  properties  used  in  these 
correlations  are  weighted  averages  of  the  vapor  and  liquid  properties. 

Void-Fraction.  The  void  fraction  is  a  key  parameter  which  is  equal  to  the  local, 
time-averaged  area  fraction  of  th;  condenser  tul^  occupied  by  the  vapor  phase.  Heat  transfer 
and  pressure  losses  depend  strongly  on  the  void  fraction.  The  voi  *  fraction  calculation,  in 
turn,  depends  on  the  local  flow  regime. 

In  the  annular  regime,  the  void  fraction  is  calculated  by  balancing  the  pressure  losses  in 
the  vapor  core  and  the  liquid  film.  Tl'e  key  parameter  in  this  calculation  is  the  friction  factor 
ratio,  (fj/fwg).  which  is  equal  to  the  ratio  ot  interfacial  shear  stress  to  the  wall  shear  stress 
which  would  occur  if  the  vapor  phase  were  flowing  alone  in  the  condenser.  The  friction  factor 
ratio  is  calculated  using  empirical  correlations  which  depend  on  the  local  void  fraction.  The 
method  of  Chen  (1989)  has  been  found  to  give  best  agreement  with  pressure  drop 
measurements  in  raicrogravity  tests  of  shear  condensers  (see  Section  6.8).  Designers  may  also 
wish  to  compare  results  with  Wallis's  correlation  (Wallis,  1969)  or  with  bounding  calculations 
in  which  is  set  to  a  constant  value. 

The  void  fraction  in  the  slug  regime  is  calculated  using  a  drift-flux  model.  A 
homogeneous  model  is  used  in  the  bubbly  regime.  Section  3.2  of  the  manual  describes  the 
drift  flux  model  in  detail. 

Pressure  Losses  in  Condensation.  The  total  pressure  drop  through  the  condenser  is  the 
sum  of  pressure  drops  due  to  friction,  liquid  deceleration,  body  forces,  and  taper  (if  any). 
Friction  is  usually  the  largest  conuibutor  to  the  total  pressure  drop,  and  the  amount  of  friction 
depends  strongly  on  the  local  flow  regime.  The  design  methods  call  for  different  methods  to 
calculate  the  frictional  pressure  loss  in  each  regime.  Pressure  losses  due  to  fluid  i.eceleration 
and  body  forces  depend  on  the  local  void  fraction,  and  thus  these  calculations  will  vary 
depending  on  the  model  chosen  for  void  fraction  in  the  annular  regime  (see  below). 

Figure  6.5  shows  pressure  drop  profiles  calculated  for  an  ammonia  condenser  tube.  In 
this  case  (simulating  a  ground  test  of  a  horizontal  tube)  the  body  forces  are  negligible,  the  tube 
has  no  taper,  and  the  pressure  drop  is  mainly  due  to  friction  in  the  annular  flow  regime.  Fluid 
deceleration  reduces  the  pressure  drop  by  about  15%  from  the  amount  calculated  from  friction 
alone. 


Generally,  in  shear  condensers  the  frictional  pressure  drop  dominates  and  occurs 
primarily  in  the  annular  flow  regime.  The  frictional  pressure  loss  in  the  annular  flow  regime  is 
calculated  based  on  analysis  of  the  forces  acting  on  the  gas  phase  of  the  fluid.  A  key 
parameter  for  this  calculation  is  the  ratio  of  the  interfacial  friction  factor  to  'he  wall  friction 
factor  for  single-phase  gas  (f/f^J-  This  factor  is  calculated  using  correlations  which  depend 
on  the  local  void  fraction.  The  design  methods  software  recommends  a  conelaiion  and  allows 
the  user  to  use  other  correlations  as  well,  as  described  below. 

As  the  vapor  condenses  into  liquid,  its  velocity  decreases  because  the  liquid  density  is 
so  much  higher  than  the  vapor.  This  fluid  deceleration  gives  rise  to  a  pressure  recovery  in  the 
condenser  tube  which  decreases  the  total  pressure  drop.  The  pressure  recovery  in  a  segment 
depends  only  on  the  quality  and  void  fraction  at  the  inlet  and  exit. 
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Figure  6.5.  PRESSURE  DROP  PROFILES  IN  A  SHEAR  CONDENSER 


Pressure  losses  due  to  body  forces  are  generally  negligible  if  the  spacecraft  acceleration 
is  less  than  0.01  g  or  if  the  tube  operates  horizontally  on  the  ground. 

Dimensionless  Design  Maps.  Dimensionless  design  maps  are  useful  because  they  show 
the  general  dependencies  and  scaling  relationships  for  condenser  design.  The  maps  allow 
quick  hand  calculations  for  scoping  analysis  or  verification  of  computer  code  results. 

The  design  methods  include  dimensionless  design  maps  for  heat  transfer  and  pressure 
losses  in  the  annular  flow  regime.  Metliods  are  presented  for  modelling  a  condensing  radiator 
using  MICROCON.  The  heat  transfer  maps  allow  quick  calculation  of  the  condensing  length, 
and  the  pressure  drop  maps  enable  estimation  of  the  total  pressure  drop.  Because  turbulent 
film  condensation  depends  on  many  fluid  parameters  (inlet  Reynolds  number,  Prandtl  number, 
and  liquid/vapor  ratios  of  viscosity  and  density),  the  dimensionless  maps  are  provided  for 
several  specific  fluids  which  are  of  prime  interest  for  spacecraft  therm^  management. 


6.3  Calculation  Procedure  for  a  Shear  Condenser  Tube 

This  section  describes  the  overall  procedure  for  calculating  heat  transfer  and  pressure 
drop  in  a  shear  condenser  tube. 

The  calculations  described  here  make  up  a  numerical  procedure  in  which  the  tube  is 
broken  up  into  a  large  number  of  small  segments,  which  are  analyzed  in  sequence.  The 
MICRCXHON  program  performs  these  calculations.  The  basic  sequence  of  calculations  is: 

•  Determine  the  inlet  conditions  to  a  segment, 

•  Calculate  the  flow  regime  in  the  segment, 

•  Calculate  heat  uansfer  in  the  segment, 

•  Calculate  the  void  fraction  at  the  exit  of  the  segment, 
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Calculate  the  pressure  drop  in  the  segment, 
Proceed  with  the  next  segment 


The  inlet  conditions  to  each  segment  are  known  from  the  condenser  inlet  conditions  or  from 
the  previous  segment  calculation.  Flow  regime  is  calculated  from  the  inlet  conditions.  Heat 
transfer  and  pressure  losses  in  the  segment  are  calculated  using  the  problem  boundary 
conditions  and  constitutive  relationships  for  the  appropriate  flow  regime. 

Figure  6.6  is  a  flow  chart  which  details  the  steps  in  a  condenser  tube  calculation.  The 
basic  calculations  for  each  segment  appear  in  the  center  of  the  flow  chart  The  segment 
calculations  are  sequenced  and  coniroiled  by  two  program  loops.  The  inner  loop  performs 
segment  calculations  in  sequence  from  the  inlet  to  the  exit  of  the  condenser  tube,  passing  exit 
conditions  from  one  segment  as  inlet  conditions  to  the  next.  The  outer  loop  performs  iterative 
calculations  for  the  entire  tube  for  problems  in  which  the  flow  boundary  condition  is  a 
specified  pressure-drop. 

The  remainder  of  this  section  describes  the  calculation  procedure  in  detail. 


6.3.1  Boundary  Conditions 

Design  methods  are  provided  for  several  different  thermal  and  flow  boundary 
conditions.  Heat  transfer  calculations  can  use  either  convective  or  radiative  boundary 
conditions.  Either  the  mass  flow  rate  or  the  total  pressure  drop  across  the  condenser  tube  may 
be  specified. 


Thermal  Boundary  Conditions.  Table  6.1  summarizes  the  thermal  boundary  conditions 
for  the  shear  condenser  analysis.  Most  of  the  parameters  required  for  the  two  cases  are  the 
same,  except  that  in  the  radiative  case  the  secondary  coolant  temperature  is  replaced  with  a 
heat  sink  temperature,  and  the  secondary  heat  transfer  coefficient  is  replaced  with  the 
eraissivity  of  the  radiating  surface.  The  user  has  the  option  of  including  a  value  for  absorbed 
orbital  average  heat  flux  (q^Qy)  if  the  sink  temperature  does  not  already  account  for  it.  If  T2 

does  account  for  the  absorbed  heat  flux,  then  use  q’^^y  =  0. 


Table  6.1. 

THERMAL  BOUNDARY  CONDITIONS  FOR  SHEAR  CONDENSER 

ANALYSIS 

BOUNDARY 

CONDITION 

REQUIRED 

PARAVfETER.S 

DESCRIPTION 

UNITS 

CONVECTION 

T2 

Secondary  coolant  temperature 

K 

^2 

Secondary  heat  transfer  coeff. 

W/m2-K 

Px 

Tube  external  perimeter 

m 

Tube  wall  equivalent  thickness 

ni 

K 

Tube  wall  thermal  conductivity 

W/m-K 

RADIATION 

T: 

Heal  sink  temperature 

K 

e 

Emissivity  of  radiating  surface 

— 

Px 

Tube  external  perimeter 

m 

tw 

Tube  wail  equivalent  thickness 

m 

K 

Tube  wall  thermal  conductivity 

W/m-K 

Absorbed  orbital  average  heat  flux 

W/m2 
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Figure  6.6.  STEPS  IN  A  CONDENSER  TUBE  CALCULATION 
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The  equivalent  wall  thickness,  tw,  requires  some  explanation,  t^  is  the  thickness  for 
which  a  one-dimensional  calculation  of  heat  transfer  across  the  wall  at  a  given  temperature 
drop  produces  the  same  result  ts  a  more  precise  calculation.  It  is  equal  to  the  actu^  wall 
thickness  if  the  condenser  is  a  thin-walled  tube.  For  complex  two-dimensional  structures,  the 
designer  must  flrst  calculate  the  conduction  heat  transfer  from  the  inside  of  the  condenser  tube 
to  the  heat  removal  surface.  Then  tv^  is  calculated  by: 

(6-3) 

where  kw  -  thermal  conductivity  of  the  wall  structure  (W/m-K), 

Pi  -  internal  perimeter  of  the  condenser  tube  (m), 

AT*  =  temperature  drop  across  the  wall  in  the  2D  calculation  (K),  and 
q'  =  heat  transfer  rate  per  unit  tube  length  fW/m). 

For  a  spacecraft  radiator,  AT*  is  the  difference  in  temperature  between  the  wall  inside 
temperature  and  the  effective,  average  radiating  temperature,  T,^.  T^  should  account  for  the 
radiating  fin  efficiency  and  the  view  factor  of  the  radiator  panel.  Section  6.7  shows  how  to 
model  the  boundary  conditions  of  a  condensing  radiator. 

Flow  Boundary  Conditions.  Table  6.2  summarizes  the  possible  flow  boundary 
conditions.  Either  the  mass  flow  rate  (m)  or  the  total  pressure  drop  (AP,ot)  may  be  specified. 

6.3.2  Preliminary  Calculations 

Before  beginning  the  calculations  for  successive  segments  in  the  condenser,  several 
global  parameters  must  be  calculated.  Note  that  for  cases  in  which  the  condenser  geometry  is 
not  constant,  such  as  a  tapered-lube  condenser,  these  parameters  must  be  recalculated  for  every 
segment. 

Hydraulic  Diameter.  D|,.  The  hydraulic  diameter  is  defined  as: 


where 


cross  sectional  area  for  fluid  flow  (m^). 
internal  perimeter  of  the  condenser  tube  (m). 


Table  6.2.  FLOW  BOUNDARY  CONDITIONS  FOR  SHEAR  CONDENSER  ANALYSIS 


BOUNDARY 


FLOW  R.ATE 


REQUIRED 


PRESSURE  DROP  AP„ 


Mass  flow  rate 


Total  pressure  drop 


UNITS 

kg/s 
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Dimensionless  Segment  Length.  Az*.  The  dimensionless  segment  length  is  the  actual 
segment  length,  Az,  divided  by  the  hydraulic  diameter  of  the  tube; 


Az*  t=  g£  (6-5) 

Mass  Flux^Ratio.  R^.  The  mass  flux  ratio  is  a  dimensionless  number  which 
characterizes  the  condensation.  It  is  proponional  to  die  ratio  of  condensing  mass  flux  to  the 
mass  flux  flowing  through  the  tube. 


where 


Tjai  =  saturation  temperature  (K), 

T2  secondary  temperature  (K), 
ki  =  thermal  conductivity  of  liquid  (W/m-°C), 
G  =  mass  flux  through  condenser  (kg/m^-s), 
hfg  =  heat  of  vaporization  (J/kg). 


(6-6) 


Liquid-Only  Reynolds  Number.  Rciq.  This  is  the  Reynolds  number  calculated  as  if  all 
fluid  in  the  tube  were  in  the  liquid  phase. 


Reio  - 


Ml 


(6-7) 


where  =  viscosity  of  the  liquid  phase  (kg/ra*s). 

Liquid  Prandtl  Number.  Pti.  This  is  the  Prandtl  number  of  the  liquid  phase. 

Pr,  =s 


(6-8) 


where  Cpi  =  specific  heat  of  the  liquid  phase  (J/kg-K). 

Liquid-Oniv  Nusselt  Number.  Nu^^.  This  is  the  Nusselt  number  calculated  as  if  all 
fluid  were  in  the  liquid  phase. 


Nuio 


0.023  RejoO  S  Pr,o.4  (Re,o  >  1.‘'00) 
3.66  (Reio  ^  1500) 


6.3.3  Segment  Calculations 

Within  each  segment  there  are  four  basic  calculations: 

•  Flow  regime, 

•  Heal  transfer, 

•  Void  fraction,  and 

•  Pressure  drop. 


(6-9) 
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This  section  covers  the  general  procedure  for  calculating  the  change  in  fluid  quality  and 
pressure  within  each  segment.  Tue  detailed  constitutive  relationships  which  are  used  to 
calculate  the  heat  transfer  coefficient,  pressure  drop,  and  void  fraction  depend  on  the  flow 
regime  in  the  segment.  These  regime-dependent  calculations  are  covered  in  Sections  6.4 
(condensing  heat  transfer  coefficient),  6.5  (pressure  drop),  and  6.6  (void  fraction). 

Flow  Regime.  The  flow  regime  is  calculated  at  the  inlet  of  each  segment.  The 
simplified  flow  regime  criteria,  applicable  for  spacecraft  accelerations  less  than  0.0 Ig,  or 
sraail-diameter,  horizontal  tubes,  are: 


0.80 

a 

< 

l.OO  => 

ANNULAR 

0.45 

a 

0.80  => 

SLUG 

0.00 

< 

a 

< 

0.45 

BUBBLY 

a 

0.00  => 

SINGLE-PHASE 

Heat  Tran.sfer.  Heat  transfer  in  a  segment  is  calculated  with  the  following  procedure: 


1.  Calculate  the  Nusselt  number. 

2.  Calculate  the  fluid  temperature, 

3.  Calculate  the  change  in  fluid  quality. 


1.)  Calculate  the  Nusselt  number.  The  Nusselt  number  calculation 

local  flow  regime  in  the  segment,  as  well  as  the  choice  of  constitutive  model. 

is  detailed  in  Section  6.4.  The  result  of  this  calculation  is  the  Nusselt  number 

condensation,  Nu^: 

^  « 


depends  on  the 
This  calculation 
for 
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where  he  =  heat  transfer  coefficient  for  condensation  (W/m^-K), 

Dh  =  hydraulic  diameter  of  the  condenser  tube  (m), 
ki  =  thermal  conductivity  of  the  liquid  phase  (W/m-K). 


2.)  Calculate  the  fluid  temperature.  The  fluid  temperature  is  equal  to  the  saturation 
temperature  if  vapor  and  liquid  are  both  present  in  the  segment.  After  the  vapor  has 
completely  condensed,  the  temperature  of  the  single-phase  liquid  drops  due  to  further  cooling. 


Calculate  fluid  temperature  by: 


(P)  X  S  0.0 

Tsat(P)  +  ^  X<0.0 

'“pl 


Where 


Tf  =  local  fluid  temperature  (K), 

Tsai  =  saturation  temperature  corresponding  to  local  pressure  (K), 
p  =  local  pressure  (Pa), 

X  =  fluid  quality  at  the  inlet  to  the  segment  (-), 
hfg  =  latent  heat  of  vaporization  (J/kg), 

Cpi  =  heat  capacity  of  the  liquid  phase  (J/kg-K). 


(6-11) 


When  the  quality  is  negative,  the  second  equation  in  6-11  produces  a  subcooled  temperature. 


6-15 


3.)  Calculate. the.ehange  in  fluid  quality.  The  change  in  fluid  quality  in  a  segment 
depends  on  the  amount  of  heat  uunsfer.  The  heat  transfer  calculation  depends  on  whether  the 
boundary  condition  is  convective  or  radiative  heat  transfer. 


For  the  convective  boundary  condition,  the  change  in  quality  is  calculated  by: 


Ax 


Az‘ 


Nu^ 


1  ^  w 


TcT, 

t  5  at  ‘  i  5 


(6-12) 


The  denominator  of  the  first  term  contains  three  terms,  corresponding  to  the  heat  transfer 
resistances  in  the  condensate  film,  tube  wall,  and  external  heat  transfer.  The  second  term  in 
Equation  6-12  is  equal  to  1.0  in  the  two-phase  region  of  the  condenser  and  decreases  in  the 
single-phase  region  as  the  liquid  becomes  subcooled  and  approaches  the  secondary 
temperature. 


The  radiative  boundary  condition  leads  to  a  non-linear  equation  for  the  heat  transfer 
rate,  so  calculating  the  change  in  quality  is  not  as  simple.  Two  equations  must  be  solved 
simultaneously  to  calculate  the  heat  transfer  by  equating  the  heat  transfer  inside  the  condense^ 
to  the  heat  removed  by  radiation.  The  heat  removed  by  radiation  is: 

q'  =  P2<roe(T,4.T24).P2q;;„,  (6-13) 


where 


q'  =  heat  transfer  per  unit  length  of  condenser  (W/m), 

‘leov  *  absorbed  orbital  average  heat  flux  (W/m^), 

pj  ss  total  perimeter  for  radiation  (m), 

Oo  ss  Stefan-Boltzmann  constant  (5.67x10-8  W/m2-K4), 
e  =:  emissivity  of  the  radiator  surface  (-), 

Tx  -  average  effective  temperatiu’e  of  the  radiator  surface  (K). 


The  heat  removed  by  condensation  inside  the  condenser  tube  and  conduction  through  the 
surrounding  structure  is: 


q'  =  - -  (6-14) 

The  only  unknowns  in  Equations  6-13  and  6-14  are  q'  and  T,,  the  average  effective 
temperature  of  the  radiator  surface,  These  two  equations  must  be  solved  for  these  two 
variables.  In  the  MICROCON  program,  an  initial  estimate  for  q'  is  calculated  using 
Equation  6-13  assuming  that  T*  is  equal  to  Tf.  Then  a  bisection  search  is  used  to  calculate  the 
value  of  q'  for  which  T^  calculated  from  both  equations  is  equal. 

Once  q'  has  been  calculated  for  the  radiator,  the  change  in  quality  is: 

Ax  =  SIAL  (6-15) 

m  h(g 


where  Az  =  segment  length  (m). 
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Void  Fraction.  Once  the  quality  at  the  segment  exit  is  known,  the  next  step  is  to 
calculate  the  void  fraction.  The  exit  quality  is  calculated  by  subtracting  the  change  in  quality 
(Ax)  from  the  inlet  quality.  The  void  fraction  at  the  segment  exit  is  then  calculated  from  the 
exit  quality  depending  on  the  local  now  regime.  The  regime-dependent  methods  for 
calculating  the  void  fraction  are  detailed  in  Section  6.5 

Press^e  Drop.  The  pressure  drop  in  the  segment  is  now  calculated  based  on  the 
average  quality  and  void  fraction.  The  results  of  these  calculations  are  four  pressure  drop 
components  which  are  summed  to  yield  the  overall  pressure  drop  in  the  segment: 


AP  APf  +  AP»  +  APg  +  APt 


(6-16) 


where 


AP  =  total  pressure  drop  in  the  segment  (Pa), 

APf  =  pressure  drop  due  to  friction  (Pa), 

APj  =  pressure  drop  due  to  fluid  deceleration  (Pa), 

APg  =  pressure  drop  due  to  body  forces  (Pa), 

AP,  2:  pressure  drop  due  to  taper  of  the  condenser  tube  (Pa). 


Calculation  of  each  component  of  the  pressure  drop  depends  on  the  local  flow  regime.  These 
calculations  are  detailed  in  Section.  6.6. 


6.3.4  Calculation  of  the  Entire  Condenser  Tube 

Segment  calculations  are  performed  in  sequence  to  calculate  the  performance  of  an 
entire  condenser  tube.  There  are  two  basic  steps  in  the  tube  calculation; 

1. )  Calculate  inlet  conditions  to  the  first  segment, 

2. )  Calculate  each  segment  in  the  condenser. 

Inlet  conditions  for  the  entire  tube  are  calculated  from  program  inputs  such  as  the  inlet  quality 
and  mass  flow  rate.  The  inlet  conditions  for  each  segment  are  either  the  tube  inlet  conditions 
or  the  exit  conditions  from  the  previous  segment. 

Number  of  Segments.  We  recommend  that  the  condenser  be  modeled  with  at  least 
100  segments  so  that  the  conditions  in  each  segment  are  relatively  constant. 

Inlet  Conditions  to  the  Conden.'^r  Tube.  The  total  mass  flow  rate  and  the  quality  at  the 
inlet  of  the  condenser  tube  are  known  inputs  to  the  problem.  (See  Table  6.1).  The  void 
fraction  at  the  inlet  is  calculated  assuming  annular  flow.  Ruid  properties  at  the  inlet  are 
calculated  for  saturated  liquid  and  vapor  at  the  inlet  pressure. 

Calculate  Each  Segment  in  the  Condenser.  Once  the  inlet  conditions  to  the  condenser 
tube  have  been  calculated,  each  segment  is  calculated  in  turn.  Fluid  properties  are  recalculated 
at  the  inlet  of  each  segment  The  flow  regime  and  heat  transfer  in  the  segment  are  evaluated 
based  on  the  inlet  quality  and  void  fraction.  Next  the  exit  quality  is  calculated  from  the 
amount  of  heat  transfer.  The  void  fraction  at  the  exit  of  the  segment  is  then  calculated  based 
on  the  exit  void  fraction  and  the  local  flow  regime.  The  average  quality  and  void  fraction  in 
the  segment  are  calculated  based  on  the  inlet  and  outlet  values,  and  the  pressure  drop  in  the 
segment  is  calculated  based  on  these  average  values. 
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6.3.5 


M&ss  Flow  Rile  Iteratioiii  for  Specified  Pressure  Drop 

MICROCON  contains  procedures  to  calculate  the  mass  flow  rate  through  a  condenser 
tube  with  a  specified  pressure  drop.  This  iteration  contains  three  basic  steps: 

1. )  Estimate  the  mass  flow  rate, 

2. )  Calculate  the  pressure  drop, 

3. )  Modify  the  mass  flow  rate. 

A  rough,  initial  estimate  of  the  mass  flow  rate  is  made  from  the  specified  pressure  drop  based 
on  some  simplifying  assumptions  about  the  flow.  Then  the  pressure  drop  through  a  condenser 
tube  is  calculated  using  the  standard  MICROCON  procedures  described  in  the  previous 
sections.  The  calculated  pressure  drop  is  compared  to  the  specified  pressure  drop.  The  mass 
flow  rate  is  modified  based  on  this  comparison,  and  iterations  continue  until  the  calculated  and 
specified  pressure  drops  agree. 

First  Estimate  of  the  Mass  Flow  Rate.  The  initial  estimate  of  the  mass  flow  rate  is 
based  on  a  simplified  analysis  of  the  pressure  drop  which  assumes  that: 

•  The  void  fraction  is  constant  over  the  entire  tube, 

•  The  void  fraction  is  equal  to  the  inlet  void  fraction, 

•  Frictional  pressure  drop  can  be  calculated  with  a  simplified  liquid-phase 
momentum  balance,  and 

•  The  tube  has  no  taper. 

Under  these  assumptions,  the  friction  pressure  drop  is: 

where  fv,^ 

L 

^in 

G 
Ff 

The  pressure  drop 


where  a 

e 

The  pressure  drop 


where  Fj 


=  liquid-only  friction  factor,  assume  fv^^  =  0.005. 

=  total  length  of  the  condenser  tube  (m), 

=  inlet  qujdity, 

=  void  fraction  at  the  inlet, 

=  total  mass  flux  (liquid  and  vapor  phases)  (kg/m^-s) 

=  4f  L  (1-XJ2  1 

due  to  body  forces  is  estimated  by: 

APg  =  -  [  (l-ajp,  +  Oinpg  ]  L  a  cos0 
=  spacecraft  acceleration  (m/s2), 

=  angle  between  flow  and  body  force  vector  vectors  (rad), 
due  to  fluid  deceleration  is  calculated  by; 


AP,  = 


1  ^m^Pl  (1-Xtn)2 


G2 


«iD  Pi'  1  J  Pi 
m  1  L 

OL„  Pa  l-ttin  Pi 


=  F,G2 
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(6-19) 

(6-20) 
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Then  the  mass  flow  rate  is  first  estimated  by: 


where  Ff  and  F^  are  the  frictional  and  acceleration  pressure  drop  factors  defined  in 
Equations  6.17  and  6.20. 
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Calculate  the  Pressure  Drop.  Calculate  the  heat  transfer  and  pressure  drop  along  the 
entire  condenser  tube  with  a  mass  flux  of  Ge«  as  described  in  Sections  6.4  through  6.6.  The 
components  of  the  pressure  drop  calculated  in  this  procedure  are  APf.ejt  (friction),  APa.est  (fluid 
deceleration),  AP.,est  (body  forces),  and  (taper).  The  total  estimated  pressure  drop  is 

AP  * 


Modify,  the -Mass  Flow  Rate.  Calculate  an  improved  estimate  for  the  mass  flux  based 
on  the  pressure  drop  calculations.  The  calculation  is  based  on  the  ratio  of  the  pressure  drop 
components  calculated  from  the  last  estimate  for  the  mass  flux  to  the  total  pressure  drop 
specified  for  the  condenser  tube: 


^0€W 


=  G 


est 


APto,  -  AP 


eit 


V 


-  AP 


a’cst 


t'e  s t 


0.5 
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Stop  Iterations.  When  the  estimated  pressure  drop  (AP(ot.est)  is  within  0.1%  of  the 
specified  pressure  drop,  stop  the  iterations.  The  last  value  for  Ggst  is  the  mass  flux  through  the 
condenser  tube. 


6.4  Condeasing  Heat  Transfer  Coefficient 

The  change  in  quality  in  a  segment  (Section  6.3.3,  equation  6-12  or  6-15)  depends  on 
the  Nusselt  number  for  condensation.  A  high  Nusselt  number  corresponds  to  a  large  heat 
transfer  coefficient  and  implies  very  effective  heat  transfer.  The  Nusselt  number  depends  on 
the  flow  regime,  since  the  heat  transfer  depends  on  the  relative  locations  in  a  segment  of  the 
liquid  and  vapor  phases.  This  section  presents  the  methods  used  to  calculate  the  Nusselt 
numbers  for  each  flow  regime  in  a  shear  condenser. 


6.4.1  Annular  Flow 

Most  heat  transfer  usually  occurs  in  the  annular  flow  regime  because  the  vapor  is  much 
less  dense  than  the  liquid.  As  a  result,  the  void  fraction  remains  high  even  at  low  values  of  the 
quality.  Because  the  annular  regime  is  key  to  designing  the  condenser,  the  design  methods  for 
the  annular  regime  are  more  detailed  than  for  the  other  regimes.  The  first  step  is  to  calculate 
the  dimensionless  thickness  of  the  liquid  film.  Thin  films  are  laminar,  while  thick  films  are 
turbulent. 

If  the  film  is  laminar,  then  the  Nusselt  number  is  calculated  by  a  simple  analysis  of 
heat  conduction  across  the  liquid  film.  If  the  film  is  turbulent,  then  there  are  three  options  for 
calculating  the  condensing  Nusselt  number: 

•  Metliod  of  Rohsenow,  et  al.  (1956), 

•  Method  of  Soliman.  et  al.  (1963), 

•  Method  of  Shah  (1979). 
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The  method  of  Rohsenow,  et  al.,  is  recommended  and  the  alternate  models  are  useful  for 
sensitivity  studies  or  detailed  analysis  of  test  data.  The  following  paragraphs  detail  the 
calculations  according  to  each  method. 

Dimensionless  Film  Thickness.  The  first  step  is  to  calculate  the  dimensionless  film 
thickness,  which  characterizes  the  liquid  flow.  First  calculate  8,  the  actual  film  thickness: 

5  =  (6-23) 

where  8  ^  film  thickness  (m), 

Db  =:  hydraulic  diameter  of  condenser  tube  (m), 
a  -  local  void  fraction. 


Next  calculate  the  local  velocity  of  the  vapor: 


u 


t 


G  X 

Pg« 


(6-24) 


where 


=  velocity  of  the  vapor  (mys). 

Cl  -  total  mass  flux  (kg/m^-s), 

X  =5  local  thermodynamic  quaility  (-). 


Next  calculate  f/fwg,  the  ratio  of  the  interfacial  friction  factor  to  the  friction  factor  calculated 
as  if  all  fluid  were  vapor: 


f/fwg  =  A  a®  +  C  (1-a)^  (6-25) 

where  A,  B,  C,  and  D  are  empirical  coefficients.  The  values  of  the  coefficients  depend  on  the 
model  selected  for  the  interfacial  shear.  Table  6.3  presents  values  for  the  empirical 
coefficients  for  several  interfacial  shear  correlations.  The  method  of  Chen  is  recommended 
generally  for  design  calculations  if  more  accurate  data  is  not  available. 

Calculate  the  Reynolds  number  for  the  vapor  phase  alone; 

Reg  =  (6-26) 


Table  6.3.  E.MPIRICAL  COEFFICIENTS  FOR  fj/fv,g 


Correlation 

Coefficient  for 

=  Act®  +  C(1  -  a)^ 

A 

B 

C 

D 

Chen 

1 

0 

6.8 

0.39 

Wallis 

1 

0 

75 

1 

Duschatko 

1 

0 

2.5 

0.39 

Smooth  film 

1 

0 

0 

0 

Rough  film 

10 

0 

0 

0 
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Next  calculate  fwi,  the  friction  factor  calculated  for  the  vapor  phase  alone; 


‘W| 


Then  calculate  the  wall  shear: 


0.046  Reg“<>-2 


r'Re 


I 


(Reg>  1500) 
(Reg  £  1500) 


-  twg(f/fwg) 


where  s  wall  shear  (Pa). 

The  dimensionless  film  thickness  is: 


^  = 


S 

Vl 


where 


Vj  =  kinematic  viscosity  of  the  liquid  (mVs). 

The  value  of  5+-  indicates  whether  the  liquid  flow  is  laminar  or  turbulent: 

<  6  =>  laminar  film, 

5^-  ^  6  s:>  turbulent  film. 


(6-27) 


(6-28) 


(6-29) 


(6-30) 

(6-31) 


If  the  film  is  laminar,  calculate  the  Nusselt  number  according  to  the  laminar  film 
section  below.  If  the  film  is  turbulent,  calculate  the  Nusselt  number  according  to  one  of  the 
three  turbulent  film  models  detailed  in  the  paragraphs  following  the  lamina/  film  discussion. 

Nusselt  Number  for  Laminar  Films.  In  a  laminar  liquid  film,  heat  uansfer  is 
accomplished  by  conduction  across  the  film.  In  this  case,  the  Nusselt  number  is  calculated  by: 


Nu,  = 


(6-32) 


Method  of  Rohsenow.  The  method  of  Rohsenow  is  recommended  for  turbulent  films. 
It  is  the  most  mechanistic  of  the  three  annular  condensation  models  and  has  been  qualified 
through  comparison  with  condenser  test  data.  In  this  method,  the  Nusselt  number  depends  on 
the  dimensionless  film  thickness. 


First  calculate  the  factor  F2,  which  depends  on  5^.  For  low  values  of  (between  6.0 
and  30),  use  this  equation: 


F2  =  5  Pq  +  5  In 


1  +  Pri(^  -  1) 


(for  6  S  5+-  ^  30) 


(6-33) 


where  Prj  is  the  Prandtl  number  of  the  liquid  phase. 


6-21 


(for  h  30) 


(6-34) 


For  high  values  of  5^,  use  this  equation: 

F2  -  5  Pr,  +  5  ln(l  +  5Pr,)  +  2.5  ln(3) 
Next  calculate  the  condensing  Nusselt  number: 


(6-35) 


Rohsenow  et  al.  (1956)  provide  a  detailed  analysis  leading  to  these  equations. 

Method  oFSoliman..et  aK  In  this  method  there  is  a  single  equation  to  calculate  the 
condensing  Nusselt  number: 


Nuc  =  0.036  5^-^Pri0.65 


(6-36) 


Soliman  et  al.  (1968)  explain  the  analysis  and  derive  this  equation. 


Method  of  Shah.  Shah’s  correlation  is  the  most  empirical  of  the  three  methods  for 
turbulent  liquid  films.  The  equation  for  the  Nusselt  number  is: 


where 


6.4.2 


Nu, 


Nu,o 


r[(l-X)0.  83  +3.8x10- 76(l.x)0.  04) 


(6-37) 


=  local  thermodynamic  quality, 

=  the  local  fluid  pressure  (Pa), 
a  the  critical  pressure  of  the  fluid  (Pa), 

a  Nusselt  number  calculated  as  if  all  flow  were  liquid  (Equation  6-9). 


Slug  Flow 


Slug  flow  typically  follows  the  annular  regime.  In  slug  flow  the  vapor  phase  forms 
elongated  bubbles  which  are  located  cenually  in  the  pipe.  The  liquid  p.base  forms  slugs  which 
separate  the  bubbles  and  also  a  film  surrounding  the  bubbles.  The  design  methods  include  an 
ad-hoc  model  for  heat  mansfer  in  the  slug  flow  regime.  Heat  transfer  is  modeled  as  a 
time-averaged  combination  of  single-phase  heat  transfer  from  the  liquid  slugs  and 
condensation  of  the  vapor  bubbles.  An  empirical  enhancement  factor  is  recommended  to 
model  developing  flow  effects  which  greatly  increase  the  rate  of  heat  yansfer  to  the  slugs. 


Figure  6.7  illustrates  the  vapor  and  liquid  flow  pattern  in  the  slug  regime.  Bubbles  of 
length  Lb  are  separated  by  slugs  of  length  L,.  The  totaJ  length  of  a  slug  plus  a  bubble  is  L,o(. 
As  vapor  condenses,  the  bubbles  grow  shorter.  The  average  velocity  of  the  liquid  in  the  slugs 
is  the  total  volumetric  flux,  j.  The  bubbles  are  surrounded  by  a  liquid  film  which  is  essentially 
motionless  because  there  is  almost  no  shear  acting  on  it  (the  pressure  drop  in  a  bubble  is  close 
to  zero).  Thus  the  bubble  velocity  Ub  is  equal  top(l-m),  where  m  is  the  area  fraction  of  tlie 
liquid  film. 


Heat  transfer  in  the  slug  regime  is  controlled  by  convective  heat  transfer  from  the 
liquid  slugs.  Heat  transfer  from  the  slugs  is  quite  efficient  because  the  slugs  are  dominated  by 
turbulent  mixing  and  convective  heat  transfer.  As  a  slug  flows  through  the  condenser  tube,  it 
continually  "scoops  up"  the  liquid  film  which  surrounds  the  bubble  in  front  of  the  slug.  This 
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STATIONARY  FILM 


aow 


Figure  6.7.  SLUG  FLOW  REGIME 


film  has  been  warmed  by  condensation  from  the  bubble,  and  when  it  is  scooped  up.  it  is  mixed 
with  the  liquid  in  the  slug.  Convective  mixing  due  to  developing  flow  leads  to  high  rates  of 
heat  transfer  which  lower  the  temperature  of  the  slug.  Thus  the  film  which  trails  off  the  back 
side  of  the  slug  is  subcooled  and  causes  condensation  of  the  bubble  behind  the  slug. 

The  procedure  for  calculating  heat  transfer  in  the  slug  flow  regime  is: 

1. )  Calculate  the  ratio  of  bubble  to  slug  length, 

2. )  Calculate  the  Nusselt  number  for  the  slugs, 

3. )  Calculate  the  Nusselt  number  for  the  bubbles, 

4. )  Calculate  the  average  Nusselt  number. 

These  steps  are  explained  in  detail  below. 

1.)  Calculate  the  ratio  of  bubble  to  slug  length.  The  ratio  of  the  bubble  length  to 
the  total  length  of  a  bubble  plus  an  adjacent  slug  depends  only  on  the  local  flow  quality  and 
the  vapor/liquid  density  ratio: 


X 


X  +  ga  (i-x) 


(6-38) 


2.)  Calculate  the  Nusselt  number  for  the  slugs.  First  a  Nusselt  number  is  calculated 
as  if  the  flow  in  the  slug  were  fully  developed.  Later  this  Nusselt  number  will  be  increased  by 
an  empirical  factor  to  account  for  flow  development  and  mixing  effects  which  significantly 
increase  the  heat  transfer.  First  calcu’  the  total  volumeunc  flux; 


where  G 


j  =  G 


1-x] 

Pi. 


total  mass  flux  (kg/m^-s). 
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(6-39) 


Next  calculate  the  Reynolds  number  for  the  liquid  in  the  slug: 


RCj  (6^0) 

Ml 

Then  the  Nusselt  number  for  the  liquid  slug,  calculated  as  if  the  flow  were  fully 
developed,  is: 


0.023  Re*o-8Pr,o.4 
3.66 


(Re,  >  1500) 
(Re,  S  1500) 


(6-41) 


3.)  Calculate  the  Nusselt  number  for  the  bubbles.  The  heat  transfer  from  the 
"bubbl'^s''  in  the  slug  regime  is  typically  much  less  than  frona  the  liquid  slugs.  Since  the  vapor 
does  not  touch  the  wall  of  the  condenser  tube,  heat  transfer  occuis  from  the  liquid  in  the  film 
which  surrounds  the  bubble.  These  films  are  almost  always  in  laminar  flow  and  heat  transfer 
is  governed  by  conduction  through  the  film.  As  a  result,  heat  transfer  in  the  film  is  not  very 
efficienL 


Heat  transfer  in  the  liquid  film  depends  on  the  cross-sectional  area  occupied  by  the 
liquid  film.  The  ratio  of  film  area  to  total  area  is  denoted  "m"  and  is  almost  always  equal  to 
0.16: 


m  0.16  (6-42) 

More  precise  methods  for  calculating  m  can  be  found  in  Wallis  (1969).  Put  since  the  heat 
transfer  to  the  film  has  little  effect  on  the  overall  rate  of  heat  transfer,  we  recommend  using 
the  constant  value. 


The  Nusselt  number  for  heat  transfer  from  the  film  is  then  calculated  as  if  the  film 
were  a  steady,  fully  developed  flow; 


NUb 


2 

r-  (l-ra)«-5 


(6-43) 


4.)  Calculate  the  average  Nu.s.selt  numlrer.  Heat  transfer  from  the  condenser  lube  is 
dominated  by  the  convective  heat  transfer  from  the  liquid  slugs.  Thus  the  overall  Nusselt 
number  for  condensation  in  die  slug  regime  is  calculated  by  weighting  the  slug  heat  transfer 
coefficient  by  the  ratio  of  slug  length  to  the  total  length  of  the  slug  plus  a  bubble. 


Nu 


(6-44) 


^  is  an  empirical  constant  which  accounts  for  the  effects  of  flow  development  and  mixing. 
We  recommend: 


<p2  =  12  (6-45) 

Heat  transfer  data  from  slug  condensation  in  ground  tests  (Crowley  and  Sam,  1991)  indicate 
that  condensation  in  the  slug  regime  occuis  much  more  quickly  than  can  be  calculated  based 
on  fully  developed  flow  in  the  slugs.  Calculations  with  an  empirical  factor  of  12  match  the 
condensing  lengths  measured  in  these  experinrents. 
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6.4.3  Bubbly  Plow 

In  the  bubbly  flow  regime,  the  flow  is  modeled  as  homogeneous.  Heat  transfer  is 
calculated  using  single-phase  relationships  with  the  fluid  properties  modified  to  account  for  the 
presence  of  vapor  bubbles  in  the  liquid. 

Calculate  Average  Fluid  Properties.  The  density  and  viscosity  of  the  two-phase  bubbly 
mixture  are  calculated  as  weighted  averages  of  the  single-phase  vapor  and  liquid  values.  The 
two-phase  density  is: 


Pm  s  apj  +  (l-a)pi 
The  two-phase  viscosity  is  calculated  by: 


_  r  X  .  i-x  1-1 

[T.^nrrl 


(6-46) 


(6-47) 


Calculate  the  Two-Pha.se  Revnolds.Number.  The  two-phase  Reynolds  number  is  based 
on  the  total  volumetric  flux  and  the  average  density  and  viscosity.  The  total  volumetric  flux 
is: 


[Pi  Pf  \ 


(648) 


The  two-phase  Reynolds  number  is: 


li 


(6-49) 


Calculate  the  Two-Pha.se  Nus.selt  Number.  The  two-phase  Nusselt  number  for 
condensation  is  now  calculated  with  standard  relations  used  for  single-phase  heat  transfer: 


Nu,  = 


0.023  RemO-8  PtiO-^  (Rem>  1500) 
3.66  (Re„5  1500) 


(6-50) 


6.4.4  Single-Phase  Liquid  Flow 

Heat  nansfer  from  subcooled,  single-phase  liquid  is  calculated  using  standard  relations 
from  die  literature. 


Nuc  = 


0.023  ReioO-sPriO-^  (Reio  >  1500) 
3.66  (Reio  5  1500) 


(6-51) 
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6.5  Void  Fraction 

The  void  fraction  is  equal  to  the  fraction  of  the  condenser  tube  cross  section  which  is 
occupied  by  vapor.  It  is  a  key  parameter  because  it  determines  the  velocities  of  the  liquid  and 
vapor  phases.  Calculation  of  the  void  fraction  depends  on  the  local  flow  regime. 


6.5.1  Annular  Plow 

In  the  annular  flow  regime,  the  void  fraction  is  calculated  based  on  a  momentum 
balance  between  the  vapor  and  liquid  phases.  The  quality  in  a  segment  is  known  from  heat 
transfer  calculations.  Based  on  the  quality,  the  volumetric  fluxes  of  both  the  liquid  and  vapor 
phases  are  known,  so  liquid-only  and  vapor-only  friction  factors  can  be  calculated.  Then  the 
void  fraction  can  be  calculated  from  these  known  quantities. 

The  first  step  is  to  calculate  the  vapor-only  friction  factor.  First  calculate  the  Reynolds 
number  based  on  vapor-only  flow  in  the  segment: 

Re„  =  (6-52) 

8  Mg 

where  x  is  the  average  void  fraction  in  the  segment  (in  MICROCON,  the  value  of  the  quality 
at  both  the  inlet  and  exit  are  known  before  beginning  the  void  fraction  calculation). 

Next  calculate  the  friction  factor  based  on  vapor-only  flow: 


f 


wg 


0.046Reg'O'2  Reg  St  1500 

16/Reg  Reg  <  1500 


The  second  step  is  to  calculate  the  friction  factor  for  liquid-only  flow.  Calculate  the 
liquid-only  Reynolds  number  by: 


(6-53) 


Re,  = 


(6-54) 


where  x  is  the  average  void  fraction  in  the  segment.  Next  calculate  the  friction  factor  based  on 
liquid-only  flow: 


fwi  = 


0.046  Re,^- 2  Re,  >1500 
16/Rei  Rei<l500 


(6-55) 


Finally,  the  void  fraction  is  calculated  with  the  pressure  balance  relationship  for  annular 
flow.  By  setting  the  pressure  loss  due  to  liquid  friction  on  the  condenser  wall  equal  to  the 
pressure  loss  due  to  vapor  friction  with  the  liquid  interface,  a  relationship  can  be  derived 
between  the  void  fraction  and  the  quality.  The  void  fraction  is  calculated  by  solving  this 
relationship  for  or. 


(1  -0)2  f  ^  _  ri-xl2  f^,i  Pg 

®  ^  ^  f wg  .  ^  ,  fwg  Pi 


(6-56) 
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where 


s  the  local  quality, 

^  density  of  the  liquid  phase  (kg/m3), 
=  density  of  the  vapor  phase  (kg/m3), 

-  the  local  void  fraction,  and 

-  the  interfacial  shear  ratio. 


Note  that  the  left-hand  side  of  Equation  (6-56)  depends  only  on  the  local  void  fraction,  since 
fj/fv^^  is  typically  correlat’d  as  a  function  of  the  void  fraction  only.  In  MICROCON,  fj/f^^g  is 
calculated  by; 


f/U  ^  A  a®  +  C  (1-a)^ 


(6-57) 


where  A,  B.  C.  and  D  are  empirical  coefficients.  There  is  a  single  value  of  a  between  0  and 
1.0  which  satisfies  Equation  6-56. 

Since  Equation  6-56  is  nonlinear,  there  is  no  explicit  solution  for  the  void  fraction  as  a 
function  of  the  quality.  In  MICROCON.  a  is  determined  iteratively  using  a  bisection  search. 

6.5,2  Slug  Flow 

In  the  slug  flow  regime,  the  void  fraction  is  calculated  based  on  a  drift-flux  model  for 
the  flow.  Wallis  (1969)  explains  the  derivation  of  these  models  in  detail;  here  we  simply 
present  the  calculations  recommended  for  condenser  design.  In  the  drift  flux  model,  there  are 
two  empirical  coefficients,  Cos  K-  Pof  ^hese  regime  calculations,  Co*  is  approximated  as  a 
constant.  The  k,  coefficient  depends  on  body  forces  which  may  be  acting  on  the  condenser: 


Cos  ^  1.3 

(6-58) 

■  0.35 

e  >  nil 

k,  ^  .  0.0 

9  ^  n/2 

(6-59) 

.  -0.35 

9  >  n/2 

where  0  is  the  angle  (measured  in  radians)  between  the  flow  vector  and  the  body  forces  vector. 
Figure  6.8  illustrates  these  two  vectors. 
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Figure  6.8.  AIKJLE  BETKEEN  CONDENSING  FLOW  AND  BODY  FORCES 
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Next  calculate  the  ratio  of  vapor  to  liquid  volumetric  fluxes,  M: 


Then  calculate  the  volumetric  flux  of  the  vapor  phase,  jgi 

i 

Calculate  a  Froude  number  based  on  the  volumetric  flux  of  the  vapor  phase,  Fg: 

Fg  - - - 

[a  Db(p,-Pg)]o-s 

Finally,  calculate  the  void  fraction  with  this  equation: 


(6-60) 


(6-61) 


(6-62) 


Co,(l+M)  + 


(6-63) 
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6.5.3  Bubbly  Flow 

The  void  fraction  in  the  bubbly  flow  regime  is  also  calculated  based  on  a  drift  flux 
model  for  the  flow.  The  two  empirical  coefficients  have  different  values  in  this  regime: 


kb  - 


Cob  ==  1-2 
d  >  n/2 
Q  <,  nil 


(6-64) 


(6-65) 


where  9  is  the  angle  between  the  flow  vector  and  the  body  forces  vector. 

First  calculate  ratio  of  volumetric  fluxes  (M)  and  the  vapor  volumetric  flux  (jg): 

M  = 

x  Pi 


(These  are  the  same  relations  used  in  the  slug  flow  regime). 

Next  calculate  a  Kutateladze  number  based  on  the  vapor  volumetric  flux: 


(6-66) 


(6-67) 


Kg  = 


a  o  (pi-pg) 


(6-68) 
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Finally,  calculate  the  void  fraction: 


1 

Cobd+M)  + 


(6-69) 


6.5.4  Single-Phase  Liquid  Flow 

In  the  single-phase  liquid  flow  regime,  the  void  fraction  is  always  zero. 


6.6  Pressure  Drop 

This  section  presents  the  detailed  relations  for  calculating  the  pressure  drop  in  each 
segment  of  a  shear  condenser.  There  are  four  contributions  to  the  pressure  drop: 

•  Friction, 

•  Fluid  acceleration  (or  deceleration), 

•  Body  1  )rces,  and 

•  Taper  of  the  condenser  tube. 

Calculation  of  the  pressure  drop  due  to  friction  depends  on  the  local  flow  regime.  Pressure 
drops  due  to  deceleration,  body  forces,  and  tube  taper  are  calculated  the  same  way  regardless 
of  the  flow  regime.  The  total  pressure  drop  in  each  segment  is  the  sum  of  the  four  component 
pressure  drops. 


6.6.1  Total  Pressure  Drop 


Calculate  the  total  pressure  drop  in  a  segment  by  summing  the  four  components  of  the 
pressure  loss: 


where 


AP  =  APf  +  APg  +  AP,  +  AP, 

AP  =  total  pressure  drop  (Pa), 

APf  =  pressure  drop  due  to  friction  (Pa), 

APg  =  pressure  drop  due  to  body  forces  (Pa), 

APg  =  pressure  drop  due  to  fluid  acceleration  (Pa). 

AP,  =  pressure  drop  due  to  taper  of  the  condenser  tube  (Pa). 


(6-70) 


The  following  sections  provide  the  detailed  equations  for  calculating  the  pressure  drop 
components. 


6.6.2  Pressure  Drop  Due  to  Friction 

Friction  is  usually  the  largest  single  component  of  the  pressure  drop.  It  is  also  highly 
dependent  on  the  flow  regime.  The  following  paragraphs  present  the  equations  to  calculate  the 
frictional  pressure  drop  in  the  annular,  slug,  bubbly,  and  single-phase  liquid  flow  regimes.  In 
MICROCON  the  frictional  pressure  drop  in  each  segment  of  the  condenser  is  calculated  based 
on  the  average  void  fraction  in  the  segment. 
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Erietiotial  Pressufe  Drop  in  Annular  Plow.  The  frictional  pressure  drop  in  the  annular 
flow  regime  is  typically  the  largest  single  conuHbution  to  the  total  pressure  drop  in  the 
condenser.  This  is  because  the  gas  velocity  in  the  core  is  highest  in  this  regime.  Pressure 
drops  are  calculated  using  the  vapor-phase  momentum  equation. 

First  calculate  the  Reynolds  number  for  the  vapor  phase: 

Reg  s  (6-71) 

where  x  is  the  average  void  fraction  in  the  segment  (in  MICRCXZON,  the  value  of  the  quality 
at  both  the  inlet  and  exit  are  known  before  beginning  the  pressure  drop  calculation). 

Next  calculate  the  friction  factor  based  on  vapor-only  flow; 


0.046Reg-«-2 

16/Reg 


Reg  S  1500 
Reg  <  1500 


(6-72) 


The  pressure  drop  in  annular  flow  depends  on  the  frictional  shear  suess  between  the  vapor 
phase  and  the  liquid  phase,  which  depends  on  the  interfacial  friction  factor,  fj.  The  interfacial 
friction  factor  is  calculated  by  multiplying  f,^  by  the  ratio  of  interfacial  to  vapor-only  friction 
factors,  fj/fwg.  In  MICROCON  the  ratio  of  friction  factors  is  calculated  based  on  the  void 
fraction: 


f/fwg  =  Aa®  +  C(l-a)^  (6-73) 

where  A,  B,  C,  and  D  are  empirical  constants.  Table  6.3  lists  values  for  the  constants 
determined  by  several  researchers  for  several  correlations  and  bounding  approaches.  We 
recommend  the  Chen  correlation  for  designs  when  more  specific  data  are  not  available. 

Compute  the  frictional  component  of  the  pressure  loss  in  the  segment  using  this 
equation: 


APf  -  Iwg  ^  Az  (6-74) 

Frictional  Pre.ssure  Drop  in  Slug  and  Bubbly  Row.  Frictional  pressure  losses  in  the 
remaining  regimes  are  usually  quite  small  compared  to  the  annular  regime.  Most  condensation 
has  already  occurred,  and  the  velocity  of  the  remaining  vapor  is  small.  Pressure  drops  are 
calculated  using  homogeneous  flow  models  for  the  liquid-phase  momentum  equation. 

First  calculate  the  Reynolds  number  for  the  liquid  phase: 

Re,  =  ^  (6-75) 

where  x  is  the  average  void  fraction  in  the  segment  (in  MICROCON,  the  value  of  the  quality 
at  both  the  inlet  and  exit  are  known  before  beginning  the  pressure  drop  calculation). 
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Next  calculate  the  friction  factor  based  on  liquid-only  flow: 


0.046  Rei-o-a 
16/Re, 


Rei ^  1500 
Rei  <  1500 


(6-76) 


Calculate  the  two-phase  multiplier  based  on  a  homogeneous  flow  model; 

_  1  +  x(pt/p,  -  1) 

^  -  ir  + 

Calculate  the  frictional  pressure  drop: 


(6-77) 


APf  =  -^fwi<>2(l-x)2-Sl  (6-78) 

Frictional  Pressure  Drop  in  Single-Phase  Liquid  Flow.  For  subcooled  liquid,  the 
frictional  pressure  drop  is  calculated  using  standard  techniques  for  single-phase  flow. 

First  calculate  the  Reynolds  number  for  the  liquid  flow: 

Re,  =  (6-79) 

Next  calculate  the  friction  factor  for  the  liquid  flow: 


0.046  Re,-o-2 
16/Re, 


Re,S  1500 
Re, <  1500 


Finally  calculate  the  pressure  drop: 


AP 


Az 


(6-80) 


(6-81) 


6.6.3  Pressure  Drop  Due  to  Body  Forces 

Pressure  losses  due  to  body  forces  may  arise  if  the  spacecraft  undergoes  a  significant 
acceleration.  The  pressure  ioss  depends  on  the  magnitude  and  direction  of  the  acceleration, 
the  liquid  and  vapor  densities,  and  the  void  fraction. 

The  direction  of  acceleration  is  defined  by  the  angle  between  the  body  force  vector  and 
a  vector  which  points  in  *he  direction  of  flow  in  the  condenser.  Figure  6.8  illustrates  the  two 
vectors  and  the  angle,  6.  On  a  spacecraft,  the  body  force  vector  points  in  a  direction  opposite 
the  spacecraft  acceleration.  For  0  =  0,  the  flow  is  with  the  body  force,  and  there  is  a  negative 
pressure  drop.  Thus  the  pressure  drop  due  to  body  forces  is  proportional  to  -cos0. 
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The  pressure  drop  due  to  body  forces  is  calculated  based  on  the  local  void  fraction; 

APg  s  -[apg  +  (1-a)  pil  acos0Az  (6-82) 

where  ot  is  the  average  void  fraction  in  the  segment. 


6.6.4  Pressure  Drop  Due  to  Fluid  Acceleration 

As  fluid  condenses,  its  velocity  decreases,  and  there  is  a  pressure  recovery.  The 
pressure  recovery  is  equal  to  the  difference  between  the  momentum  fluxes  leaving  and 
entering  the  segment  The  calculation  depends  only  on  the  total  mass  flux,  liquid  and  vapor 
densities,  and  the  void  fractions  and  qualities  at  both  ends  of  the  segment. 


The  pressure  drop  due  to  fluid  acceleration  is: 


where 


Xo 

Xi 


XjZ  a-Xj)2- 
ttipg  (l-a,5p, 


=  quality  at  the  segment  exit, 
void  fraction  at  the  segment  exit 
=  quality  at  the  inlet  to  die  segment  and 
=  void  fraction  at  the  inlet  to  the  segment 


(6-83) 


6.6.5  Pressare  Drop  Due  to  Taper  of  the  Condenser  Tube 

Some  condensers  may  have  a  taper  which  results  in  additional  pressure  losses.  A 
tapered  tube  has  dimensions  which  decrease  in  the  direction  of  condensation.  The  purpose  of 
the  taper  is  to  maintain  high  vapor  velocities,  which  increase  the  shear  on  the  liquid  film  to 
keep  it  thin  and  enhance  heat  transfer.  Taper  has  been  found  to  have  only  marginal  heat 
transfer  benefits,  nevertheless  MICROCONf  has  an  option  to  calculate  pressure  losses  in  a 
tapered  condenser  tube. 

The  degree  of  taper  in  the  tube  is  described  by  an  input  parameter  to  the  MICROCON 
code.  The  input  parameter  is  the  rate  of  change  of  flow  area  per  unit  length  of  condenser  tube, 
dA/dz. 


In  tapered  condenser  tubes  each  segment  has  a  different  cross-sectional  area.  In 
MICROCON,  the  local  flow  area,  mass  flux,  and  lube  perimeter  are  recalculated  in  each 
segment.  The  pressure  loss  due  to  the  taper  is  calculated  based  on  the  local  value  of  the  mass 
flux. 


where 


G 

X 

a 

dA 

dz 

Az 


AP  —  G’  f^*x)^ir  dA 

' "  L«^  rr^J 


Az 


the  local  mass  flux  (kg/ra^/s), 
average  quality  in  the  segment, 
average  void  fraction  in  the  segment, 

the  degree  of  taper,  rate  of  change  of  flow 

area  per  unit  length  (m),  and 
length  of  the  segment. 


(6-84) 
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6.7  Diffiensiociess  Design  Charts  for  Condensing  Radiators 

This  section  presents  design  charts  to  solve  three  common  design  problems  for 
condensing  radiators: 

1. )  Calculate  the  effective  one-dimensional  wall  thickness  for  a  radiator 

panel. 

2. )  Determine  the  tube  length  required  for  condensation  and  subcooling  in 

the  radiator,  and 

3. )  Calculate  the  pressure  drop  in  a  condensing  radiator. 

The  design  charts  are  based  on  simplified  models  of  condenser  behavior  and  are  presented  in 
dimensionless  form.  The  charti.  are  useful  for  obtaining  quick  estimates  and  to  verify 
numerical  calculations. 


6.7.1  Modelling  Condensing  Radiators  with  MICROCON 


The  external  boundary  conditions  used  by  these  design  methods  are  flexible  enough  to 
model  heat  transfer  in  a  condensing  radiator  panel.  This  example  shows  how  to  calculate  the 
effective  wall  thickness,  t^^f  (Eq,  6-3),  which  simulates  a  radiator  panel. 

Required  Parameters.  Figure  6.9  illustrates  a  section  of  a  condensing  radiator  panel  and , 
the  key  geometrical  parameters.  To  calculate  the  effective  one-dimensional  wall  thicloiess  for 
a  radiator  panel,  you  will  need  to  know: 


•  T»4,,  the  saturation  temperature  of  the  condensing  fluid  (K), 

•  Tj,  the  effective  heat  rejection  temperature  (K)  (including  effects  of  absorbed 
heat  flux), 

•  P,,  the  internal  perimeter  of  the  condenser  tube  (m), 

•  kf,  the  thermal  conductivity  of  the  condensing  liquid  /W/m-K), 

•  kfui,  the  thermal  conductivity  of  the  radiator  fins  (W/m-K), 

•  tfin,  the  effective  thickness  of  the  radiator  fins  for  heat  conduction  (m), 

•  b.  one-half  the  pitch  between  condenser  tubes  (m), 

•  n,  the  number  of  actively  radiating  sides  (1  or  2), 

•  F.  the  view  factor  for  the  radiator,  and 

•  e,  the  emissivity  of  the  radiating  surface. 


Note  that  for  this  analysis,  the  effective  heat  rejection  temperature  (T2)  must  account  for  the 
absorbed  orbital  average  heat  flux.  So  for  these  calculations  we  assume  q^^^  =  0. 


Calculation  Procedure.  There  are  five  steps  to  calculate  leff: 


1. )  Calculate  the  fin  parameter,  B, 

2. )  Calculate  the  fin  efficiency,  n. 

3. )  Calculate  the  linear  heat  transfer  rate,  q', 

4. )  Calculate  the  effective  average  panel  temperature,  T,*.*, 

5. )  Calculate  the  effective  one-dimensional  wall  thickness,  teff. 

Calculate  the  fin  parameter  B  with  this  equation: 


B 


'4Fgodr,,,3- 
.  ^  f  io^fin  . 


0.5 


(6-85) 
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Figure  6.9.  SEaiON  OF  A  CONDENSING  RADIATOR  PANEL 


Then  the  fm  efficiency,  r],  is: 


„  tanh(bB) 
^ - 5B — 


(6-86) 


The  fin  efficiency  is  then  used  to  calculate  the  linear  heat  transfer  rate: 

q'  =  2nbFnao£(T,/-T24)  (6-87) 

Next  calculate  T^,.  the  effective  average  temperature  on  the  surface  of  the  radiator: 

.25 


T  = 

*  W\ 


2nbCTo€ 


(6-88) 


(The  view  factor,  F,  does  not  appear  in  this  equation  because  MICROCON  does  not  include  a 
view  factor  in  its  calculations.) 

Finally,  use  the  average  panel  temperature  lo  calculate  the  effective  one-dimensional 
wall  thickness,  tgff: 


teff  ~  ^fin  ■  Twx) 


(6-89) 
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Example.  Calculate  the  effective  one-dimensional  wall  thickness  for  the  condensing 
radiator  shown  in  Figure  6.9.  The  condcns‘Jig  fluid  is  ammonia  at  a  temperature  of  300  K. 
The  radiating  condenser  has  the  following  parameters: 

•  Ts,i  =  300  K. 

•  T2-  233  K. 

•  Pi  =  jr  X  2.36x10-3  m  =  7.414x10-3  ra. 

•  kfu,  =2  220  W/ra2-K  (corresponding  to  aluminum), 

•  tr,Q  =  2x0.25  mm  =  0.50x10-3  m, 

•  b  s  0.06  ra, 

•  n  ss  2, 

•  F  1.0 

•  e  =  0.80. 


The  effective  thickness  of  the  radiator  fins  (tf,Q)  is  twice  the  thickness  of  a  single  fin.  This 
would  be  true  even  if  only  one  side  of  the  panel  were  actively  radiating,  because  both  sides  of 
the  panel  would  still  conuibute  to  heat  conduction  from  the  condenser  tube. 


B 


[4Fa^lo-3 
L  f  f  inkfin  J 

r4(l.0)(5.67xl0-*W/m2-K‘» )  (0.8){300K)3lo.5 


■({T.505mF3m  )  ('21 0  ’W/m-X)' 


6.673  m-i 

tanh  ( bB) 

. '■‘HB . . 


‘  wx 


tanh 


(0.06  m)(6.673  m-i) 


— (GM  m)C6.673  m-i ) 

0.950 

2nbF7i<Toea'sai‘*-T2‘*) 

2(2)(0.06  m)(1.0)(0.950)(5.67xlO-8  W/m2-K4)(0.8) 
53.3  W/ra 


(300  K)*  -  (233  K)4 


■_4l_ 

ZnbcToe 


+  T,4 


0.  25 


53.3  W/m 


[2'(2)(0.06"'SD(5.67x  1  0-inV/m^K4)(0.8)’  "" 
297.594  K 


0.  25 
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p 

q 


-  (220  W/m>K)  '^‘5^3^/,^-^-  (  300  K  -  297.594  K) 

=  Q.QIMm 

So  to  use  MICROCON  to  calculate  condensation  in  the  fin  shown  in  Figure  6.9,  use  these 
input  parameters: 

•  Radiation  boundary  condition, 

•  Heat  sink  temperature  of  (T2)  233  K, 

•  Panel  emissivity  of  0.8, 

•  Secondary  perimeter  ("FJ  =  2nb  s  0.24  ra, 

•  Wall  conductivity  of  220  W/m-K,  and 

•  Effective  wall  thickness  of  0.0736  m. 

Analytical  Ba.sis.  The  rate  of  heat  transfer  per  unit  length  of  the  condenser  tube  (q')  is 
determined  almost  entirely  by  the  radiation  and  conduction  resistance  of  the  radiator  panel. 

The  thermal  resistance  of  the  panel  is  summarized  by  the  fm  efficiency,  t).  The  heat  transfer 
resistance  due  to  condensation  is  insignificant  compared  to  the  thermal  resistance  of  the  panel 
(typically  no  more  than  5%,  even  for  tube  diameters  down  to  2  mm).  As  a  result,  q'  is  very 
nearly  constant  throughout  the  two-phase  section  of  the  condenser. 

Figure  6.10  illustrates  analysis  of  heat  transfer  in  the  radiator  panel.  The  temperature 
inside  the  condenser  tube  is  equal  to  Tj^t.  The  temperaiure  at  the  end  of  the  fin  farthest  from 
the  condenser  tube  is  somewhat  less,  de^nding  on  the  balance  between  heat  conduction  in  the 
fin  and  radiation  heat  transfer  from  the  surface.  This  temperature  gradient  is  accounted  for  in 
the  thenaal  model  through  the  fin  efficiency,  i].  Equation  6-86  for  the  fin  efficiency  is  derived 
from  a  linearized  analysis  of  the  differential  equation  which  describes  the  heat  transfer  in  the 
fin: 


^  (T4-T:4)  (6-90) 

in  which  x  Ls  the  distance  from  the  condenser  tube  and  T(x)  is  the  local  temperature  in  the 
radiator  panel.  So  if  the  thermal  resistance  of  die  condensate  film  and  the  condenser  tube 
itself  are  negligible  (which  is  the  case  for  300  K  radiators),  the  linear  heat  uansfer  rate  is  given 
by: 


q'  =  2nbFqaoe(T5ai4-T24)  (6-87) 

in  which  "2nb"  is  the  total  external  perimeter  for  radiation,  F  is  the  view  factor,  and  rj 
accounts  for  the  temperature  drop  in  the  panel. 
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CONDENSER 

TUBE 


Figure  6.10.  ANALYSIS  OF  HEAT  TTIANSFER  IN  A  RADIATOR  PANEL 


Since  q'  can  be  calculated  from  known  radiator  parameters,  the  problem  is  to  calcul^'e 
the  effective,  one-dimensional  wall  thickness  which  simulates  the  radiator  panel  for 
MICROCON.  We  use  Equations  6-13  and  6-14  from  these  design  methods: 

q'  =  P2aoe(Twx‘‘-T2‘')  (6-13) 

q'  =  ^Pi(Twi-Twx)  (6-14) 


where  t*  is  the  same  as  teff  in  this  discussion,  q'j^y  is  zero,  and  we  have  neglected  the  internal 

resistance  of  the  condensing  fluid.  The  thermal  conductivity  in  Equation  6-14,  k^^„  is  equal  to 
the  fin  conductivity,  kfm.  These  are  the  equations  which  MICR(X)ON  uses  to  calculate  q '  for 
problems  with  a  radiative  boundary  condition.  T^,  is  the  average  effective  temperature  of  the 
radiator  panel.  Since  q'  is  known,  we  can  solve  Equation  6-13  for  Tw*: 


T 


WX 


=  [: 


2nbaoe 


0.  25 


where  P2  is  equal  to  2nb.  Then  use  Equation  6-14  to  solve  for  t^ff,  assuming  that  T^  =  Tja,: 


Uff  “ 


(Tsat  ■  Twj) 


(6-91) 
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6.7.2  Estimates  fc'*  Condeositig  Length 

In  condensing  radiators  which  operate  near  300  K,  the  largest  resistance  to  heat  transfer 
is  usually  the  one  due  to  thermal  radiation  outside  the  condenser.  In  tliis  case  the  heat  transfer 
rate  is  constant  along  the  length  of  the  condenser  and  independent  of  the  condensation 
phenomena  inside.  Thus  the  designer  can  easily  determine  the  tube  length  required  to 
condense  and  subcool  the  fluid. 

Required  Parameters.  To  calculate  the  tube  length  for  condensation  and  subcooling, 
you  will  need  to  know; 

•  t),  the  fin  efficiency  calculated  using  Eq.  6-86, 

•  Xi.  the  qual'ty  at  the  inlet  to  the  condenser  tube. 

•  rh,  the  mass  flow  rate  through  the  condenser  tube  (kg/s). 

•  hfg,  the  heat  of  evaporation  of  the  fluid  (J/kg), 

•  the  specific  heat  of  the  liquid  (J/kg-K), 

•  P^,  the  radiating  area  per  unit  length  of  the  condenser  tube  (m), 

•  f.  the  emissivity  of  the  radiating  surface, 

•  Tsj„  the  temperature  of  the  condensing  fluid  (K). 

•  Tjub.  the  subcooled  temperature  at  the  condenser  exit  (K),  and 

•  T2,  the  ultimate  temperature  for  heat  rejection  (K). 

Total  Condenser  Length.  The  condenser  must  be  long  enough  to  condense  all  the 
vapor  and  produce  liquid  with  a  specified  subcooUng.  The  total  length  is  the  sum  of  the  length 
required  for  condensation  and  the  length  required  for  subcooling: 

^tot  “  ^5ub  (6-92) 

where  .  Liot  =  total  condenser  length  (m), 

Lc  =  condensing  length  (ni),  and 

Ljub  =  subcooling  length  (m). 

The  paragrar'  v  ch  follow  provide  equations  to  calculate  the  condensing  and  subcooling 
lengdis. 

Condensing  Length.  The  condensing  length,  Lc,  is  the  length  of  condenser  tube 
required  to  reduce  the  fluid  quality  from  Xj  to  0.  The  condensing  lengUi  is  calculated  by: 


Lc 


mhf„  Xj 


(6-93) 


This  equation  is  derived  from  an  energy  balance  on  the  condenser,  in  which  the  heat  rejection 
dun  to  radiation  is  balanced  by  the  energy  lost  by  the  fluid  in  condensation.  Temperature 
drops  due  to  condensation  and  conduction  through  the  radiator  structure  are  assumed  to  be 
negligible. 


SubcQoling  Le.ogLh.  The  additional  tube  length  required  to  subcool  the  single  phase 
liquid.  Ljub.  is  estimated  by: 


L 


sub 


m 

TiP7 


(6-94) 
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This  equation  is  •Herived  from  an  energy  balance  on  a  differential  length  of  the  condenser,  in 
which  the  heat  rejection  di  ?.  to  radiation  is  balanced  by  the  sensible  heat  lost  by  the  subcnoled 
liquid.  The  differential  relation  is  integrated  from  the  saturation  temperature  to  the  desired 
subcooUng  to  obtain  the  subcooling  length.  For  this  simple  estimate  we  assume  that  the 
temperature  for  ultimate  heat  rejection  is  small  compared  to  the  radiator  temperature  £0  that 
neat  radiated  into  the  condenser  is  much  less  than  the  heat  radiated  away.  If  T2/Tsub  ^  0-56, 
then  subcooling  lengths  calculated  this  way  will  be  accurate  to  within  10%. 

Example.  Suppose  we  wish  to  calculate  the  tube  length  required  to  fully  condense  a 
vapor  stream  entering  the  condensing  radiator  shown  in  Figure  6.9.  The  condenser  has  the 
following  operating  conditions  and  fluid  properties: 

=  0.95. 

=  1.0. 

s  5x10-5  kg/s. 

-  1.16x106  J/kg. 

=  4838  J/kg-K. 

=  0.24  m. 

=  0.80, 

=  300  K, 

=  290  K.  and 
=  120  K. 

The  condensing  length  is: 


=  QJllm 


The  subcooling  length  is: 


I  1  th  Cj, 

L..I,  = 


_i_ 

^  sub'’ 


1  I 

‘saf* 


(6-96) 


(5x10- 5 kg/s) (4838  J/kg-°C)  \  1  1 


4(U:95)(0 . 24  m  67xl0-8W/-Ri^-lC  ^ )(0:8y  [(29(rX]?  '  (3011  TO'^ 

=  Qi}23m 

So  the  total  required  condenser  length  is: 

Ltot  =  ^'c  Lsub  =  0.711  m  +  0.023  m  =  0.731  m 


(6-97) 
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Design  Charts  for  IPressure  Drop 

This  section  presents  universal  design  charts  to  estimate  tiie  pressure  drop  in  a  shear 
condenser.  Since  the  heat  transfer  rate  from  a  condensing  radiator  is  fixed  by  the  temperature 
and  ratio  of  radiating  to  internal  heat  transfer  areas,  the  main  problem  in  condenser  design  is 
estimating  the  pressure  loss  in  a  condenser  tube. 

The  main  component  of  tlie  total  pressure  drop  is  typically  the  frictional  pressure  loss 
in  the  annular  condensation  regime.  Only  in  this  regime  does  the  vapor  have  high  velocities 
resulting  in  a  high  pressure  gradient. 

The  method  presented  in  this  section  applies  only  to  non-tapered  condenser  tubes. 

Required  Parameters.  The  pressure  drop  depends  on  a  large  number  of  parameters.  To 
simplify  the  design  charts,  we  have  eliminated  explicit  dependence  on  fluid  properties  and 
present  charts  which  are  specific  to  several  fluids  which  are  of  most  interest  for  spacecraft 
thermal  management.  Four  design  charts  are  provided  to  estimate  pressure  drop  for  the 
following  fluids: 

•  Ammonia  (NH3), 

•  Rll, 

•  R114,  and 

•  R22. 


These  refrigerants  have  good  heat  transfer  properties  at  a  temperature  of  300  K  and  are  the 
most  likely  candidates  for  spacecraft  systems  or  ground  testing. 

You  will  also  need  to  know; 

•  .  m,  the  mass  flow  rate  in  the  condenser  (hg/s) 

•  *  Lc,  the  condensing  length  (m),  calculated  for  an  inlet  quality  of  LO, 

•  pg,  the  vapor  density  (kg/m^), 

•  Pg,  the  viscosity  of  the  vapor  (kg/m-s), 

•  hfg,  the  heat  of  condensation  of  the  fluid  (J/kg). 

•  A,  the  cross  sectional  arc .  of  the  condenser  tube  (m^),  and 

•  Dh,  the  hydraulic  diameter  of  the  condenser  tube  (m). 


The  condensing  length,  Lj,  should  be  calculated  using  the  methods  described  in  the  previous 
section  (Equation  6-93). 

Finally,  select  a  method  for  calculating  the  ratio  of  interfacial  to  wall  shear,  f/fwg- 
Design  curves  are  presented  for  five  methods; 


Correlation  of  Wallis: 
Correlation  of  Chen. 
Correlaaon  of  Duschatko: 
Constant  high  shear; 
Constant  smooth  interface: 


f/fwg  = 

1  + 

75(l-a). 

f/fwg  = 

1  + 

6.8(l-a)0 

39 

« 

f/fwg  = 

1 

2.5(l-a)o 

39 

1 

f/fw  = 

10. 

and 

f/fw  = 

1.0. 
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Calculation  Procedure.  First  calculate  G.  the  total  mass  flux  through  the  condenser 


tube: 

G  =  ^  (6-98) 

Next  calculate  RCg,  the  Reynolds  number  for  vapor  flow  at  a  quality  of  1.0: 

Re.  =  (6-99) 

Next  refer  to  Figures  6.11  (a)  through  (d).  Select  the  figure  corresponding  to  the  desired 
condensing  fluid.  Locate  the  design  curve  on  this  figure  which  corresponds  to  the  desired 
method  to  calculate  f/f^g.  Locate  the  y-coordinate  of  this  point,  which  is  denoted  AP*. 

Finally,  calculate  the  actual  pressure  drop: 

AP  =  -^--4^AP*  (6-100) 

•^Pg 

Example.  Estimate  the  pressure  drop  in  the  ammonia  radiator.  Use  all  the  input  values 
from  the  previous  examples,  plus  values  for  the  flow  area  in  the  condenser  tube  and  the 
density  and  viscosity  of  ammonia  vapor  at  300  K: 

•  A  =  «/4  X  (0.00236  m)2  =  4.37x10*^  m2, 

•  pj  a  8.26  kg/m3, 

•  Pg  =  1.02x10-5  kg/ra-s. 

First  calculate  the  mass  flux,  G: 

°  °  A  =  /miuXi  -  11.4ke/m2.s  (6-101) 


Next  calculate  the  Reynolds  number  for  all-vapor  flow: 


_  G  Dh  ^  (11.4 kg/m2-s)(0. 00236  m)  _ 

i  -  Tf - rwnmgTnTi - = 


(6-102) 


Next  refer  to  Figure  6.1 1.  Using  the  Chen  correlation  for  f/f^g,  locate  the 
dimensionless  pressure  drop  corresponding  to  a  vapor-only  Reynolds  number  of  6245.  The 
result  is: 


AP*  =  0.065 

Finally,  calculate  the  actual  pressure  drop: 

G2 


AP  = 


Tp; 


(11.4  kg/m2-s)2 
-  TTOOJTmTT 

=  7.87  Pa 

=  154  Pa 


0.711  m 
■0:U023"6"'m 

301 
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(6-103) 


(6-104) 


0.065 

0.06.5 


FLUID:  AMMONIA  AT  300  K 


FLUID:  nil  AT  300  K 


Selection  of  the  fj/fwg  correlation  is  a  key  choice  in  the  condenser  design.  Chen's 
correlation  for  f/fv^  leads  to  a  predicted  pressure  drop  of  154  Pa  for  the  ammonia  radiator. 
Table  6.4  presents  me  results  of  this  calculation  using  alternate  correlations  for  f/fwg>  For  this 
problem,  the  Duschatko  correlation  may  be  more  appropriate,  since  it  was  derived  from 
ammonia  condensation  tests  in  small^diameter  tubes.  The  Duschatko  correlation  leads  to  a 
predicted  pressure  drop  of  only  73  Pa.  Since  fj/fwg  has  such  a  strong  effect  on  the  calculated 
pressure  drop,  and  mechanistic  methods  are  not  available  to  calculate  f/fwa.  the  designer  is 
cautioned  to  choose  carefully.  Ideally  the  correlation  for  f/fwg  should  be  based  on  data  from 
tests  which  closely  approximate  the  design  problem. 

Analytical  Basis.  The  calculation  for  the  frictional  pressure  drop  is  based  on  the 
vapor-phase  momentum  equation  for  annular  flow.  The  pressure  drop  due  to  friction  in  the 
vapor  phase  is  equal  to  the  dynamic  pressure  of  the  vapor  (p-Uj2/2)  multiplied  by  an  interfacial 
friction  factor  (fj)  and  the  ratio  of  vapor  cross  sectional  area  to  mterfacial  perimeter  (4/Dj, 
where  D,  is  the  diameter  of  the  vapor  corel; 


where  Ug  .2  the  vapor  velocity  (m/s), 

fj  =  the  interfacial  friction  factor,  and 
Dj  =  diameter  of  the  vapor  core  (m). 

In  annular  flow,  the  vapor  core  diameter  is  equal  to  the  total  tube  diameter  multiplied  by  the 
square  root  of  the  void  fraction: 


Dj  s  Dh  ^/IcT  (6-106) 

Also,  the  vapor  velocity  is  equal  to  the  vapor  superficial  velocity  (jg  =  Gx/pg)  divided  by  the 
void  fraction: 


u 


g  " 


G  X 
PgO 


(6-107) 


Table  6.4.  CALCUUTED  PRESSURE  DROP  DEPENDS 
STROIKiLY  ON  fj/fw* 

CORRELATION 

CALCUUTED 

For  fj/fwg 

PRESSURE  DROP 

Chen 

154  Pa 

Duschatko 

73  Pa 

Wallis 

308  Pa 

f./fwg  =  10 

355  Pa 

fj/fwg  =  1.0 

36  Pa 
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The  interfacial  friction  factor  is  equal  to  the  product  of  1)  the  friction  factor  for  vapor-only 
flow  (fv^^),  which  is  calculated  using  single-phase  relationships  and  the  vapor  superficial 
velocity  (jg  -  Gx/pg),  multiplied  by  2)  the  ratio  of  interfacial  to  wall  shear  (f/f^g): 


fi  “  fw|  ^  f/fwg 

Substitute  Equations  6-106  through  6-108  into  Equation  6-105  to  obtain: 

dP  _  4  r  fi  x2  G2 

Multiply  by  dz/dx,  the  tube  length  required  per  unit  decrease  in  quality: 


(6-108) 


(6-109) 


dPdz  _  dP  ^  f  G2dz 

3z  3x  “  clx  “  ’  Db  3x 

dz/dx  is  calculated  from  the  condensation  length: 


dz  _  'Lc  r 
3x  "  ^ 


(6-110) 


(6-111) 


since  for  this  analysis  is  calculated  for  Xi  ^  1.0.  Substitute  Equation  6*1 1 1  into  6-1 10  and 
rearrange  to  obtain: 


dP  _  ^  fi  x2 

2Pg 


(6-112) 


Finally,  integrate  this  equation  from  the  inlet  quality  (xj  =  1.0)  to  the  quality  at  which  the  flow 
regime  changes  to  slug  Ut): 


AP* 


(6-113) 


This  is  the  same  as  Equation  6-100  used  to  calculate  the  frictional  pressure  drop.  Note  that  the 
entire  integrand  is  a  function  of  only  the  quality,  the  liquid/vapor  density  ratio,  and  the  inlet 
Reynolds  number.  The  integral  has  been  evaluated  numerically  and  the  results  are  displayed 
graphically  in  Figure  6.11. 


6.8  Validation  of  Methods 

The  design  methods  have  been  validated  through  comparison  with  tests  of  a  shear 
condenser  at  Creare  and  published  experimental  data.  Five  experimental  systems  have  been 
modelled  using  MICROCON,  and  the  results  have  been  compared  with  the  test  data.  Four  cf 
the  tests  were  run  under  Earth  normal  gravity  with  heat  transfer,  and  the  fifth  is  an  adiabatic 
test  in  microgravity.  There  are  no  data  from  microgravity  tests  with  heat  transfer  that  are 
suitable  for  comparison. 
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6.8.1 


Ovo^  CoDclusiODS  for  VaUdadon 


•  Pressure  drop  calculations  agree  with  reported  pressure  drops  witluu 
experimental  uncertainty  for  all  cases  where  annular  flow  dominates. 
The  pressure  drops  calculated  for  one  case  with  very  short  or  nonexistent 
annular  flow  sections  (and  a  very  low  overall  pressure  drop)  show  larger 
errors. 

•  Heat  transfer  results  agree  very  well  with  Creare  ground  test  data  and  are 
within  20%  of  data  from  Bae. 

•  Heat  tmnsfer  in  the  slug  and  bubbly  regimes  is  higher  than  current 
analytical  models  predict  MICROCON  includes  an  empirical 
coefficient  (02)  to  simulate  high  heat  transfer  coefficients  for  slug 
condensation.  (See  Section  6.4.2) 


6.8.2  Experiments  Used  for  Validation 

Test  results  from  five  experiments  are  used  to  qualify  the  MICROCON  program: 

•  LTV  (heat  transfer,  1-g), 

•  Sundstrand  (adiabatic,  microgravity). 

•  Creare  (heat  transfer,  1-g), 

•  Bae  (heat  transfer,  1-g), 

•  GE  Astro  Space  (heat  Uansfer,  1-g). 

Table  6.5  lists  the  primary  test  parameters  in  these  experiments.  Note  that  all  these  tests  have 
a  convective  heat  transfer  boundary  condition.  However,  the  LTV  tests  have  a  very  large 
external  msistance  to  heat  transfer  which  simulates  the  heat  uansfer  in  a  condensing  radiator. 

LTV.  1-G  Condensation  of  Ammonia.  LTV  Aerospace  and  Defense  Co.  tested  shear 
condenser  tubes  with  ammonia  as  part  of  the  effort  to  develop  condensing  radiators  for  Space 
Station  Freedom  (Duschatho,  1991).  Figure  6.12  is  a  schematic  of  the  test  facility.  Saturated 
ammonia  vapor  enters  the  tube  from  the  left  and  condenses  inside  the  tube.  Liquid  ammonia 
exits  to  the  right.  Cooling  is  provided  by  trichloroethylene  flowing  at  a  high  velocity  through 
a  large-diameter  cooling  tube. 

Figure  6.13  is  a  cross-section  of  the  condenser  and  cooling  tubes.  The  tubes  are 
coupled  by  metal  standoffs  which  provide  a  high,  fixed  thermal  resistance  between  the 
ammonia  and  the  coolant.  Since  the  coolant  flow  rate  is  very  high,  its  temperature  changes 
very  little.  Heat  uansfer  is  conuolled  almost  entirely  by  conduction  through  the  standoffs, 
which  have  a  much  higher  thermal  resistance  than  the  internal  resistance  of  the  condensing 
ammonia.  Thus,  these  tests  are  characterized  by  a  constant  rate  of  heat  uansfer  along  the 
condenser  tube,  which  simulates  a  radiation  boundary  condition  at  a  temperature  of  300  K. 

Key  test  measurements  are;  ammonia  flow  rate,  condenser  tube  temperature,  and 
overall  pressure  drop  in  the  condenser  tube.  The  ammonia  flow  rate  is  measured  by  a  liquid 
flow  meter  located  downsueara  from  exit  of  the  condenser  tube.  The  temperature  of  the 
condenser  tube  is  measured  by  thermocouples  located  along  the  length.  The  condensing  length 
is  indicated  by  the  position  of  the  thermocouple  which  first  detects  a  subcooled  temperature. 

A  differential  pressure  uansducer  measures  the  pressure  drop  from  the  inlet  to  the  exit  of  the 
condenser  tube. 
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SINGLE  TUBE  AP/FLOW  TEST  SETUP 


CONFIGURATION  FOR  TUBE  #1  (0.1175  "  10) 


Figure  6.12.  LTV 's  AMMONIA  SHEAR  CONDENSER 


Figure  6.13.  SHEAR  CONDENSER  TEST  SPECIMEN  AND  COOLING  ARRANGEMENT 
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Sundstrand.  MicrQ^vitv  Data  With  No  Condensation.  The  only  microgravity  data 
suitable  for  comparison  comes  from  an  adiabatic  experiment  performed  by  Sundstrapd  (Chen, 
et  al.,  i989).  TTie  experiment  was  flown  aboard  the  NASA  KC-135  under  reduced  gravity 
conditions  during  Keplerian  flight  trajectories.  Figure  6. 14  shows  the  experimental  apparatus 
used  for  the  tests.  Saturated,  two-phase  Refrigerant- 1 14  flows  through  a  72-inch  straight 
section.  There  are  pressure  taps  at  each  end  of  the  test  section.  The  difference  between  the 
pressures  measured  at  each  end  of  the  test  section  is  reported,  along  with  the  mass  flux,  vapor 
quality,  pressure,  and  average  acceleration  for  each  test  run.  Most  of  the  Sundstrand  data  were 
taken  during  annular  flow.  Slug  flow,  however,  was  observed  at  qualities  from  0.05  to  0. 10. 

Creare.-Condensation  of  Rd  Lat  l-g.  Creare  tested  a  high  shear  condenser  to 
demonstrate  two-phase  thermal  management  components  for  spacecraft  (Crowley  and  Sara, 
1991).  This  facility  was  operated  bo^  on  the  ground  and  aboard  the  KC-135  aL'craft,  but  the 
data  from  the  aircraft  tests  are  dominated  by  transient  effects  and  are  not  suitable  for  validating 
the  MICROCON  design  methods.  Figure  6. 1.5  is  a  schematic  diagram  of  the  facility. 
Refrigerant- 1 1  flows  inside  0.634  cm  (inner)  diameter  pipes  with  cooling  water  flowing  on  the 
outside.  Condensation  occurs  in  six  segments  (condensers  and  subcoolers)  for  a  total  length  of 
1,8  m  (5.9  feet). 

Tne  average  temperature  of  the  cooling  water  in  each  of  the  segments  is  recorded 
independently,  l^e  pressure  drop  is  measured  across  the  first  three  segments  and  across  the 
second  three  segments.  The  quality  at  the  outlet  of  each  section  is  also  reported,  derived  from 
the  heat  transfer  measured  in  the  coolant  motor. 

Bae,  Condensation  of  R-22  at  l-g.  Bae,  et  al.,  performed  experiments  in  l-g  similar  to 
the  Creare  tests  (Bae,  et  al.,  1969).  Figure  6.16  is  a  diagram  of  the  experimental  system. 
Two-phase  Refrigerant-22  flows  through  a  condenser  with  six  sections,  for  a  total  length  of 
5.49  m  (18  feet).  The  R-22  flows  inside  pipes,  with  cooling  water  flowing  on  the  outside  of 
the  pipes.  The  mass  flux  and  saturation  temperature  are  recorded  for  each  tests.  The  R-22 
temperature  is  measured  at  the  inlet  to  each  section  and  the  cooling  water  temperature  is 
measured  at  the  outlet  of  each  section.  The  pressure  drop  actoss  each  section  is  measured  and 
reported  as  well. 

GE  Astro  Space.  Condensation  of  Ammonia  at  l-g.  Fredley  ar.d  Warren  (1990)  present 
ground  test  data  for  an  ammonia  interface  heat  exchanger.  Figure  6.17  shows  Uie 
configuration  of  the  condenser.  The  ammonia  condenser  consists  of  a  helical  flow  path 
wrapped  around  the  evaporator  of  a  cylindrical  heat  pipe.  Vapor  with  a  quality  of 
approximately  1.0  enters  from  the  left,  flows  through  the  helical  condenser  path,  and 
condenses  as  heat  flows  to  the  heat  pipe  evaporator.  Subcooled  liquid  exists  from  the  right. 
During  ground  tests,  the  axis  of  the  condenser  helix  was  horizontal,  and  condensate  puddled  at 
the  bottom  of  the  heat  exchanger. 

The  reported  test  data  consist  of  temperature  measurements  from  thermocouples 
fastened  to  the  outside  walls  of  the  condenser.  Thermocouples  were  located  on  both  the  top 
and  bottom  of  the  heal  exchanger  to  detect  differences  in  temperature  which  indicate  puddling. 
The  measured  pressure  drops  are  not  reported. 
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Figure  6.14.  SUNDSmND  TEST  FACILITY 
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Figure  6.15.  CREARE  TEST  FACILITY 
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CONDENSER 


Figure  6.16.  BAB  ET  AL.  TEST  FACILITY 
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Figure  6.17.  AMMONIA  INTERFACE  HEAT  EXCHANGER 
(Frcdley  and  Warren,  1990) 
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6.8.3  CompariB^  of  Data  With  MICROCON  Calculatioos 

MICROCON  calculations  agree  well  with  the  experiraentai  data.  Pressure  drops  are 
generally  accurate  to  15%  for  the  cases  of  most  interest,  and  outlet  qualities  are  predicted  to 
within  15%  (with  one  exception).  These  results  are  achieved  using  various  models  for  the 
interfacial  shear  ratio  and  the  default  model  (Rohsenow's)  for  the  Nusselt  number.  Table  6.6 
summarizes  the  comparisons  between  MICROCON  calculations  and  the  test  data.  When  the 
MICROCON  predictions  are  not  within  20%  for  the  pressure  drop,  they  are  still  within  the 
error  bands  on  the  experimental  data. 

LTV  hg^Conden^r  Experiments.  These  tests  validate  the  pressure  drop  models  for 
condensation  under  conditions  which  are  prototypical  for  spacecraft  radiators.  Predictions  are 
accurate  for  a  range  of  tube  sizes,  mass  flow  rates,  and  condensing  lengths  in  which  the 
pressure  drop  varies  by  over  two  orders  of  magnitude.  Overall  level  of  agreement  is  within 
20%  for  sm^er  tubes  with  higher  pressure  drops  (up  to  10  psid).  Agreement  is  within  35% 
for  tests  in  larger  diameter  tubes  in  which  the  pressure  drop  is  only  a  few  inches  of  water. 

Figure  6.18  shows  comparisons  between  measured  pressure  drops  (symbols)  and 
MICROCON  calculations  (solid  and  dashed  lines).  Pressure  drops  are  compared  as  a  function 
of  the  mass  flow  rate  for  condensers  with  diameters  of  1.1  ram.  1.8  mm,  and  2.4  mm  with 
condensing  lengths  of  1.8  and  3.0  meters.  The  condensing  lengths  are  fixed  in  these  tests  by 
adjusting  the  subcooling  of  the  secondary  coolant 

For  the  MICROCON  calculations  we  used  LTV's  recommended  dependence  of  f  on 
the  local  void  fraction  (Duschatko,  1991).  However,  we  did  not  vary  the  f/fwg  correlation  with 
the  size  of  the  condenser  tube,  which  LTV  also  recommends.  Even  without  this  refinement  the 
agreement  between  test  data  and  calculated  pressure  drops  is  good. 

Sundstrand  l~g  Adiabatic  Experiments.  These  tests  validate  pressure  drop  models  for 
aimular  flow  in  raicrogravity.  In  Section  3  of  this  manual  we  have  ^eady  compared  data 
from  this  experiment  with  the  pressure  drop  methods  in  MICROP,  but  here  we  compare  with 
the  methods  in  the  MICRCX^ON  program.  In  the  experiment  there  is  no  heat  Uansfer,  so 
MICRCX30N  was  run  with  no  secondary  subcooling.  The  Chen  correlation  is  used  for  the 
inierfacial  shear  ratio  (fi/fwg)-  Pressure  drops  for  the  experiment  have  been  calculated  for  a 
number  of  different  inlet  qualities.  Figure  6.19  shows  the  measured  and  calculated  pressure 
drops  as  a  function  of  the  inlet  quality.  Very  good  agreement  between  the  calculations  and  the 
measurements  is  achieved,  with  all  calculated  pressure  drops  falling  within  the  error  bands  on 
the  measured  data. 

Creare,  1-g  Condenser  Experiments.  The  Creare  tests  provide  data  to  validate  heat 
transfer  and  pressure  drop  models  over  all  flow  regimes.  Figures  6.20  and  6.21  compare 
MICROCON  calculations  with  heat  transfer  and  pressure  drop  data  reported  by  Crowley  and 
Sara  (1991).  In  these  tests,  the  internal  convective  resistance  in  the  condenser  controls  the  rate 
of  heat  transfer.  Figure  6.20  compares  the  measured  and  calculated  thermodynamic  quality 
along  the  length  of  the  condenser  tube.  With  the  Wallis  model  for  interfacial  shear  and 
Rohsenow’s  model  for  condensation  heat  transfer,  the  condensing  length  is  predicted  to  within 
20%  for  Run  30,  in  which  the  inlet  quality  is  high  (0.80).  However  for  Run  4,  in  which  the 
inlet  quality  was  only  0.20,  the  condensing  length  is  over  predicted  by  about  40%. 
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Figure  6.18.  CBMPARISON  WITH  LTV  COM)ENSBR  DATA 
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Figure  6.19.  CX)MPAR ISON  WITH  SUNDSTRAND  DATA 
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Figure  6.20.  COMPARISON  OF  HEAT  TRANSFER  CALCUUTIONS  WITH  CREARE  DATA 
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Figure  6.21 .  COMPARISON  OF  PRESSURE  DROP  CALCULATIONS  WITH  CREARE  DATA 
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Figure  6.21  compares  pressure  drop  as  a  function  of  the  inlet  quality  to  the  condenser. 
Model  prediction*  (filled  circles)  match  the  test  data  (open  circles)  well,  particularly  at  high 
inlet  qualities,  which  are  of  most  practical  interest. 

It  is  these  tests  which  show  extremely  high  rates  of  heat  transfer  in  the  slug 
condensation  regime.  Observations  during  the  tests  indicate  th<;t  the  complete  transition  from 
annular  to  single-phase  flow  occurs  within  a  .single  30-cm  condenser  segment.  The  heat 
transfer  rate  must  have  been  extremely  high  due  to  efficient  mixing  in  die  liquid  slugs.  Based 
01  this  data,  an  empirical  factor  is  included  for  calculating  heat  transfer  in  the  slug  regime. 

1  ;.e  factor  increases  the  heat  transfer  coefficient  (calculated  for  fully-developed  flow)  to 
account  for  developing  flow  and  mixing  in  the  liquid  slugs.  Section  6.4.2  explains  this 
calculation  in  detaU. 

Bae  1-g  Condenser  Experiments.  These  data  validate  pressure  drop  and  heat  transfer 
models  for  the  annular  flow  regime.  Bae.  et  al.,  conducted  condensing  experiments  wiui  R-22 
in  horizontal  pipes  with  annular  flow  (Bae,  et  al.,  1969).  Figures  6.22  and  6.23  show  the 
quality  as  a  function  of  position  along  the  pipe  for.  respectively,  the  experiments  designated 
Run  2  and  Run  6.  The  calculated  quality  correlates  well  with  the  measured  quality. 

There  are  six  sections  to  the  condenser.  The  temperature  of  the  primary  fluid  is 
measured  at  the  beginning  of  each  section.  Secondary  coolant  temperature  and  flow  rate  is 
measured  at  the  ouUet  of  each  section,  and  the  temperature  difference  of  the  secondary  coolant 
is  measured  for  each  section.  The  pressure  drop  in  each  segment  is  also  reported. 

The  secondary  coolant  temperatures  yield  an  estimate  of  the  average  secondary 
temperature  for  each  segment,  The  secondary  heat  transfer  coefficient  for  input  to 
MICR(X!ON  is  taken  from  Bae's  report. 

Since  the  parameters  are  known  for  each  segment  separately,  and  since  the  secondary 
coolant  temperature  changes  between  the  segments,  the  MICROCON  code  solves  each 
segment  separately,  with  the  calculated  output  quality  of  one  section  used  as  the  input  quality 
for  the  next  section.  Chen's  correlation  for  f/f^g  and  Rohsenow  s  model  for  heat  transfer  are 
used  in  the  calculations. 

GE  Asmo  Space  l-g  Ammonia  Condenser.  Figure  6.24  compares  MICROCON 
calculations  with  data  reported  by  Fredley  and  Warren  (1990).  To  calculate  the  wall 
temperatures  from  the  MICROCON  results,  the  local  condensation  (dx/dz)  was  used  to 
calculate  a  local  heat  flux.  The  local  heat  flux  was  then  used  to  estimate  the  wall  temperature 
using  the  heat  transfer  coefficient  for  the  heat  pipe  evaporator.  Calculations  predict  the 
general  trends  in  the  wall  temperature,  but  over  predict  the  condensing  length  by  50%.  The 
analysis  under  predicts  the  heat  transfer  in  these  tests  because  of  liquid  puddling  in  the  low 
elevations  of  the  condenser.  Cooler  temperatures  measured  on  the  bottom  wall  of  the 
condenser  indicate  a  puddle  of  condensate.  Since  the  vapor  must  flow  through  the  stagnant 
liquid,  il:'-  heat  transfer  efficiency  of  the  tube  is  enhanced  compared  to  the  calculations,  which 
do  not  model  the  liquid  pool. 
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7  CONDENSERS:  Capillary  Grooves 

Capillary  condensers  are  heat  rejection  elements  for  heat  pipes  or  themaal  management 
systems  such  as  capillary  punaped  loops.  The  condensation  rate  for  a  capillary  surface  depends 
on  the  amount  of  liquid  that  can  be  pumped  from  the  surface.  The  heat  transfer  coefficient 
depends  on  the  shape  of  the  condensate  film  which  covers  the  surface,  and  the  conduction  heat 
transfer  through  the  film.  These  processes  occur  at  the  scale  of  the  capillary  microstructure, 
which  is  typically  10  to  100  microns  (0.5  to  5  thousandths  of  an  inch). 

This  section  of  the  design  manual  provides  methods  to  calculate  the  performance  of 
capillary  condensers.  There  are  three  calculation  methods: 

•  Methods  to  calculate  the  friction  factor  in  liquid-filled  grooves, 

•  Methods  to  calculate  the  capillary  area  needed  for  a  given  application, 

•  Methods  to  calculate  the  condensation  heat  transfer  coefficient  on  a  grooved 

surface. 

The  friction  factor  in  a  capilla^/  groove  must  be  calculated  to  find  the  pressure 
gradient,  which  can  be  integrated  over  the  length  of  the  groove  to  yield  the  flow  (or  heat 
transfer)  capacity.  The  condensation  heat  transfer  coefficient  relates  the  temperature  drop 
across  the  condenser  to  the  heat  flux.  This  temperature  drop  is  often  a  major  contribution  to 
the  thermal  res*  ance  of  a  heat  pipe. 


7.1  Introduction 

Tli'e  he>it  transfer  (.oefficient  for  capillary  condensation  is  determined  by  heat 
conduction  auoss  th2  liquid  condensate  film  which  coats  the  surface.  Figure  7.1  shows  a 
sectional  view  of  condensation  in  a  rectangular  capillary  groove.  Liquid  in  the  groove  is  under 
suction  which  draws  the  condensate  in  from  adjacent  crests.  The  film  is  thinnest  at  the  comer 
of  the  crest,  and  this  is  where  the  heat  transfer  resistance  is  the  lowest  and  the  condensation 
rate  is  the  highest.  The  heat  flux  in  the  comer  is  much  greater  than  the  average  heat  flux, 
resulting  in  a  significant  temperature  drop.  This  temperature  drop  determines  the  heal  transfer 
coefficient 

The  detailed  shape  of  the  capillary  groove  can  strongly  influence  the  performance.  For 
example.  Figure  7.2  shows  ih'-'  a  deep  rectangular  groove  has  approximately  a  constant 
friction  factor,  because  changmg  the  meniscus  angle  does  not  much  affect  the  overall  flow.  In 
contrast,  the  flow  area  in  a  shallow  groove  depends  sU’ongly  on  the  meniscus  angle.  Large 
suction  results  in  a  small  meniscus  angle  which  increases  the  pressure  gradient  and  reduces  the 
flow  capacity.  For  each  set  of  methods,  detailed  descriptions  are  given  for  determining  the 
performance  of  surfaces  with  rectangular,  trapezoidal,  and  udangular  grove  cross-sections.  In 
addition,  the  performance  of  a  contoured  fin  condenser  is  also  modelled. 

Section  7.2  gives  the  methods  for  calculating  the  pressure  drops  in  rectangular, 
triangular,  and  trapezoidal  grooves.  Sections  7.?  through  7.4  give  methods  for  calculating  the 
heat  U’ansfer  coefficients  on  rectangulai  and  contoured  f  ns.  Sections  7.5  and  7.6  give  the 
methods  for  sizing  capillary  condensers. 
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12  Piessufc  Gradient  in  Capillary  Grooves 

Calculations  of  the  flow  in  a  grooved  surface  condenser  require  a  predicUen  of  the 
pressure  gradient  in  the  fluid  inside  the  grooves.  This  gradient  is  a  function  of  the  fluid 
properties,  groove  geometry  and  the  meniscus  shape.  an  example,  the  rectangular  geometry 
is  shown  in  Figure  7.3.  The  relevant  parameters  for  this  geometry  are: 

•  Groove  half  width  (W).  This  is  the  characteristic  length  used  to  normalize 
other  geometrical  dimensions, 

•  Groove  depth  (d), 

•  Groove  aspect  ratio  (a  s  dy2W), 

•  Groove  longitudbai  coordinate  (z). 

•  Reduced  area  due  to  the  meniscus  curvature  (AJ, 

•  Flat  meniscus  area  (A^,), 

Meniscus  contact  angle 

•  Fluid  dynamic  viscosity  (^), 

•  Flow  velocity  averaged  over  the  nominal  groove  area  (Vo). 


Calculation  Procedure.  The  friction  factors  in  capillary  grooves  were  obtained  by 
solving  numerically  the  Navier-Stokes  equations  for  laminar  flows  in  grooves  of  different 
geometries.  The  three  geometries  considered  here  are:  rectangular  grooves,  triangular  grooves 
and  trapezoidal  grooves.  Figures  7.4  through  7.6  show  calculated  dimensionless  velocity 
contours  for  three  sample  grooves.  The  dimensionless  velocity  is  given  by: 


V 


V 

(dP/dz)(W2/M) 


(7-1) 


The  volumetric  flow  rate  of  the  condensate  over  the  groove  cross-section  was  obtained  by 
integrating  the  flow  velocity  over  the  cross-section  area  bounded  by  the  wetted  perimeter  and 
the  meniscus  curve.  The  results  are  expressed  in  terms  of  a  dimensionless  pressure  gradient 
defined  as: 


r  dP  1 

dz 


* 


(dP/dz) 

/lVo/Dg2 


(7-2) 


where  V°  and  Dg  are  the  averaged  liquid  velocity  and  hydraulic  diameter  for  a  nominal  groove 
with  a  flat  meniscus.  The  results  can  also  be  expressed  in  terms  of  a  friction  factor,  K,  ^fined 
from: 


dP 

SZ 


K 

2ReDb 


(7-3) 


where  Di,  and  Vg  are  the  actual  hydraulic  diameter  and  averaged  liquid  velocity  and 
Reynolds  number  for  the  liquid  flowing  in  the  groove. 


Rg  is  the 
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Figure  7.3.  GFOMFmY  FOR  A  RECTANGULAR  GROOVE 


QOVUOCfTY  CONTOUM  (DDdEHSlOlaESS) 


DaiE.VSIONLESS  WIDTH 


Figure  7.4.  DIMENSIONLESS  VELOCITT  PROFILES  IN  RECTANGULAR  GROOVE 


DIMENSIONLESS  IIEICIIT  .  DIMENSIONLESS  HEIGHT 


ISOVELOCtTV  CONTOUU  (DOlENbiONlESS) 


DIMENSIONLESS  VELOCITY  PROFILES  IN  TRIANGULAR  GROOVE 


ISOVELOCrfY  CONTOCTHS  (DIUEJISIONI.ESS) 
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Using  the  relationships  above,  the  pressure  gradient  may  also  be  expressed  as; 


In  these  methods,  we  focus  on  the  dimensionless  pressure  gradient,  rather  than  the 
friction  factor.  The  local  pressure  gradient  may  be  expressed  either  as  a  function  of  the 
friction  factor,  the  local  Reynolds  number  and  the  locd  hydraulic  diameter,  or  as  a  function  of 
the  dimensionless  pressure  drop  and  the  channel-averaged  liquid  velocity  and  hydraulic 
diameter.  Since  these  channel-averaged  or  nominal  (flat-meniscus)  values  may  be  calculated 
easily,  the  dimensionless  pressure  gradient  gives  the  local  pressure  drop  with  only  a  single 
table  lookup. 

Since  the  friction  factor  and  average  flow  rate  are  a  function  of  the  groove 
cross-section  shape,  a  two-dimensional  boundary-fitted  general  coordinate  code  was  written  to 
solve  the  normalized  Poisson  equation  to  obtain  the  factors.  The  resulting  friction  factors,  K, 
were  built  into  a  computerized  data  base.  This  data  base  is  pan  of  the  MICRCX^AP  software 
suite,  and  is  contained  in  the  files  RECTNG.DAT,  TRIANG.DAT,  and  TRAPZDL.DAT. 

These  data  are  functions  of  groove  aspect  ratio  (a)  and  the  meniscus  contact  angle  (y).  For 
given  (a,y),  a  bicubic  spline  is  used  to  interpolate  the  corresponding  friction  factor. 


7,2.1  Pressure  Gradient  in  Rectangular  Grooves 

This  section  describes  the  procedure  for  calculating  the  local  pressure  gradient  in 
rectangular  grooves  with  a  uniform  curvature  vapor-liquid  interface.  The  rectangular  geometry 
is  shown  in  Figure  7.3.  The  relevant  parameters  are: 

•  Groove  half  width  (W).  This  is  the  characteristic  length  used  to  normalize 
other  geometrical  dimensions. 

•  Groove  depth  (d), 

•  Groove  as^ci  ratio  (a  =  d/2W), 

•  Groove  longitudinal  coordinate  (z), 

•  Area  reduction  due  to  the  meniscus  curvature  (A  J, 

•  Rat  meniscus  area  (Ao), 

•  Meniscus  contact  angle  ()^, 

•  Ruid  dynamic  viscosity  oi), 

•  Row  velocity  averaged  over  the  nominal  groove  area  (Vo). 

o 

The  overall  procedure  is  summarized  as  follows: 

1)  Calculate  flat  meniscus  groove  area: 

Ao  =  2Wd  (7-5) 

2)  Calculate  flow  area  reduction  due  to  meniscus  curvature: 


A^  =  W2 


^  -r 

['TLz'Cyr  ■ 


(7-6) 
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3) 

Calculate  flow  area: 

> 

II 

(7-7) 

Calculate  hydraulic  diameters: 

^  ■  '"(W+^d) 

(7-8) 

(W  +  “dT 

(7-9) 

5)  Use  a  bicubic  spline  to  interpolate  the  friction  factor  K  from  the  rectangular 
groove  data  base. 

6)  Calculate  normalized  pressure  gradient: 


Results  of  these  calculations  are  presented  in  Figure  7.7. 


(7-10) 


The  predictions  of  this  section  may  be  directly  compared  with  other  solutions  presented 
in  the  literature  for  the  limiting  case  of  a  fully  filled  groove.  For  this  case,  the  rectangular 
groove  solutions  from  Kays  and  London  (1984)  may  be  used.  For  the  case  of  an  open  channel 
flow,  the  friction  factor  must  be  compared  to  that  of  a  channel  with  twice  the  height,  so  the 
free  surface  of  the  open  channel  and  the  symmetry  line  of  the  closed  channel  have  the  same 
boundary  condition.  Figure  7.8  shows  the  good  agreement  between  the  solutions  in  Kays  and 
London  and  those  obtained  using  the  methods  of  &s  section.  N(>ie  that,  in  accordance  with 
Kays  and  London,  this  figure  gives  the  Fanning  friction  factor,  rather  than  the  Darcy  friction 
factor  used  in  our  results.  The  Darcy  friction  factor,  when  multiplied  by  four,  gives  the 
Fanning  friction  factor. 


In  addition,  these  methods  were  compared  to  the  calculations  from  Hwangbo  and 
McEver  (1987).  The  authors  of  this  paper  expressed  their  results  in  terms  of  a  groove 

hydraulic  factor  2DfVK.  Comparison  of  their  results  to  those  produced  using  the  methods  of 

this  section  show  good  agreement  between  the  two  solutions. 


7.2.2  Pressure  Gradient  in  Triangular  Grooves 

This  section  describes  the  procedure  for  calculating  the  local  pressure  gradient  in 
triangular  grooves  with  a  uniform  curvature  vapor-liquid  interface.  The  Liangular  geometry  is 
shown  in  Figure  7.9.  The  relevant  parameters  are: 

•  Groove  side  length  (W).  This  is  the  characteristic  length  used  to  normalize 
other  geometrical  dimensions, 

•  Groove  depth  (d), 

*«  Groove  half  angle  (a), 

•  Groove  longitudinal  coordinate  vz), 
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Figure  7.9.  GEOMEmY  FOR  A  TTIIANGULAR  GROOVE 


•  Area  reduction  due  to  the  meniscus  curvature  (A^). 

•  Flat  meniscus  area  (A^), 

•  Meniscus  contact  angle  (y), 

•  Fluid  dynamic  viscosity  (p), 

•  Flow  velocity  averaged  over  the  nominal  groove  area  (Wp. 

Calculation  Procedure.  The  procedure  for  calculating  the  frictional  pressure  drop  is  the 
same  as  that  in  the  rectangular  groove.  The  same  computer  code  was  used  to  solve  the 
normalized  Poisson  equation  and  obtain  the  friction  factors  to  build  up  the  data  base.  We  also 
compared  our  results  with  those  obtained  from  a  serai-analytical  solution  by  Ayyaswami,  et  al. 
(1981).  The  agreement  is  within  0.3%.  These  data  are  functions  of  groove  half  angle  (a)  and 
the  meniscus  contact  angle  ()^.  For  given  (a,y),  a  bicubic  spline  is  used  to  interpolate  the 
corresponding  friction  factor.  The  overall  procedure  is  summarized  as  follows: 

1)  Calculate  the  groove  height: 

d  =  Wcos(a)  (7-11) 

2)  Calculate  flat  meniscus  groove  area: 

Ao  =  d2tan  (a)  (7-12) 
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3) 


Calculate  flow  area  reduction  due  to  meniscus  curvature: 


An,  =  d2tan2(c<) 


j- y  -  fit 

.  cos2(y  +  a) 


-  tan(y+  a) 


(743) 


4)  Calculate  flow  area: 

A  —  Aq  •  Agj 

5)  Calculate,  hydraulic  diameters: 

Qg  __  2AoCOS(ot) 

p.  2 A  cos(a) 

Dh - a - 

6)  Use  bicubic  spline  to  interpolate  the  friction  factor  K  fr.om  the  triangular  groove 
(lata  base.  K  is  a  function  of  a  and  y. 

7)  Calculate  normalized  pressure  gradient: 


(744) 

(745) 

(746) 


dP  ] 

K 

f  ^i-1 

dz 

Va  J 

Results  of  these  calculations  aiC  shown  in  Figure  7.10  which  illustrates  the 
dimensionless  pressure  gradient  in  Uiangular  grooves  of  various  aspect  ratios. 


(747) 


7.2.3  Pressure  Gradient  in  Trapezoidal  Grooves 

This  section  describes  tne  procedure  for  calculating  the  local  pressure  gradient  in 
trapezoidal  grooves  vy*ui  a  uniform  curvature  vapor-liquid  irterface.  The  geometry  is  shown  in 
Figure  7.11.  The  relevant  parameters  are: 

•  Groove  base  half  width  (W).  Tiiis  is  the  charactenstic  length  used  in  the 
subroutine  to  normalize  other  geometrical  dimensions, 

•  Groove  depth  (d), 

•  Groove  aspect  ratio  (a  s  d/2W), 

•  Groove  base  angle  6  =  tan~>{l/4), 

•  Groove  longitudinal  coordinate  (z), 

•  Area  reduction  due  to  the  meniscus  curvature  (Aqj), 

•  Rat  meniscus  area  (A^). 

•  Meniscus  contact  angle  (y), 

•  Fluid  dynamic  viscosity  (p.), 

•  Row  velocity  averaged  over  the  nominal  groove  area  (V|). 
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Calculation  Procedure  The  procedure  for  calculating  the  frictional  pressure  drop  is  the 
same  as  that  for  the  rectangular  groove.  The  normalized  Poisson  equation  was  first  solved  and 
the  solution  used  to  obtain  the  friction  factor  R  to  build  up  the  data  ba^e.  The  data  are 
functions  of  groove  aspect  ratio  (a)  and  the  meniscus  contact  angle  (y).  For  given  (a.y),  a 
bicubic  spline  is  used  to  interpolate  the  corresponding  friction  factor.  The  overall  procedure  is 
summarized  as  follows; 


1) 

2) 

3) 


6) 

7) 


Calculate  groove  height: 

d  s  2aW 

Calculate  flat  meniscus  groove  area: 

Ao  =  2Wd[l  4-  c  tan  (0)] 

Calculate  flow  area  reduction  due  to  meniscus  curvature: 

12 


.W(l  •>>  2cttan(9)) 


sin  (j  *  y  -  0)  J 

-  W2[l  +  la  tan  (0)]2  cot 
Calculate  flow  area; 


A  —  Ag  -  Ajjj 


Calculate  hydraulic  diameters: 

Dg  = 


J-y.0 


5-y.0 


2A, 


W  + 


Dh  = 


co^ 

2A 


W  4- 


cos(0) 


(7.18) 


(7-19) 


(7-20) 


(7-21) 


(7-22) 


(7-23) 


Use  bicubic  spline  to  interpolate  the  friction  factor  K  from  the  triangular  groove 
data  base.  K  is  a  function  of  a  and  y. 


Calculate  normalized  pressure  gradient: 


dP  1 

K 

dz  ^ 

’  "2“ 

[w] 

(7-24) 


Results  of  these  calculations  are  shown  in  Figure  7.12  which  shows  the  dimensionless 
pressure  gradient  in  trapezoidal  grooves  of  various  aspect  ratios. 
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Figure  7.12.  DIMENSIONLESS  PRESSURE  GRADIENT  IN  TRAPEZOIDAL  GROOVES 


7.3  Heat  Transfer  Coefficients  on  Rectangular  Fins 

This  section  describes  the  procedure  for  calculating  the  local  heat  transfer  coefficient 
on  a  rectangular  fin.  The  fin  geemetry  is  shown  in  Figure  7.13.  The  fin  is  assumed  to  have 
infinite  thermal  conductivity.  The  relevant  parameters  are: 

•  Groove  half  pitch  (W). 

•  Vapor  temperature  (Ty). 

•  W^l  temperature  (TJ, 

•  Fluid  conductivity  (ki). 

•  Fluid  kinematic  viscosity  (v), 

•  Fluid  surface  tension  (<t), 

•  Latent  heat  of  fluid  (hfg). 


Figure  7.13.  GEOMBTOY  FOR  A  FLAT  TOP  FIN 


Calculation  Procedure.  To  determine  the  condensation  heat  transfer  coefficient,  we 
make  the  following  approximations; 


•  The  film  surface  is  at  the  saturation  temperature  of  the  vapor,  Tv, 

•  Acceleration  forces  may  be  neglected, 

•  ‘  The  meniscus  shape  is  in  the  form  of  two  circular  arcs, 

•  Heat  transfer  through  the  film  is  one'dimensional, 

•  The  fin  has  infinite  thermal  conductivity. 


With  these  approximations,  the  solution  strategy  is  to  guess  a  film  minimum  thickness 
T],  calculate  the  condensation  mass  flux,  and  determine  the  total  pressure  drop  from  the  fin  top 
center  to  the  center  of  the  groove.  This  pressure  drop  is  compared  to  the  local  capillary  head 
available,  and  the  minimum  film  thickness  varied  until  the  calculated  pressure  drop  matches 
the  capillary  head. 


The  solution  procedure  for  a  given  meniscus  angle  begins  with  a  guess  of  the  minimum 
film  thickness.  The  meniscus  angle  and  the  film  thickness  are  used  to  calculate  the  meniscus 
geometry  under  the  assumption  that  both  raeniscii  are  circular  arcs.  Beginning  at  the  fin  top 
center,  two  equations  are  integrated  to  find  the  local  pressure  ana  mass  flow  at  various  points 
along  the  fin  top  and  side.  These  equations  account  for  the  mass  addition  due  to  condensation; 


dm  _  kf<Tw-  Ty) 
dx~  bfifg 

and  the  local  pressure  gradient  in  the  film: 


(7-25) 


dP 


vm 

7T 


7-14 


(7-26) 


[ 


The  equations  are  integrated  from  the  top  center  of  the  fin  arouad  the  corner  to  the 
bottom  of  the  meniscus  in  the  groove.  The  pressure  difference  between  these  two  points  is 
calculated  and  compared  to  the  available  capillary  head. 

(7-27) 

where  Rj  and  R2  are  the  radii  of  curvature  on  the  fin  top  and  in  the  groove.  The  result  of  this 
comparison  is  fed  into  a  root-finding  routine  and  used  to  modify  the  guess  for  the  minimum 
film  thickness  until  a  match  is  achieved  between  the  pressure  drop  calculated  from  the  film 
flow  equations  and  that  calculated  from  the  surface  tension  forces.  These  calculations  can  be 
repeated  for  a  number  of  meniscus  angles  to  determine  the  local  heat  hansfer  coefficient  over 
the  entire  length  of  tlie  condenser. 

Figure  7.14  shows  the  heat  transfer  coefficient  in  ammonia  versus  fin  pitch  for  various 
sub-coolings  (from  a  30°  meniscus  angle).  Figure  7.15  shows  the  variation  of  heat  transfer 
coefficient  with  meniscus  angle  for  the  same  conditions. 
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Figure  7.14.  FUT  TOP  FIN  HEAT  TRANSFER  COEFFICIENT  VERSUS  FIN  PITCH 


7-15 


1.20 


Raetansulir  ftn  hut  tranattr  eottflcltnt 
Vi  minitcut  angla 


Figure  7.15.  FLAT  TOP  FIN  HEAT  TRANSFER  COEFFICIENT  VERSUS  MENISCUS  ANGLE 


Limitations  of  the  Method.  The  assumptions  used  to  derive  these  equations  do  not  hold 
when  the  film  thickness  is  large.  This  occurs  on  the  fin  top  at  small  meniscus  angles,  and  on 
the  fin  side  at  large  angles.  However,  the  condensation  rale  in  these  areas  is  small  due  to  the 
large  film  thickness,  so  the  error  in  the  total  condensation  rate  is  also  sm^.  Nonetheless,  the 
methods  of  this  section  are  of  greatest  accuracy  at  intermediate  angles. 

For  angles  near  45°,  the  film  thickness  at  the  fin  comer  becomes  only  a  few  tens  of 
microns.  For  these  small  film  thicknesses,  most  of  the  heat  transfer  occurs  at  the  fin  comer, 
leading  to  very  high  temperature  gradients  in  this  area.  Near  the  fin  comer,  the  thermal 
resistance  of  the  fin  itself  may  become  comparable  with  the  film  resistance.  For  these  cases,  a 
more  accurate  model  would  take  into  account  the  conduction  resistance  in  the  fin. 

Local  condensation  heat  transfer  coefficients  are  difficult  to  measure  accurately,  and 
few  are  reported  in  the  literature.  Our  results  are  consistent  with  the  heat  transfer  coefficients 
reported  in  Alario,  et  al.  (1981). 
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7.4  Heat  Tranafin  Coefficients  on  Contoured  Fins 

This  section  describes  the  procedure  for  calculating  the  local  heat  transfer  coefficients 
on  a  contoured  fm.  In  this  approach,  the  condensate  is  driven  from  the  top  of  the  fins  to  the 
troughs  between  the  fins  by  capillary  forces  resulting  from  a  gradual  increase  in  the  radius  of 
curvature  of  the  fm  surface.  The  fin  geometry  is  displayed  in  Figure  7.16.  The  fm  surface 
contour  is  given  by: 


3  cosh  I' 


X 

“ir 


(7-28) 


with  the  fin  half  pitch  L  =  1.32H.  As  described  by  Valenzuela  and  Drew  (1989),  this 
geometry  provides  a  good  compromise  between  perfoimance  and  manufactiirability  of  the 
condenser  surface.  The  relevant  parameters  are: 


•  Fin  half  pitch  (L), 

•  Fin  height  (H). 

•  Vapor  temperature  (Tv). 

•  Wall  temperature  (TJ, 

•  Wall  conductivity  (kj, 

•  Fluid  conductivity  (ki), 

•  Fluid  kinematic  viscosity  (v), 

•  Fluid  surface  tension  (a), 

•  Latent  heat  of  fluid  (hfg). 


—  ssCOSh  (—  )  -1 

H  h' 

L  =  1.38  H 

6  s  F1L>4  THICKNESS 


Figure  7.16. 


rw  'i: 


m  FOR  THE  CONTOURED  FIN 
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Calculation. Procedure.  The  calculation  procedure  is  based  on  the  model  described  by 
Valenzuela  and  Drew  (1989).  They  obtained  an  analytical  solution  for  the  condensation  on  the 
contoured  fm  under  the  assumption  of  constant  wall  temperature.  The  effect  of  the  wall 
conduction  resistance  was  then  estimated  using  a  1-D  conduction  solution.  Their  solution  can 
be  implemented  by  the  procedure  given  below; 


1) 


2) 


Calculate  the  uniform  wall  temperature  heat  transfer  coefficient: 


hfi,  -  1.06 


0.75 


Jius; 


V  ~  I'w)  . 


0.  25 


Calculate  the  fin  efficiency: 


(7-29) 


n 


0.574 


i 


1.32 


dx 


1  Kf\,H  \2  -  cosh(x)] 
cosh(£)  1.32^  ^ 


(7-30) 


3)  Calculate  the  1-D  conduction  heat  uansfer  coefficient; 

beb  =  ^hn, 

4)  Calculate  the  actual  heat  transfer  coefficient; 

bb  =  ^cb  +  bfb] 

5)  -  Calculate  the  Nusselt  number: 

Nu  =  -!!^ 

6)  Calculate  the  curve  length  of  the  contoured  surface: 

S  =  Hsinh^-^ 

7)  Calculate  the  condensate  thickness: 


(7-31) 


(7-32) 


(7-33) 


(7-34) 


(7-35) 


Figure  7.17  shows  the  calculated  heat  transfer  coefficient  in  ammonia  versus  fin  pitch 
for  various  sub-coolings. 
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Figure  7.17.  CONTOURED  FIN  HEAT  TRANSFER  COEFFICIENT  VERSUS  FIN  PITCH 


7.5  Internally  Drained  Condenser  (IDQ 

This  section  describes  the  procedure  for  calculating  the  local  performance  and 
geometry  of  an  internally  drained  condenser.  This  high  performance  capillary  condenser  was 
developed  at  Creare  under  contract  NAS9-17989.  The  geometry  is  illustrated  in  Figure  7.18. 
The  internally  drained  condenser  consists  of  a  series  of  shaped  fins  separated  by  thin  liquid 
drainage  grooves.  The  fm  shape  has  a  constantly  varying  curvature,  with  the  radius  of 
curvature  increasing  raonotonically  from  the  crest  of  the  fin  to  the  drainage  groove.  Vapor 
condenses  on  the  fins,  forming  a  thin  liquid  film  which  has  approximately  the  same  radius  of 
curvature  as  the  fin  surface.  The  varying  curvature  of  the  vapor-liquid  interface  produces  a 
surface  pressure  gradient  from  crest  to  trough,  moving  the  liquid  in  that  direct  on.  The 
relevant  parameters  are: 
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Figure  7.18.  GEOMETRY  FOR  AN  INTERNALLY  DRAINED  CONDENSER 


•  Condenser  length  (LJ, 

•  Fin  half  pitch  (L), 

•  Drainage  groove  half  base  width  (W), 

•  Drainage  groove  depth  (d). 

•  Drainage  hole  diameter  (D), 

•  Vapor  temperature  (Ty), 

•  temperature  (TJ, 

•  Total  condensation  rate  (Qc), 

•  Wall  conductivity  (kj, 

•  Liquid  conductivity  (ki). 

•  Liquid  kinematic  viscosity  (v), 

•  Liquid  surface  tension  (cr), 

•  Latent  heat  of  fluid  (hfg). 
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Calculation  Procedure.  The  calculation  procedure  is  based  on  the  model  described  in 
Valenzuela  and  Drew  (1989).  The  model  accounts  for  temperature  drops  in  the  condensate 
film  and  in  the  wall  portion  above  the  bottom  of  the  drainage  grooves.  The  temperature  at  the 
bottom  of  the  drainage  grooves  is  assumed  to  be  uniform  throughout  the  surface  of  the 
condenser.  The  drainage  network  is  sized  to  fully  utilize  the  available  capillary  pumping.  The 
model  can  be  implemented  using  the  procedure  given  below: 

1)  Assume  the  fm  base  temperature  is  equal  to  the  wall  temperature: 

Tb  =  T,,  (7-36) 

2)  Calculate  the  heat  transfer  coefficient,  hb,  on  the  contoured  fm,  as  described 
above. 


3) 

4) 


Calculate  heat  flux: 

q"  =  hb(Tv-Tb) 
Calculate  the  drainage  hole  pitch: 


[  “^12  ^^12  +  ] 

3a7i 


P  = 


where 


_  20.37  Llnq" 

‘‘12 - D^phfg 


a.,  =  0.134OAV 

4^ 


(7-37) 

(7*38) 

(7-39) 

(7-40) 

(7-41) 


5) 

6) 
7) 


Calculate  the  fm  base  temperature: 

k  J?'  ^-D)  • 

Iterate  steps  2  to  5  until  the  fin  base  temperature  converges  to  0.1%  of 
sub-cooling. 

Calculate  the  condenser  area  and  width: 


W,  =  A^L, 


L  -H  W  1 
C 


(7-43) 

(7-44) 
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7.6  Grooved  Surface  Condensers 


The  procedures  given  in  this  secUon  allow  the  design  of  grooved  surface  condensers 
with  three  different  groove  cross-sections:  rectangular,  trapezoidal  and  triangular. 

The  first  step  in  the  procedure  is  to  estimate  the  maximum  available  capillary  head. 

The  maximum  capillary  head  is  obtained  by  varying  the  meniscus  from  the  user-specified 
initial  meniscus  contact  angle  to  zero  degrees,  followed  by  receding  the  meniscus  height  down 
to  certain  limits.  There  is  no  gain  in  the  total  capillary  head  for  a  rectangular  groove  as  the 
meniscus  recedes,  therefore  meniscus  receding  is  necessary  only  in  triangular  and  trapezoidal 
grooves.  For  these  calculations,  the  designer  specifies  the  total  pressure  drop  in  the  grooves  as 
a  fraction  of  the  maximum  available  capillaiy  head. 


7.6.1 


Rectangular  Grooves 


The  relevant  parameters  for  the  rectangular  groove  are: 

Condenser  length  (L  J, 

Fin  half  pitch  (L), 

Drainage  groove  characteristic  length  (W), 

Drainage  groove  aspect  ratio  (a), 

Vapor  temperature  (Ty). 

Wall  temperature  (TJ, 

Total  condensation  rate  (QJ, 

Fluid  kinematic  viscosity  (v), 

Fluid  surface  tension  (o), 

Latent  heat  of  fluid  (hfj. 

Initial  meniscus  angle  (Vo), 

User-specified  initial  meniscus  angle  (7o). 

Terminal  meniscus  angle  iff). 

User-specified  ratio  of  maximum  pressure  drop  (Rp), 

User-specified  heat  transfer  coefficient  (hb). 

Calculation  Procedure.  The  model  assumes  that  the  rate  of  condensate  flowing  into  the 
groove  is  not  influenced  by  the  change  of  meniscus  angle,  and  the  temperature  difference  Ty  - 
Tw  is  constant  throughout  the  length  of  the  groove,  the  groove  is  sized  to  utilize  the  available 
capilla^  pumping  head  by  a  ratio  of  Rp  (0  <  Rp  <  1).  The  model  can  be  implemented 
following  the  procedure  given  below: 

1)  Calculate  or  specify  the  heat  transfer  coefficient,  hb  (see  Sections  7.3  and  7.4). 

2)  Obtain  the  condensate  flow  rate  per  unit  groove  length: 


m 


=  2hb(W  L)(Ty  -  Tw) 


(7-45) 
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3) 

4) 

5) 


Calculate  the  maximum  available  capillary  head  for  the  given  initial  meniscus 
angle,  yo! 


=  -|~ll-cos(yo)]  (746) 

Calculate  the  terminal  meniscus  angle: 

Y{  =  cos-HRp(l  -  cos  y^)  +  cos  yj  (7-47) 

With  initial  condition  z  =  0  at  ya:  yo,  solve  the  following  differential  equation  to 
obtain  the  desired  groove  length  z  =  Lc  at  y=  yf: 


d(z2) 


r  2a 

PADfl 

^  vmW  ■ 

K. 

^  j 

sin(y) 


(7-48) 


6) 


In  the  equation 


2AD^1 


is  a  dimensionless  hydraulic  factor.  It  is  a  function  of 


a  and  y.  A  fairly  comprehensive  data  base  has  been  calculated  and  built  into  a 
lookup  table.  This  table  is  part  of  the  MICROCAP  software  suite,  and  is 
contained  in  the  files  RECQV.DAT,  TRIQV.DAT,  and  TRAPQV.DAT.  In  the 
course  of  solving  the  differential  equation  given  above,  the  corresponding 
hydraulic  factor  at  each  ia,Yj  is  obtained  through  a  bicubic  spline  interpolation. 


Calculate  the  condenser  area  and  width: 


W. 


mh  f  gl>c 


(L+W) 


Ac  =  UW, 


(7-49) 

(7-50) 


Figure  7.19  shows  the  maximum  dimensionless  heat  transfer  per  fm  for  a  rectangular  groove. 
This  curve  is  calculated  by  setting  the  allowed  pressure  drop  to  the  maximum  available  in  the 
groove. 


7.6.2  Triangular  Grooves 

The  relevant  parameters  for  the  triangular  groove  are; 

•  Condenser  length  (LJ. 

•  Fin  half  pitch  (L), 

•  Drainage  groove  characteristic  length  (W). 

•  Groove  hdf  angle  (a), 

•  Vapor  temperature  (Ty), 

•  W^i  temperature  (T^), 

•  Total  condensation  rate  (Q^), 

•  Fluid  kinematic  viscosity  (v), 

•  Fluid  surface  tension  (tr). 
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Figure  7.19.  DIMENSIONLESS  HEAT  TRANSFER  PER  GROOVE  FOR  A  RECT'ANGULAR  GROOVE 


•  Latent  heat  of  tluid  (hfg), 

a  Initial  meniscus  angle  (To). 

•  User-specified  initi^  meniscus  angle  (y^), 

a  Terminal  meniscus  angle  (%). 

«  User-specified  ratio  of  maximum  pressure  drop  (Rp). 

•  User-specified  heat  transfer  coefficient  (h),'. 

ralculatinn  Procedure.  The  assumptions  are  the  same  as  those  for  the  rectangular 
groove.  In  the  triangular  groove,  we  allow  the  meniscus  to  rececte  down  to  one-tenth  initial 
groove  side  length.  The  calculation  procedure  is  summarized  as  follows: 

1)  Calculate  or  specify  the  heal  transfer  coefficient,  hb  (see  Sections  7.3  and  7.4). 

2)  Obtain  the  condensate  tlow  rate  per  unit  groove  length: 

^  2hh(L  +  W  sin  aXTy  -  T^) 
m  =  —  ' — . . 

hfg 
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(7-51) 


3)  Calculate  Rp,  the  pressure  ratio  which  indicates  the  meniscus  has  receded: 


sio(f  Of)  -  sin(  Y  -  a  -  7o) 
I0ain(^  -  Q()  —  9in(^  -  —  7^ 


(7-52) 


4) 


If  Rp  <  Rp,  the  desired  pressure  drop  can  be  achieved  without  meniscus 
receding.  In  this  case,  the  calculation  procedure  is; 

•  Calculate  the  terminal  meniscus  angle: 


7/ 

T 

2“ 

■  a  —  sin"*(cii) 

(7-53) 

cu 

=  sin  i 

(7-64) 

+.  Rp 

10  sin  ^  ( 

0 

1 

d 

! 

With  initial  condition  z  *  0  at  Vq,  solve  the  following  differential 
equation  to  obtain  the  desired  ^oove  length  z  a  Lg  at  y  =  Y{- 


d{z^) 

d'l 


(7-55) 


The  dimensionless  hydraulic  factor 


2ADg 


for  triangular  grooves 


at  the  corresponding  (ct,y)  is  obtained  from  the  lookup  table  during  the 
course  of  integrating  the  above  differential  equation. 


Go  to  step  6  to  calculate  the  condenser  size. 


5) 


If  Rg  >  Rp,  in  addition  to  varying  y  from  y,,  to  0.  meniscus  receding  is  also 
required  to  achieve  the  desired  pressure  drop.  In  this  case,  the  calculation 
procedure  is: 


Calculate  the  terminal  groove  side  length  Wf: 


W 

Wj  .  - 

Cl2 


Ci3  —  10/2p  -fil  — 


sin  (f  -  a  -  %) 


sin  (y  —  a) 


(7-56) 

(7-57) 


Set  Yf  ~  0.  then  solve  Equation  (7-55)  by  marching  the  meniscus  angle 
from  Yo  ^  Xf-  while  W  remains  fixed. 
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Solve  the  following  differential  equation  to  obtain  the  final  groove 
length  Lg  by  receding  the  groove  side  length  from  W  to  Wf,  while 
holding  Yf  ^  0: 


6)  Calculate  the  condenser  area  and  v^dth: 

W,  =  iL  +  Wim{a))  (7.59) 

A,  =  (7-60) 


7.6.3  Trapezoidal  Grooves 

The  relevant  parameters  for  the  triangular  groove  are: 

•  Condenser  length  (LJ, 

•  Fm  half  pitch  (L). 

•  Drainage  groove  characteristic  length  (W). 

•  Groove  aspect  ratio  (a). 

•  Vapor  temperature  (Ty), 

•  Wall  temperature  (TJ, 

•  Total  condensation  rate  (Qc). 

•  Fluid  kinematic  viscosity  (v), 

•  .  Fluid  surface  tension  (a), 

•  Latent  heat  of  fluid  (hf,), 

•  Initial  meniscus  angle  (yo)- 

•  Terminal  meniscus  angle  (Vf). 

•  User-specified  initial  aspect  ratio  (Oo). 

•  User-specified  initial  meniscus  angle  (yo), 

•  User-specified  ratio  of  maximum  pressure  drop  (Rp), 

•  User-specified  heat  transfer  coefficient  (hb). 

Calculation  Procedure.  The  assumptions  are  the  same  as  those  in  the  rectangular 
groove.  In  tlw  calculation,  the  terminal  aspect  ratio  is  set  to  be  0.625  where  the  trough  of  the 
meniscus  is  very  close  to  the  groove  base.  The  calculation  procedure  is  given  below: 

1)  Calculate  or  specify  the  heat  transfer  coefficient,  hb  (see  Sections  7.3  and  7.4). 

2)  Obtain  the  condensate  flow  rate  per  unit  groove  length; 

m  .  2hb[(L  W(1  ^  Q.5a))(Ty  -  TJ  (7^1^ 

hfg 
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1) 


4) 


5) 


Calculate  Rp,  the  pressure  ratio  which  indicates  the  meniscus  has  receded: 

sm(f  -  tf)  -  gia(j  -  g  -  %) 


R,  - 


,m(  1  -  0)  -  .m(  f  -  «  -  %) 


(7.62) 


If  Rp  <  Rp,  the  desired  pressure  drop  can  be  achieved  without  meniscus 
receding.  In  this  case,  the  calculation  procedure  is; 

•  Calculate  the  terminal  meniscus  angle: 

7/  -  |-^-sin“’(c2i) 


C21  =  (1  - /7,)sin  0  -  7^ 

r,  •  /"■  / 1  +  2^0  tan  9' 


(7-63) 

(7-64) 


1.3125 


With  initial  condition  z  =  0  at  y  *  Vq,  solve  the  following  differential 
equation  to  obtain  the  desired  groove  length  z  =s  Lc  at  y  2=  yf. 


ii£l 

d-i 


(7-65) 


(2aW^\  (2AD\Y  (  -I  \  /-r  ^  \ 

\  ^'m  j  \  /sT  j  \1 -f  2a,  tan^/ (2 


The  dimensionless  hydraulic  factor 


2^1 


for  trapezoidal  grooves 


at  each  corresponding  (o^.y)  is  obtained  from  the  lookup  table  during  the 
course  of  integrating  the  above  differential  equation. 

•  Go  to  step  6  to  calculate  the  condenser  size. 

If  Rp  >  Rp.  in  addition  to  varying  y  from  yo  to  0,  meniscus  receding  is  also 
required  to  achieve  the  desired  pressure  drop.  In  this  case,  the  calculation 
procedure  is: 


Calculate  the  terminal  aspect  ratio  a(. 


O'/ 


=  <-->) 


cjj  ~ 


ft. 


1.3125 


+ 


\1  -f  2aotawi0/ 


siniy  -  ^  -  7o) 


sia(  Y  —  0) 


(7-66) 

(7-67) 


Set  Yf  =  0,  then  obtain  the  groove  length  Ld  by  integrating 

Equation  (7-66)  over  the  meniscus  angle  from  Yq  to  Yf<  while  remains 

fixed. 
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With  initial  condition  z  =  Ld  at  a  -  Oq  and  y-  0,  solve  the  following 
differential  equation  to  obtain  the  final  groove  length  by  receding  the 
groove  aspect  ratio  from  to  Onin  “  0.625: 


ill!) 

dot 


2ADiy  . 

nr) 


(7-68) 


(I-')! 


(1  +  2q 


6)  Calculate  the  condenser  area  and  width: 

11/  .  n  f  Qe  \  r, 


A,  =  L,W, 


(7-69) 

(7-70) 


Figure  7.20  shows  the  dimensionless  heat  transfer  rate  per  groove  for  a  trapezoidal 
groove.  This  curve  is  calculated  by  setting  the  allowed  pressure  drop  to  the  maximum 
available  in  the  groove. 


OimantionlaM  Haat  Tranafar  par  Qraovm 
(or  Trapaaoidal  Qroovaa 


£  0.20 

8  [ 


15  2  2.5  3  3.5  * 

Qroay*  As^act  RaUe  a 


Figure  7.20.  DIMENSIONLESS  HEAT  TRANSFER  RATE  PER 
GROOVE  FOR  A  TRAPEZOIDAL  GROOVE 
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8  PUMPS;  Two*Phase  Degradation 

This  section  of  the  Design  Manual  discusses  methods  used  in  predicting  centrifugal 
pump  performance,  including  degradation  resulting  from  two-phase  oj^ration.  ITiese  methods 
can  be  used  for  predicting  steady-state  pump  performance  under  a  variety  of  operating 
conditions.  Transient  pump  performance  may  also  be  predicted. 

Much  of  the  work  concerning  pump  two-phase  performance  stems  from  studies 
conducted  for  the  nuclear  industry.  A  primary  concern  in  these  studies  was  assuring  that 
sufficient  cooling  capability  be  provided  for  dae  reactor  core,  even  during 
loss-of-coolant-accidents  (LOCAs).  These  postulated  events  involve  a  break  in  the  primary 
reactor  cooling  loop.  This  could  lead  to  water  flashing  to  steam  and  thus  the  possibility  of 
two-phase  conditions  at  the  primary  coolant  pump.  The  pump  itself  would  also  affect  the  rate 
of  system  depressurization  by  retarding  the  blowdown  flow  rate. 

This  work  may  also  be  applied  to  any  system  in  which  pump  behavior  can  affect 
overall  system  performance,  including  spacecr^t  two-phase  thermal  management  systems. 

The  Air  Force  is  developing  a  mechanical  pump  for  a  pump-assist  capill^  loop  for  example. 
This  could  include  Instances  in  which  the  pump  behavior  would  directly  impact  the  system,  for 
example,  a  loss  of  pump  power.  Changes  in  system  operating  conditions  such  as  a  change  in 
spacecraft  acceleration  or  the  system  heat  load  can  directly  impact  the  pump  performance. 

The  use  of  these  methods  in  a  transient  calculation  could  then  predict  the  impact  of  these 
changes  on  overall  system  performance. 

Section  8.1  will  present  an  introduction  to  pump  performance,  including  an  introduction 
to  pump  performance  parameters  and  a  discussion  of  two-phase  effects. 

Section  8.2  will  introduce  the  calculation  methods  used  to  predict  pump  performance. 
The  design  methods  rely  heavily  on  empirical  data  from  two-phase  pump  performance  tests. 
Homologous  relationships  and  "degradation  multipliers"  are  used  to  scale  the  empirical  data  to 
predict  two-phase  performance. 

The  use  of  the  dimensionless,  homologous  relations  for  predicting  pump  performance 
will  be  outlined  step-by-step  in  Section  8.3.  This  discussion  follows  the  same  steps  utilized  in 
the  accompanying  computer  code.  This  will  allow  the  designer  either  to  make  a  quick  check 
without  the  need  for  computer  modelling,  or  can  serve  as  a  means  of  verifying  computational 
results. 


Section  8.4  gives  validation  results,  comparing  transient  two-phase  pump  data  with  the 
pump  performance  as  calculated  using  these  methods. 

8.1  IntroducticHi 

During  a  system  transient  the  flow  through  a  pump  may  change  direction.  The  rotating 
speed  and  torque  may  also  reverse  in  some  cases.  Fluid  entering  the  pump  may  contain  vapor 
which  decreases  the  head  and  torque.  Design  methods  for  transient  operation  must  encompass 
all  possible  combinations  of  these  operating  conditions. 
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8.1.1  Pour  Quadrant  Operation 

The  important  parameters  describing  pump  performance  are: 

•  Rotational  speed.  N, 

•  Volumetric  flow  rate.  Q, 

•  Head.  H. 

•  Hydraulic  torque.  T. 

Typically,  speed  and  flow  rate  are  used  to  predict  both  head  and  torque.  During  pump 
o^ration  any  of  the  quantities  may  be  either  positive  or  negative.  Positive  values  are  used  for 
normal  pump  operation.  This  implies  four  modes  (or  quadmts)  of  operation  with  speed  and 
flow  rate  being  both  positive  and  negative.  These  four  quadrants  are  shown  quantitatively  by 
Swift  (1982)  in  Figure  8.1.  A  more  qualitative  representation  is  given  by  Fox  (1977)  and  is 
shown  in  Figure  8.2.  A  brief  discussion  of  each  of  these  operating  zones  follows. 

Quadrant  1  is  referred  to  as  the  normal  pumping  quadrant.  Both  direction  of  rotation 
and  flow  rate  are  positive.  Pump  torque  and  head  are  typically  positive  (Shown  as  Zone  PI  in 
Figure  8.2).  Pump  head  and  torque  can  also  become  negative  (Zones  D1  and  Tl). 

Quadrant  2  is  the  energy  dissipation  quadrant  The  flow  rate  reverses,  while  the 
direction  of  pump  rotation  remains  positive.  Both  head  and  torque  are  positive  in  this  quadrant 
(Zone  D2). 

Quadrant  3  is  the  normal  turbine  quadrant.  In  this  zone  both  flow  rate  and  rotation  are 
reversed.  Typically  in  this  quadrant  both  torque  and  head  are  positive  (Zone  T2).  Torque 
may  also  be  negative,  shown  as  Zone  D3. 

Finally,  Quadrant  4  is  referred  to  as  the  reverse  pump  quadrant.  Torque  is  always 
negative  in  this  quadrant  Pump  head  may  be  either  positive  (Zone  P2)  or  negative  (Zone  D4). 
Pump  operation  in  the  fourth  quadrant  is  rarely  seen. 

8.1.2  Two-Phase  Effects 

The  general  effect  of  two-phase  flow  on  pump  performance  is  to  produce  a  significant 
degradation  in  both  head  and  torque  with  increasing  void  fraction.  The  fluid  mechanics  behind 
two-phase  flow  behavior  are  quite  complex  and  not  fully  understood.  This  has  led  to  the  use 
of  empirical  data  to  predict  two-phase  behavior.  Runstadler  (1976)  does  provide  a  detailed 
discussion  of  many  of  the  factors  which  do  influence  two-phase  performance.  In  summary, 
some  of  the  more  important  factors  are: 

•  Phase  slip;  that  is,  differing  superficial  velocities  between  the  gas  and  liquid 
phases. 

•  Row  regime  effects,  for  example,  the  dispersed  bubble  regime  exhibits  no  slip 
between  gas  and  liquid  phases,  whereas  the  annular  regime  exhibits  large 
differences  between  the  phase  superficial  velocities. 

•  The  low  acoustic  velocity  in  a  two-phase  fluid  implies  that  shock  waves  and 
flow  choking  may  become  important  factors. 
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Positive  torque, positive  beod,  positive  N  ond  positive  O  ore  all  os  for 
normal  pumpinq 


Figure  8.2.  OPERATING  ZONES  OF  TlfPICAL  CEKITIIFUGAL  PUMP 
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•  The  three-dimensional  pressure  field  within  the  impeller  passages  acting  along 
with  body  forces  from  centrifugal  and  Coriolis  effects  produce  regions  of  flow 
stall  and  separation,  which  in  turn  affects  the  flow  regime  at  pump  discharge. 

Due  to  the  complexity  of  the  underlying  physics  of  this  problem,  a  mechanistic  model 
is  unavailable.  The  methods  presented  in  the  following  section  employ  empirical  data  to 
predict  both  head  and  torque  degradation.  The  flow  is  assumed  to  be  homogeneous;  that  is, 
flow  regime  effects  will  not  be  considered.  By  making  this  assumption,  void  fraction  alone  is 
sufficient  to  describe  the  two-phase  fluid  state. 


8.2  Design  Methods  for  Pump  Two-Phase  Performance 

Pump  analytical  models  employ  homologous  flow  relationships  to  predict  head  and 
torque  behavior  from  empirical  data  given  the  pump  speed  and  flow  rate.  Empirical  data  are 
required  for  both  single-phase  and  fully-degraded  two-phase  operation.  Two-phase 
performance  predictions  are  based  on  the  void  fraction  of  the  flow  entering  the  pump,  which  is 
then  used  to  determine  both  head  and  torque  degradation  factors. 


8.2.1  Pump  Scaling  Relationships 

The  performance  of  geometrically  similar  pumps  follows  a  well-known  set  of  pump 
scaling  relationships  (Runst^ller,  1976).  The  acquisition  of  empirical  data  for  pump  behavior 
has  typically  relied  upon  testing  of  model  pumps.  These  scaling,  or  similarity,  relations  are 
then  used  to  predict  the  performance  of  full-size  pumps.  Table  8.1  shows  the  basic  scaling 
relationships.  D  can  be  used  to  represent  any  pump  linear  dimension  (usually  the  impeller 
diameter),_and  the  subscripts  1  and  2  refer  to  different  pumps.  Alternatively,  the  subscripts 
can  designate  the  same  pump  at  different  operating  points.  When  used  to  predict  operating 
points  for  a  single  pump,  the  dimension,  D,  drops  out  of  the  equation. 


Table  8.1,  SCALING  RELATIONSHIPS  FOR  CEmiFUGAL  PIJMPS  i 

Flow  Rate  Q: 

Qi 

Q:  " 

NiDi3 

N2D23 

Head  H: 

Hi 

Ni2Di2 

H2  ' 

Torque  T: 

T, 

N,2Di5 

)o 

1 

Specific  Speed: 

Ns  = 

n|^ 

(8-1) 


(8-2) 


(8-3) 


(8-4) 
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The  pump  specific  speed  has  no  fundamental  physical  significance.  It  does  serve  as  a 
useful  index  of  pump  type.  Geometrically  similar  pumps  which  obey  these  scaling 
relationships  will  have  the  same  specific  speed,  implying  that  characteristic  data  from  a  given 
pump  can  be  used  to  predict  the  performance  of  other  pumps  with  the  same  specific  speed. 

In  the  recommended  methods,  pump  performance  parameters  are  normalized.  The 
normalized  performance  parameters  are; 


Pump  Speed,  N: 

Q)  s  N/Ny 

(8-5) 

Flow  Rate,  Q: 

q  =  Q/Qr 

(8-6) 

Head,  H: 

h  =  H/H, 

(8-7) 

Torque,  T: 

/3  =  T/Tr 

(8-8) 

The  subscript refers  to  rated  pump  conditions. 
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Pump  Dimensionless  Homologous  Relations 


Figure  8.1  presented  curves  of  dimensionless  pump  performance.  From  a 
computational  viewpoint,  this  is  a  rather  unwieldy  representation.  To  further  simplify  pump 
characteristic  data,  the  similarity  relations  (Equations  8*1  through  8-4)  given  above  can  be 
combined  to  collapse  the  information  in  Figure  8.1  into  four  curves,  one  for  each  quadrant  of 
pump  operation.  This  procedure  can  be  used  in  describing  both  pump  head  and  torque. 
Figures  8.3  and  8.4  present  data  in  terras  of  the  following  dimensionless,  homologous 
relations: ' 


h/q2  vs.  oyq 
^q2  vs.  oyq 


or 


or 


h/co2  vs.  q/O)  and, 
p/cfi  vs.  q/(U. 


(8-9) 

(8-10) 


These  data  curves  show  the  measured  performance  of  a  primary  coolant  pump  in  a 
50  MW  LOFT  pressurized  water  reactor  test  facility  (Los  Alamos  National  Laboratory.  1986). 


8.2.3 


Two-Phase  Multipliers 


As  previously  noted,  the  physics  involved  in  two-phase  pump  operation  is  quite 
complex  and  not  fully  understood.  The  recommended  design  methods  use  pump  characteristic 
data  for  two  extreme  operating  conditions:  fully  degraded  two-phase  and  single-phase 
operation.  Fully  degraded  operation  refers  to  poor  pump  performance  which  is  observed  for  a 
wide  range  of  void  fractions  between  C  and  1.0.  Single-phase  operation  occurs  when  the  void 
fraction  is  equal  to  0.0  or  1 .0.  These  data  will  he  combined  through  the  use  of  "degradation 
multipliers"  to  produce  two-phase  performance  characteristics  as  a  continuous  function  of  void 
fraction.  This  approach  works  weU  for  first  quadrant  pump  operation.  Data  on  two-phase 
pump  performance  outside  of  the  normal  pumping  quadrant  is  limited,  and  results  of  this 
analysis  outside  of  that  quadrant  should  be  avoided  when  possible. 
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Flow  Parameter:  to/q  or  q/co 


The  same  homologous  relations  described  above  are  used  for  fully  degraded  two-phase 
pump  operation.  These  curves  describe  the  "worst  case"  scenario,  i.e.,  that  point  at  which 
pump  head  and  torque  have  been  completely  degraded.  For  other  values  of  void  fraction,  the 
actud  pump  performance  falls  somewhere  in  between  the  results  for  single-  phase  and  fully 
degraded  two-phase  performance.  This  performance  can  be  quantified  through  the  use  of 
degradation  multipliers  as  follows: 

The  multipliers,  and  Np,  are  defined  as  functions  of  void  fraction  and  are  required 

data  for  this  analysis.  Figures  8.5  and  8.6  present  degradation  multiplier  curves  measured  for 
the  LOFT  pump,  whose  head  and  torque  characteristics  are  shown  in  Figures  8.3  and  8.4. 


8.2.4  Transieot  Calculations 

These  models  may  also  be  used  to  describe  transient  pump  operation.  At  any  instant, 
steady-state  characteristics  represent  the  trmsient  behavior.  That  is,  at  any  point  in  time,  pump 
speed  and  flow  rate  (along  with  void  fraction  if  two-phase)  can  be  used  to  find  the  pump  head 
and  torque  at  that  time. 

Pump  transients  may  also  involve  the  calculation  of  the  rate  of  change  in  pump  speed. 
For  example,  the  coast-down  transient  may  be  of  interest  on  drive  motor  trip.  As  the  input 
torque  from  the  motor  goes  to  zero,  the  pump  is  slowed  by  the  action  of  the  hydraulic  torque 
along  with  friction  and  the  bearing  and  windage  torques.  Tliis  is  shown  pictorially  in 
Figure  8.7.  This  analysis  lumps  the  bearing  and  windage  torques  together  as  Tb  and  considers 
the  frictional  torque  as  Tf.  Both  of  these  torques  are  proportional  to  the  square  of  the  pump 
speed.  Proportionality  constants,  Cf  and  Cb,  (obtained  from  pump  manufacturers)  are  then 
used  to  calculate  the  resulting  torques: 


Tf 


(8-13) 


Tb 


MINI 

=  '-b  X-2- 


(8-14) 


These  values,  along  with  the  moment  of  inertia  for  the  pump,  I  (also  obtainable  from 
pump  manufacturers),  can  then  be  used  to  find  the  rate  of  change  in  pump  speed: 


dN  _  -{T+T 

ar - 


(8-15) 


Multiplying  this  by  the  magnitude  of  the  time  step,  and  adding  the  result  to  the  speed  from  the 
previous  time  step,  provides  the  new  pump  speed. 
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Figure  8,7.  ELEMENTS  OF  PUMP  DYNAMICS 
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8.2.5 


Liinitatioti&  of  These  Methods 


The  prima^  limitation  of  these  methods  is  heavy  dependence  on  pump  characteristic 
data.  It  is  often  difficult  to  find  data  for  all  four  quadrants  of  pump  operation,  especially  for 
the  fourth  quadrant.  In  order  to  derive  two-phase  performance,  these  data  are  also  required  for 
two-phase  operation,  but  these  data  are  also  not  commonly  available. 

This  model  does  not  include  a  means  of  calculating  the  motor  input  torque.  Thus, 
calculation  of  the  rate  of  change  in  pump  speed  is  only  applicable  in  cases  where  the  motor  is 
not  operating.  The  motor  torque  depends  on  the  current,  voltage,  rotating  speed,  and  motor 
efficiency.  A  system  model  is  required  which  provides  the  proper  boundary  conditions  to  the 
motor.  Motor  characteristics  are  required  which  show  the  mechanical  pcwer  (torque  vs.  speed) 
as  a  function  of  the  input  power.  These  data  are  extremely  application  and  pump  specific,  so 
the  general  design  methods  recommended  in  the  manual  do  not  address  them. 

Finally,  a  number  of  simplifying  assumptions  were  made  in  the  implementation  of  the 
two-phase  pump  models.  The  flow  is  assumed  to  be  homogeneous,  that  is.  the  effect  of 
various  flow  regimes  is  not  included.  This  allows  the  two-phase  characteristics  to  be  specified 
by  the  input  of  void  fraction  alone.  In  addition,  the  model  has  been  found  to  be  most  effective 
in  the  first  quadrant  (normal  pump  ojwration).  Models  have  not  been  validated  in  the  other 
quadrants,  though  it  is  common  practice  (e.g„  in  nuclear  safety  analysis)  to  use  these  models 
since  they  are  the  best  available. 


8.3  Use  of  Dimensionless  Performance  Gtarts 

This  section  of  the  manual  shows  how  to  apply  the  recommended  methods  to  determine 
pump  performance.  The  characteristic  data  presented  in  this  section  apply  to  a  pump  with  a 
specific  speed,  Nj  =  1.22  (3335  in  rpm-gpm0*5-ft-c.  75).  These  data  apply  for  any 
geometrically  similar  pump  (that  is,  any  pump  with  the  same  specific  speed). 

Obtain  Inputs.  The  user  must  supply  the  rated  conditions  of  operation: 

•  Pump  speed,  Np 

•  Flow  rate,  Qp 

•  Head,  Hp 

•  Torque,  Tp  and 

•  Fluid  Density,  Pp 

In  all,  10  sets  of  data  are  required  to  model  a  single  pump.  Pump  characteristic  data 
are  needed  in  the  form  of  homologous,  dimensionless  curves  for: 

•  Single  and  two-phase  head  (4  curves  each),  and 

•  Single  and  two-phase  torque  (4  curves  each). 

Degradation  multipliers  as  a  function  of  void  fraction  are  required  for: 

•  Pump  head,  and 

•  Pump  torque. 


In  addition  to  the  operating  characteristics,  other  required  data  for  the  pump  of  interest 
are: 


•  Torque  coefficients.  Cf  and  C^.  and 

•  Pump  moment  of  inertia,  I. 

Finally,  to  describe  the  operating  point  of  interest: 


•  Pump  speed,  N, 

•  Flow  rate,  Q,  and 

•  Void  fraction,  a. 


are  required.  The  void  fraction  is  used  to  determine  the  effective  density  of  the  two-phase 
mixture  by: 


Pnj=  (l-alPi  +  apg  (8' 16) 

Normalize  Inputs.  The  input  values  of  speed  and  flow  rate  are  next  normalized  as 
defined  in  Equations  8-5  and  8-6; 

q  =  Q/Qf.  and  (8-5) 

(0  =  N/Np  (8-6) 

Calculate  Pump  Head.  The  single-phase  pump  head  is  first  found  using  the 
homologous  characteristic  curves  shown  in  Figure  8.8.  The  choice  of  curve  uses  the  following 
logic: 


if  l<ul  :>  Iql  and  cu  >  0  then  use  Curve  I,  else 
if  Iql  >  Icul  and  q  >  0  then  use  Curve  2,  else 
if  Iql  >  Icol  and  q  <  0  then  use  Curve  3,  else 
if  Iwl  >  Iql  and  w  <  0  then  use  Curve  4. 

Figure  8.1 1  shows  the  choice  of  characteristic  data  curves  on  a  plot  of  co  vs.  q.  If  Curves  1  or 
4  are  used,  then  the  value  obtained  from  the  figure  is; 

hJcifi, 

this  can  be  multiplied  by  fo2  to  obtain  the  single-  phase  pump  head,  hj^. 

If  Curves  2  or  3  are  used,  then  the  value  obtained  is: 
h/q2 

and  this  is  multiplied  by  q2  to  obtain  the  single-  phase  pump  head,  hj^. 

This  same  process  can  be  used  to  derive  the  two-phase  pump  head,  using 
Figure  8.9, 
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Head  Parameter:  lilafi-  or  h/q^ 
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Figure  8.10.  HEAD  DEGRADATION  MULTIPLIER 
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Figure  8.12.  CHOICE  OF  TORQUE  CHARACTERISTIC  CURVES 


Finally,  the  two*phase  head  degradation  multiplier  can  be  obtained  using  Figure  8,10. 
This  value  is  needed  to  determine  the  effective  pump  head  using  Equation  8-11: 

Calculate.PumpJTorque.  The  pump  torque  is  al-'iO  derived  using  the  homologous, 
dimensionless  pump  characteristic  curves  in  the  same  fashion  as  pump  head.  Figure  8.13 
presents  these  data  for  single-phase  pump  torque.  The  data  curves  are  selected  in  the  same 
way  as  in  the  case  of  pump  head,  as  illustrated  in  Figure  8.12.  Two-phase  data  were 
unavailable  for  pump  torque,  therefore  a  value  of  zero  should  be  assumed; 

^2^=0.0  (8-17) 


The  data  for  the  torque  two-phase  degradation  multiplier  are  given  in  Figure  8.14.  This 
value  can  be  used  to  obtain  pump  torque  from  Equation  8-12: 


where  the  subscript indicates  that  this  value  is  the  actual  pump  torque  only  if  the  two-phase 
fluid  has  the  same  density  as  the  rated  pump  fluid.  Otherwise,  the  pump  torque  must  be 
adjusted  to  account  for  the  density  difference  between  the  pumped  fluid  and  the  rated  fluid: 

/3  =  A(p>r).  (8-18) 

Re-Dimensipnalize.  The  values  obtained  for  pump  head  and  torque  are  next 
re-diraensionalized  using  the  rated  values  and  Equations  8-7  and  8-8: 

T  =  ^Tr  and  (8-7) 

H  -  h  Hr  (8*8) 


Calculate  the  Rate  of  Change  in  Pump  Speed.  The  torque  coefficients,  Cf  and  are 
used  to  determine  to  frictional  and  bearing  and  windage  toiques  with  Equations  8-13  and  8-14: 


T-  ^  nini 

Tf  —  Cf  — K.r  *7  -  and 


Tb  =  Cb 


~PTr“ 
Nl  Nl 


(8-13) 

(8-14) 


Finally,  the  rate  of  change  in  pump  speed  is  given  by  Equation  8-15: 


dN  _  -(T-t-T 

ar - 


(8-15) 
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Figure  8.13.  SINGUE^PHASE  TORQUE 
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Figure  8.14.  TORQUE  DEGRADATION  MULTIPLIER 


8-17 


8.4  Validation  of  Design  Methods 


The  design  methods  for  pumps  have  been  validated  by  comparing  calculations  with 
experimental  data  reported  by  Swift  (1982).  These  methods  successfully  predict  two-phase 
operation  in  the  first  quadrant  for  inlet  void  fractions  ranging  from  0  to  0.94. 

The  validation  data  used  were  obtained  from  1/20  scale  pump  testing  performed  at 
Creare.  The  test  program  was  intended  to  improve  understanding  of  pump  two-phase 
phenomena  occurring  in  light  water  reactors  during  a  loss-of-coolant-accidenL  The  actual 
pump  tested  is  a  1/20  scale  model  of  a  primary  coolant  pump  found  in  a  light  water  reactor. 
The  model  pump  operates  at  the  following  rated  conditions: 

Qr=  1.38x10-2  m3/s 

Hr  =  753  N-m/kg 

Nr  =  1885  rad/sec 

Ns -  1.54  (4200  rpm-gpm0'5-ft.-o-75) 

A  schematic  of  the  pump  test  facility  is  shown  as  Figure  8.15.  In  performing  the 
transient  tests,  initial  pump  operating  conditions  were  set  and  allowed  to  stabilize.  The 
blowdown  valve  was  then  opened  at  the  same  time  that  the  pump  return  line  was  closed.  This 
converted  the  system  from  a  closed,  recirculating  loop  to  an  open  loop  discharging  to 
atmosphere  through  the  blowdown  orifice.  Operating  conditions  were  not  changed  once  the 
transient  was  initiated. 

Figure  8.16  shows  the  results  of  the  system  transient  along  with  the  predicted  pump 
performance.  Pump  inlet  void  fraction  is  shown  as  well.  The  pump  characteristic  data  used 
for  this  comparison  were  also  from  the  LOFT  pump.  Characteristic  data  for  Uiis  pump  were 
presented  in  the  preceding  sections.  This  pump  operates  at  the  following  rated  conditions: 

Qr  ==0.315  m3/sec 

H,  =  942  N-m/kg 

Nf  =  370  rad/sec 

Ns  =  1.22  (3300  rpm  gpmO-  5  fi,^.  75) 


The  specific  speeds,  Nj,  for  these  two  pumps  are  somewhat  different,  however  the  data 
comparison  against  actual  pump  head  is  quite  good.  Unfortunately,  test  data  were  unavailable 
foi  pump  hydraulic  torque  from  these  tests.  This  validation  task  underscores  the  difficulty  in 
obtaining  pump  characteristic  data.  The  greatest  handicap  in  the  use  of  these  methods  is 
obtaining  pump  operating  data  for  all  four  quadrants  for  both  single-  and  two-phase  pump 
characteristics. 
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EPRI/CREARR  TWO- PHASE  PUMP  TEST  FACILITY 
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Figure  8.16.  COMPARISON  OF  PREDICTED  RESULTS  WITH  TEST  D.\TA  FOR  PUMP  HEAD 
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APPENDIX  A  FLUID  PROPERTY  ROUTINES 


A.1  Introduction 

The  various  pieces  of  software  developed  under  this  program  all  share  a  common  set  of 
fluid  property  routines.  These  routines  are  based  upon  work  performed  by  the  Design  Institute 
for  Physical  Property  Data  (DIPPR).  (See  Daubert  &  Danner,  1984;  NIST,  1990.)  This  data 
compilation  includes  constant  properties  for  a  fluid  (molecular  weight,  gas  constant,  critical 
temperature  and  pressure)  as  well  as  coefficients  for  determining  temi^rature  dependent 
thermodynamic  and  transport  properties.  These  coefficients  are  used  in  a  set  of  standard 
equations  to  calculate  the  required  properties. 


A.2  Use  of  the  DEPPR  Routines 

Prior  to  accessing  any  of  the  fluid  property  functions,  the  coefficients  fcr  the  fluid  of 
interest  must  first  be  read  into  the  program  and  placed  in  COMMON  blocks  for  passing  to  the 
actual  property  functions.  This  is  done  by  calling  the  subroutine  READPR.  This  subroutine 
takes  an  integer  argument  specifying  the  fluid  to  be  used.  Table  A.1  outlines  the  available 
fluids,  their  corresponding  data  file  name  and  the  integer  value  to  be  passed  to  READPR. 

The  data  files  listed  in  Table  A 1  contain  some  constant  fluid  properties  as  well  as  the 
coefficients  used  in  determining  the  temperature  dependent  properties.  Table  A.2  shows  the 
format  of  a  fluid  data  file.  Note  that  the  annotations  are  not  part  of  the  file.  The  actual  file 
consists  solely  of  the  numbers  shown. 

This  approach  allows  for  easy  expandability  of  the  fluid  properties  package.  Adding  a 
new  fluid  “requires  only  the  creation  of  an  additional  data  file  and  a  minor  change  in  the 
subroutine  READPR  to  attach  an  integer  value  to  the  appropriate  data  file  name. 

The  file  PROPS. FOR  contains  the  functions  which  evaluate  the  fluid  properties,  as  well 
as  the  subroutine  which  returns  the  constant  properties.  The  subroutine  is  accessed  as  follows: 


Tabic  A.l.  AVAILABLE  FLUIDS 


Integer 

Fluid 

Pau  File 

1 

Water 

WATER.DAT 

2 

Freon  R-ll 

Rll.OAT 

3 

Freon  R-12 

R12.DAT 

4 

Ammonia  R-717 

NH3.DAT 

5 

Air 

AIR. DAT 

6 

Freon  R- 1 14 

R114.DAT 

7 

Ethanol 

ETHANOL.DAT 

8 

Toluene 

TOLUENE.DAT 
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Table  A. 2.  FLUID  PROPERn  DATA  FILE  POft  AMiWIA  (NHJ.tMT) 


17,031, 

3.S430E+00, 

9.04S1E+01, 

3.0094E+06, 

3.3480E+04. 

-6.7430B+00, 

4.18S5E.08. 

9.12(30B-02. 

1.S600E-02, 

1. 1606E+00, 
3.1S23E+07. 

488.1862, 

2.5471E-01, 

•4.6690E+03, 

•4.3692E+04, 

4,8200E+04, 

S.9830E+02. 

9. 80608-01, 
1.1028E+00. 
■1.9900E+01, 
■2.2840E-03. 
3.9140B-01. 

405.65, 

4.0565E+O2, 

■1.1601E+01, 

2.4114E+02, 

9.5189E+02, 

•7.3410B-01, 

3.0800E+01, 

O.OOOOE+OO, 

-S.OSOOE+06, 

O.OOOOE+00. 

-2.2890E-01, 

1.1273E+07 
2.8870B-01, 
1.7183B-02, 
•S.8560E-01. 
■3, 01 008+04, 
-3.6900E-2?, 
O.OOOOE+00. 
O.OOOOE+00. 
-2.5330E+18, 
O.OOOOE+OO, 
2.3090E-01, 

- 

l.OOOOE+OO, 

5,2953B-04, 

1.0560E+03, 

l.OOOOE+01. 

O.OOOOE+OO, 

3.8700E+20. 

O.OOOOE+OO, 

O.OOOOE+OO. 

195.41, 

195.41, 

195.41, 
100.00, 

195.41, 
195.41, 
195.41, 
200.00, 
220.05, 
195.41, 

405.65 

405.65 

385.15 
1500.00 

393.15 
1000.00 

405.65 

700.00 

400.05 

405.65 

Liquid  Density 

Sai.  Press. 

Liquid  Cp 

Vapor  Cp 

Llq.  Vise. 

Gas  Vise. 

Surf.  Tens. 

Gas  Dens. 

Liq  Cond. 

Latent  Heat 

A 

B 

C 

0 

E  1 

Tea* 

ProDCrtv 

Coefficients  (A-E) 


Range 


CAL' .  GETViAi.  (MW.RG.TCR1T.PCRIT) 
where: 

MW  Molecular  Weight  (kg/kg-mole) 

RG  Gas  Constant  (J/kg-K) 

TCRTT  Critical  Temperature  (K) 

PCRIT  Critical  Pressure  (Pa) 


A.3  Error  Trapping  and  Handling 

All  of  the  functions  and  subroutines  found  within  the  property  routines  contain  some 
checking  for  errors.  In  general  this  assures  that  the  inputs  received  by  the  function  are  valid. 
There  are  a  number  of  enor  conditions  which  all  or  many  of  the  functions  check.  These 
conditions  will  first  be  outlined.  This  is  followed  by  a  discussion  of  each  function  and  any 
error  conditions  wb'ch  apply  to  it, 


A.3.1  General  Error  Messages 

Each  of  the  functions  in  the  file  PROPS.FOR  first  checks  to  see  if  the  input  value  of 
temperature  is  within  the  range  of  the  fit  for  the  given  property  and  fluid.  A  list  of  these 
temperature  limitations  is  given  in  Table  A.3.  If  the  input  temperature  is  outside  of  those 
limits  the  error  message: 

***  Temperature  out  of  range  in  FUNCTION,  T  =  <value> 

where  FUNCTION  is  the  name  of  the  individual  function  (e.g.,  DENSF,  VISCG...)  and  value 
is  the  value  of  temperature  input.  If  this  occurs,  the  evaluation  of  the  property  function  is 
allowed  to  proceed;  however,  the  user  should  be  aware  that  the  actual  value  calculated  may  be 
inaccurate  in  tliat  case. 
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Table  A.3.  VALID  mffERAItmE  RANGES  OP  FLUID  I>RQP£RTY  COftmjMIUNS 


Fluid 


Water 

1  R-ll 

273.16 

SC6.00 

B 

323.64 

3236.4 

235.60 

2356.0 

273.15 

560.00 

162.04 

365.00 

100.00 

1500.0 

88.71 

1500.0 

273. 16 

162.04 

3.16  162.04  115.15  195.41 
7.13  471.20  384.95  405.65 


273.16  162.04  115.15  195.41 
647.13  471.20  384.95  405.65 


273.1 

IS 

643. 1 

15 

273,1 

15 

633.1 

15 

273.1 

16 

647.1 

13 

.15  250.00  1  195.41  80.00 

.97  575.00  1000.0  2000.0 


170.00  170.00 


170.00  150.00 


115.15  195.41 

384.95  405.65 


All  of  the  functions  which  calculate  liquid  properties  (DENSF,  SPHTF,  SURTEN, 
VISCF  and  TCONDF)  include  a  check  to  insure  that  the  input  temperature  is  less  than  or  equal 
to  the  critical  temperature  of  the  fluid.  If  the  temperature  is  above  that  limit  at  which  liquid 
can  not  exist,  the  message: 

***  Liquid  phase  does  not  exist  at  this  temperature  *** 

T  =  <value>,  T  critical  =  <value> 

is  printed.  The  function  is  assigned  a  value  of  -I.  and  control  is  returned  to  the  calling  routine. 
The  routine  which  called  the  function  can  then  check  for  this  condition. 
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List  of  Routines  and  Speciflc  Errors 


The  subroutine  READER  (IFLUID)  reads  in  the  coefficients  for  each  fluid.  It  includes 
a  check  for  existing  fluid  codes.  If  the  input  integer  is  not  valid,  it  is  assigned  a  value  of  - 1 
and  control  is  returned  to  the  calling  routine.  Currently,  valid  fluid  codes  are  the  integers  1-8 
inclusive. 
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Liquid  Density.  The  function  DENSF  (T)  evaluates  the  liquid  density  using  an 
equation  of  the  form: 

DENSF  ^  [A/B**(1.+(1.-T/C)**D)]  x  MW  (A-1) 

Temperature  is  input  in  degrees  Kelvin,  and  the  density  is  returned  in  kg/ra3.  In  addition  to 
checking  for  temj^rature  within  the  range  of  the  fit.  DENSF  checks  to  see  that  the  input 
temperature  is  less  than  the  critical  temperature. 

Gas  Density.  The  function  DENSG  (T,P)  calculates  the  gas  density  using  the  second 
virial  coefficient  in  the  equation  of  state.  This  is  expressed  as  the  quadratic 

DENSG  =  (-1.4-SQRT(1.+4.*VIR2’*P/(RG*T)))/(2.*V1R2)  (A=2) 

The  second  virial  coefficient,  V1R2,  has  been  fit  using  the  equation: 

V1R2  =  A  +  B/T  +  OT**3  +  D/T**8  +  FJT**9  (A-3) 

This  function  takes  both  pressure  (Pa)  and  temperature  (K)  as  arguments  and  returns  the  gas 
density  in  kg/m^.  A  number  of  error  conditions  are  considered  in  this  function.  Fu-st,  if  the 
temperature  is  less  dian  the  critical  temperature  a  check  is  made  to  ascertain  that  the  gas  phase 
does  exist  If  the  input  pressure  is  greater  than  the  saturation  pressure  then  the  message: 

Gas  phase  does  not  exist  at  this  pressure  *** 

P  =  <value>,  Psat  =  <:valuei> 

is  printed  and  the  function  is  assigned  a  value  of  -1.  The  function  next  checks  to  see  if  the 
ideal  gas  law  will  be  used  or  if  the  second  virial  coefficient  is  to  be  included  in  the  equation  of 
state.  The  ideal  gas  law  is  u:  (*'1  if  the  value  of  the  discriminant  in  the  above  quadratic  is  less 
than  zero  or  if  the  input  temperature  is  outside  of  the  range  of  the  fit  for  the  virial  coefficient. 
Typically,  tliis  will  produce  the  message: 

***  Ideal  gas  law  used  for  gas  density  *** 

However,  in  the  special  case  where  the  temperature  is  close  to  the  critical  temperature  (0.9  < 
T/Tcrit  <  1.05)  the  message: 

**’*'  WARNING:  Ideal  gas  law  being  used  *•* 

*•*  Inaccurate  for  T  close  to  T  critical  *** 

T  =  <value>,  T  critical  =  <value> 

is  displayed.  For  most  temperatures  outside  of  this  range,  the  ideal  gas  law  should  provide  an 
accurate  value  for  the  gas  density. 

Liquid  Specific  Heat.  The  liquid  specific  heal  in  the  function  SPHTF  (T)  is  given  by 
the  equation: 

SPHTF  =  [A  +  B*T  +  C*T**2  -t-  D*T**3  +  E*T*M]  /  MW  (A-4) 

Temperature  is  input  in  degrees  Kelvin,  and  the  specific  heat  is  returned  in  J/kg-K.  This 
function  checks  for  temperature  within  bounds  and  less  than  the  critical  temperature  of  the 
fluid. 
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Qas  gpecific^Heat.  The  gas  specific  heat  in  the  function  SPHTG  (T)  is  calculated  as: 

SPHTG  =  [A  +  B*((C/T)/SINH(C7D)**2  +  D*((E/T)/COSH(En’))**2]  /  MW  (A-5) 

Again,  temperature  is  input  in  degrees  Kelvin,  and  specific  heat  has  units  of  J/kg-K.  This 
function  checks  only  for  temperature  within  the  range  of  the  fit. 

Latent  Heat  of  Vaporization.  The  latent  heat  of  vaporization  in  the  function 
ENTHFG  (T)  is  calculated  using  the  equation: 

ENTHFG  =  [A*(1.*TR)**(B+C*TR+D*TR**»2+E*TR**3)1  /  MW  (A-6) 


The  reduced  temperature,  TR,  is  equivalent  to  the  input  temperature  (K)  divided  by  the  critical 
temperature.  The  result  has  units  of  J/kg.  In  addition  to  checking  for  temperature  within  the 
bounds  of  the  fit,  this  function  checks  to  see  if  the  temperature  is  greater  than  the  critical 
temperature.  The  message: 

Liquid-vapor  transition  not  possible  at  tliis  temp 
T  =  <value>,  T  critical  =  <rvalue> 

is  printed  if  that  is  the  case.  The  function  is  assigned  a  value  of  -1. 

Surface  Tension.  Surface  tension  at  the  liquid/vapor  interface  is  expressed  by  the 
function  SURTEN  (T)  as: 

SURTEN  =  A*(1.-TR)**(B-k:*TR+D*TR**2+E*TR**3)  (A-7) 

The  reduced  temperature,  TR,  is  equal  to  T/Tcn,.  Temperature  is  input  in  degrees  Kelvin,  and 
surface  tension  is  returned  with  units  of  N/m.  This  function  checks  for  temperature  both 
within  the  range  of  the  fit  and  less  than  tlic  critical  temperature.  In  addition,  SURTEN  checks 
for  the  fluid  code  for  air.  A  fit  does  not  exist  for  this  fluid  due  to  a  lack  of  data.  The 
message: 

***  Surface  tension  unavailable  for  air  *** 

is  printed  and  a  value  of  -1  is  returned  to  the  calling  routine  if  surface  tension  is  requested  for 
air. 


Gas  Viscosity.  The  gas  viscosity  is  calculated  in  the  function  VlSCG  (T)  using  the 
equation: 


VISCG  =  A*T**B/(1.+C/T+D/T**2) 


(A-8) 


Viscosity  is  given  in  kg/m-s  with  temperature  specified  in  degrees  Kelvin.  This  function 
checks  for  temperature  within  the  range  of  the  fit. 

Liquid  Viscosity.  Liquid  viscosity  is  specified  VISCF  (T)  as: 


VISCF  =  EXP(A  +  BA-  +  C*ALOG(T)  +  D*T**£) 


(A-9) 
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Given  temperature  in  degrees  Kelvin,  viscosity  is  returned  with  units  of  kg/m-s.  VISCF 
checks  to  see  that  the  input  temperature  is  both  within  the  range  of  the  fit  and  less  than  the 
critical  temperature. 

Liquid  .Thermal  Conductivity.  The  liquid  thermal  conductivity  is  found  by  the  function 
TCONDF  (T)  using  the  equation: 

TCONDF  s  A  +  B*T  +  C*T**2  +  D*T**3  +  E*T**4  (A- 10) 

It  is  given  in  W/ra-K,  and  temperature  is  input  in  degrees  Kelvin.  This  function  traps  for 
temperature  outside  the  range  of  the  fit  or  greater  than  the  critical  temperature. 

Saturation  Pressure.  The  saturation  pressure  of  the  fluid  is  given  in  the  function 
PSCALC  (T)  by  the  equation; 

PSCALC  s:  EXP(A+BA'-K:*AL0G(T)+D*T**E)  (A-1  1) 

Temperature  is  input  in  degrees  Kelvin,  and  pressure  is  returned  in  Pascals.  PSCALC  looks  to 
see  that  the  input  temperature  is  within  the  range  of  the  fit  and  less  than  the  critical 
temperature.  If  the  temperamre  is  greater  than  the  critical  temperature,  the  message: 

***  Liquid-vapor  transition  not  possible  at  this  temp  *** 

T  =  <value>,  T  critical  =  <value> 

is  printed  and  a  value  of  -1.0  is  returned  to  the  calling  routine. 

Saturation  Temperature.  The  saturation  temperature  at  a  given  pressure  is  found  in  the 
function  TSCALC  (P)  by  solving  the  equation  shown  above  in  PSCALC  for  temperature.  An 
implementation  of  Newton's  method  of  root  finding  is  used  by  this  routine.  This  routine 
checks  for  temperature  within  the  range  of  the  fit.  It  also  checks  for  pressure  greater  than  the 
critical  pressure.  If  that  is  the  case,  the  message: 

***  Liquid- vapor  transition  not  possible  at  this  pressure 
P  =  cvaluo,  P  critical  =  <value> 

is  printed,  and  the  function  is  assigned  a  value  of  -1.  Pressure  is  input  to  the  function  in 
Pascals,  and  temperature  returned  in  degrees  Kelvin. 


A.4  Validation  of  Curve  Fit  Coefficients 

The  validity  of  these  property  routines  has  been  confirmed  by  comparing  the  results 
with  various  published  sources.  (ASME,  1967;  ASHRAE,  1986,  1989,  Jasper,  1972; 

Mattheson  Gas  Products,  1971;  Reid  &  Smith,  1951;  Starling,  1973;  Vargaftik,  1975)  The 
results  of  these  comparisons  are  shown  as  Figures  A.1  through  A,  10.  Data  from  the  DEPPR 
routines  are  shown  as  solid  lines.  In  some  cases,  the  fit  has  either  been  altered  or  extended  for 
greater  range.  If  this  is  the  case,  the  new  fit  has  been  shown  as  a  dashed  line.  Data  from  the 
various  sources  are  shown  as  symbols  on  the  plots.  A  discussion  of  the  results  for  each  fluid 
property  follows. 


A-6 


Liquid,Density.  With  the  exception  of  water,  all  of  the  fits  (Figure  A.l)  show  good 
agreement  with  published  data.  The  fit  for  water  has  been  extended  to  a  higher  temperature, 
with  some  small  sacrifice  in  accuracy  at  the  low  end  of  the  temperature  range.  The  fit  was 
extended  to  a  temperature  of  506  K,  an  increase  from  the  previous  value  of  333.15  K. 

Gas-Densitv.  The  plot  shown  for  gas  density  (Figure  A.2)  gives  the  density  values  for 
satmation  conditions.  Many  of  these  plots  show  a  problem  as  the  temperature  approaches  the 
critical  value.  The  point  of  discontinuity  on  these  plots  occurs  where  the  routine  switches  over 
to  using  the  ideal  gas  law  when  the  value  of  the  discriminant  in  the  quadratic  equation  used 
becomes  less  than  zero.  As  noted  previously,  the  gas  density  function,  DENSG,  identifies  this 
condition  and  warns  the  user  of  the  potential  inaccui  acies. 

Liquid  Specific  Heat.  Two  of  the  fluorocarboi;  refrigerants.  R-12  and  R-1 14  have  been 
refit  for  this  property  (Figure  A.3).  R‘12  was  refit  in  order  to  increase  the  valid  temperature 
range.  The  reported  values  for  R-1 14  did  not  agree  well  with  published  sources,  thus  a  new  fit 
was  performed  to  better  match  the  available  data. 

Gas  Specific  Heat.  In  general,  these  fits  (Figure  A.4)  showed  good  agreement  with 
data.  The  curve  fit  for  ethanol  was  slightly  modified  in  order  to  better  match  the  data  at  high 
temperatures.  Its  range  was  also  slightly  reduced,  but  is  still  within  the  range  of  most  potential 
uses  (T<  873.15  K). 

Heat  of  Vaporization.  With  the  exception  of  air,  all  fluids  showed  good  agreement 
between  the  DIPPR  results  and  published  sources  (Figure  A.5).  Air  was  refit  in  order  to  better 
match  the  data  at  low  temperatures.  The  range  of  the  fit  was  not  changed. 

Surface-Tension.  For  many  of  the  fluids,  limited  surface  tension  data  were  available 
(Figure  This  fit  does  not  apply  to  air  due  to  the  lack  of  any  data.  Ethanol  was  the  only 
fluid  which  was  refit;  its  range  was  extended  upward  to  higher  temperatures.  The  remaining 
fluids  matched  data  available. 

Gas  Visco.sity.  These  results  showed  good  agreement  with  the  data  (Figure  A. 7).  The 
fit  for  toluene  was  extended  upward  to  higher  temperatures. 

Liquid  Viscosity.  These  results  (Figure  A.8)  also  showed  good  agreement  with  the 
data.  For  this  property,  the  fits  for  both  ethanol  and  toluene  were  redone  in  order  to  include 
higher  temperatures. 

Liquid  Thermal  Conductivity.  For  this  property,  only  the  fits  for  water  and  ammonia 
remain  unchanged  (Figure  A.9).  The  curve  fit  coefficients  were  recalculated  for  R-11,  R-12, 
R-1 14  and  ethanol  in  order  both  to  better  match  the  available  data  and  to  extend  the  range  of 
applicability.  The  coefficients  for  air  and  toluene  were  altered  in  order  to  extend  Uie  range  of 
temperatures. 

Vapor  Pres.sure.  The  check  of  this  function  (Figure  A.  10)  also  serves  to  confirm  the 
validity  of  the  routine  for  calculating  the  saturation  temperature,  as  both  the  coefficients  and 
equations  are  shared  by  the  two  functions.  The  DIPPR  routines  showed  good  agreement  with 
data  for  all  of  the  fluids  considered  here. 
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Figure  A. 10.  VAPOR  PRESSURE 
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